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Abstract

This thesis presents a joint computational and experimental investigation into the
heat transfer to unshrouded turbine blade tips suitable for use in high bypass ratio,
large civil aviation turbofan engines. Both the heat transfer to the blade tip and
the over-tip leakage flow over the blade tip are characterised, as each has a profound
influence on overall engine efficiency.

The study is divided into two sections; in the first, computational simulations of a
very large scale, low speed linear cascade with a flat blade tip were conducted. These
simulations were validated against experimental data collected by Palafox (2006).
A thorough assessment of turbulence models and minimum meshing requirements
was performed. The standard k-w and standard k-e turbulence models significantly
overpredicted the turbulence levels within the tip gap. The other models were very
similar in performance; the SST k-w and realisable k-¢ models were found to be the
most suitable for the flow environment.

The second section documents the development and testing of a novel hybrid blade
tip design, the squealet tip, which seeks to combine the known benefits of winglet
and double squealer tips. The development of the external geometry was performed
primarily through engine-representative CFD simulations at a range of tip gaps from
0.45% to 1.34% blade chord. The squealet tip was found to have a similar aerodynamic
sensitivity to tip clearance as a baseline double squealer tip, with a tip gap efficiency
exchange rate of 2.03, although this was 18% greater than the alternative winglet tip.
The squealet tip displayed higher predicted stage efficiency than the winglet tip over
the majority of the range of tip clearances investigated, however. The overall heat
load was reduced by 14% compared with the winglet tip but increased by 28% over the
double squealer tip, primarily due to the change in wetted surface area. The predicted
local heat transfer coefficients were similar across all geometries. A realistic internal
cooling plenum and an array of blade tip cooling holes were subsequently added to the
squealet tip geometry and the cooling configuration refined by the selective sealing
of cooling holes. Film cooling performance was largely assessed by the predicted



adiabatic wall temperature distributions. A viable cooling scheme which reduced the
cooling air requirement by 38% was achieved, compared to the initial case which had
all cooling holes open. This was associated with just a 7% increase in blade tip heat
flux and no penalty in peak temperature on the blade tip. Film cooling air ejected
from holes on the blade suction side was swept away from the blade tip region, making
the squealet rim at the crown of the blade particularly challenging to cool. It was
demonstrated that this region could be cooled effectively by ballistic cooling from
holes located on the blade tip cavity floor, although this was expensive in terms of
the mass flow rate of cooling air required.

The computational results were reinforced with experimental data collected in a
transonic linear cascade. Downstream aerodynamic loss measurements were taken
for a linearised version of the squealet tip design without cooling at nominal tip
gaps of 0.45%, 0.89% and 1.34% blade chord, which was compared to similar data
taken by O’Dowd (2010) for flat and winglet tips. The squealet was seen to have a
similar aerodynamic loss to the flat tip and a reduced loss compared with the winglet
tip. Full surface heat transfer measurements were taken for the uncooled squealet
tip, at tip gaps of 0.89% and 1.34% blade chord, and for two configurations of the
cooled squealet tip, at a tip clearance of 0.89% blade chord. The qualitative similarity
between the measured heat transfer distributions and the those predicted by the
engine-representative CFD simulations was good. A CFD simulation of the uncooled
linear cascade environment at the 1.34% blade chord tip clearance was performed
using a single blade with translationally periodic boundary conditions. The predicted
size of the over-tip leakage vortex was smaller than had been measured, resulting in a
large underprediction in the magnitude of the downstream area-averaged aerodynamic
loss. The magnitudes of the predicted blade tip Nusselt number distribution were
similar to those produced by the engine-representative CFD simulations and lower
than that measured experimentally. Differences in the shape of the Nusselt number
distribution were observed in the vicinity of regions of separated and reattaching flow,
but other salient features were replicated in the computational data.

The squealet tip has been shown to be a promising, viable unshrouded blade tip
design with an aerodynamic performance similar to the double squealer tip but is
more amenable to film cooling. It is significantly lighter than a winglet tip and incurs
a reduced thermal load. The squealet tip design can now be developed into a blade tip
geometry for use in real engines to provide an alternative to shrouded turbine blades
and current unshrouded blade tip designs. A commercial CFD solver, FLUENT 6.3,
was shown to capture blade tip heat transfer and over-tip leakage flow sufficiently well
to be a useful design guide. However, the sensitivity of the flow structure (and hence,
heat transfer) in the forward part of the blade tip cavity suggests that physical testing
cannot be eliminated from the design process entirely.
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Chapter 1

Introduction

The invention of the gas turbine engine is a relatively recent one, with the first patent
for a jet engine to power an aircraft granted to Guillaume (1922). It was not, however,
until the late-1930s that genuinely successful jet engines were developed by the parallel
efforts of Sir Frank Whittle in Britain and Hans von Ohain in Germany. Although
Whittle (1931) successfully patented his ideas first, the first jet-powered flight was
by a He-178 aeroplane on 27 August 1939, which was powered by the HeS-3 engine
designed by Ohain. The first flight of a Whittle design followed two years later on
15 May 1941, when a Gloster E.28/39 took to the air powered by a Power Jets W.1
turbojet. The increased thrust produced by the jet engine compared to piston engines,
combined with its superior power-to-weight ratio, allowed aircraft to become heavier
and fly higher and faster, ensuring its rapid development and subsequent adoption
in production aeroplanes towards the end of the Second World War. By 1952, the
de Havilland Ghost turbojet engine was powering the first civil jet-powered airliner,
the de Havilland Comet.

In the decades since, air travel and air freight has expanded to become a large,
global industry, powered almost entirely by gas turbine engines. As the industry has
grown in scale and importance, there has been a push towards increasing efficiency,
both for environmental and economic reasons. Turbofan and turboprop engines have
entirely supplanted their turbojet alternatives in civil aviation, providing a sizeable

increase in fuel efficiency and reduction in noise due to their increased propulsive
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(a) Cutaway diagram (b) Production engine

Figure 1.1: Rolls-Royce Trent 900 engine
(Images courtesy of Rolls-Royce plc.)

efficiency. In 1972, Rolls-Royce plc. produced the first three spool turbofan engine to
enter service, the RB-211, which allowed the fan to spin at a slower speed than the
intermediate pressure compressor, realising further efficiency benefits. This three shaft
architecture has been developed into the Trent family of engines, most recently the
Trent XWB (due to enter service in 2013), with each engine building on the knowledge
and understanding gained from the previous designs.

Improvements made to one engine therefore have a wider impact than just to
the engine to which the modifications are applied; design changes continue to be
felt in the subsequent generations, potentially decades later. Moreover, industrial
power-generation and marine power gas turbines are frequently derived directly from
aero-engine designs by the removal of the fan and the fitting of a power take-off
shaft in its place. The Rolls-Royce MT30 marine gas turbine, for instance, is derived
from the Trent 800 that powers the Boeing 777, retaining 80% commonality with its
aero-engine parent; this is illustrated in figure 1.2. Thus, changes made to the core
of an engine will be carried across to many subsequent derivative engines, whether

industrial, marine or aero.
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Aero Trent

MT30

Figure 1.2: Comparison of the Trent 800 aero-engine to the MT30 marine gas turbine
(Image courtesy of Rolls-Royce plc.)

1.1 Joule cycle

The ideal thermodynamic cycle for a gas turbine is the Joule (or Brayton) cycle, shown
on a T~s diagram in figure 1.3. Air is drawn in at atmospheric pressure, p;, and
compressed isentropically to pys. Isobaric combustion then heats the air to T3 before
it is expanded isentropically through the turbines to p4s, extracting work to drive
the compressors. The exhaust gases are then expanded isentropically to pss, either
through a nozzle to accelerate them into a jet to provide thrust, or through a further
set of turbines to extract more work to power the fan. The efficiency of the cycle is
therefore given by the net work output divided by the input heat; i.e.

(h3 — hss) — (has — hy)
cycle — 1.1
77y1 hS_hZS ( )

Since the compression process 1-2s and the expansion process 3—4s—5s are isentropic,
and that p; = pss and pas = ps, assuming ideal gas behaviour (constant ¢, ), the

efficiency becomes
1—v

o v
Teycle = 1-— (17_2) (12)

Y4
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Y

Figure 1.3: Joule cycle

In the case of the ideal, perfectly loss-less cycle, the overall cycle efficiency is
dependent only on %, the Overall Pressure Ratio (OPR). The specific work is given
by

w = (hs — hss) — (has — 1)

) (@) e

The specific work (and hence, specific thrust) is also dependent on OPR, but is

:Cp

additionally increased by increasing 75, the Turbine Entry Temperature (TET). The
expressions in equations 1.2 and 1.3 are derived for the ideal Joule cycle, in which the
compression and expansion are performed isentropically. In reality, there are losses
in the compressors, turbines and nozzle, which are represented by the processes 1-2
and 3-4-5 in figure 1.3. There is also likely to be some pressure drop through the
combustor (Saravanamuttoo et al., 2009), so p3<ps (not shown). When these losses
and non-ideal gas behaviour are taken into account, the cycle efficiency also becomes
dependent on TET. This is illustrated in figure 1.4, where net thrust specific fuel
consumption, which directly reflects overall efficiency, and specific thrust are shown

plotted against TET.
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(a) SFC (b) Specific thrust

Figure 1.4: Effect of TET on SFC and specific thrust
(Reproduced from Rolls-Royce ple. (2005))

Evidently, increasing TET can reduce SFC, which is one of the most important
performance criteria for civil aero-engines. With rising fuel costs, SFC has a huge
impact on the cost of running an engine; it has been estimated that an extra 1%
in SFC can cost as much as US$150,000 per year for a single four-engined aircraft
(Rolls-Royce ple., 2005). The impact of SFC is not solely economic either—a reduction
in fuel burn translates directly into a reduction in COs emissions, which is becoming
increasingly important as environmental concerns gain prominence. There has been a
steady trend in increasing TET and decreasing SFC over the last few decades, as can
be seen in figure 1.5.

It is, however, possible that the SFC benefit derived from TET increases will level
off in the near future. Although a higher TET can reduce COs emissions, it also
increases NO, emissions, so the environmental benefit is not clear-cut. The economic
consideration is not simple either—the cost of nickel and the exotic metals needed
to make the superalloys needed for the turbine blades to withstand extremely high
temperatures has risen steeply in recent years. If these already expensive materials
continue to increase in price, it may eventually work out to be better economically to
make some sacrifice in SFC and accept higher total fuel costs so that TET can be

reduced and turbine vanes and blades can be made from cheaper materials. It is not
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(a) SFC

(b) TET

Figure 1.5: Historical trends in SFC and TET
(Reproduced from Rolls-Royce ple. (2005))

even clear that raising TET further will continue to yield reductions in SFC; Horlock
et al. (2001) performed cycle analyses that included the efficiency penalty incurred by
the increased cooling air requirements needed to run at higher TET and concluded
that the benefit of continuing to increase TET was marginal.

Regardless of whether or not TET continues to increase in the future, it has already
reached extremely high levels. The F135 turbofan engine for example, a military
rather than a civil aero-engine, runs with a TET of 1980°C (Langston, 2007). In this
era of extremely high combustor exit temperatures, the subject of turbine cooling and
the efficient use of the expensive (in terms of impact on cycle efficiency) cooling air

are more critical than ever before.
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1.2 High pressure turbine over-tip leakage flow

The high pressure turbine stage sits immediately downstream of the combustor, bathed
in the hottest flow of the engine outside of the combustor itself. While HP turbine
blades in modern, large civil aviation turbofan engines are made of nickel superalloys
which can survive peak temperatures as high as 1200°C (Pollock and Tin, 2006) without
excessive oxidation or softening, the mainstream flow from the combustor is typically
several hundred degrees hotter; the TET for the newest, large civil aero-engines can
be in excess of 1800°C. This gap is bridged by the combination of thermal barrier
coatings and film-cooling air, which is bled out of cooling holes on the aerofoil surfaces,
removing heat through internal cooling schemes and forming a protective film of cooler
air over the surface of the component.

In modern engines, HP turbine blade tips can travel at speeds as high as 500 ms ™!,
so there is necessarily a small gap between them and the stationary casing that
surrounds the rotor. This gap is typically of the order of 1%-3% blade span (Harvey,
2004) and varies between different phases of flight (e.g. during take-off, cruise or
landing) but cannot ever be entirely eliminated (Hennecke, 1984). Regulating this tip
gap is not a trivial task. Both the rotor assembly and the stator casing expand and
contract as they heat and cool at different rates, while the rotor parts also elongate
with rotor speed, due to the centrifugal stresses. Moreover, there will be some degree
of non-circularity in both sets of parts, plus some installation eccentricity (where the
axes of the rotor and casing do not exactly coincide) to contend with, which will make
the tip gap vary around the circumference. Small axial displacements of the rotor
assembly will affect the tip clearance if the outer annulus line over the tip is haded.
While both active and passive tip clearance control systems are used to minimise the
tip gap throughout the flight cycle and the engine lifetime, it is always a difficult
exercise, and one in which the avoidance of tip rubs (where the blade tip collides
with the casing) must take priority over closing the tip gap to the smallest possible

size. The variation in rotor, casing and tip clearance size during a typical flight cycle



Introduction 8

Figure 1.6: Variation in tip gap during a typical flight cycle
(Reproduced from Halila et al. (1982))

is shown in figure 1.6, both with and without the use of Active Clearance Control
(ACC).

The pressure difference between the pressure side and suction side of the turbine
blade drives an over-tip leakage flow through the tip gap. This flow is not turned
by the blade, so very little work is extracted from it; in fact, the tip may act as a
compressor, with work done on the fluid in this region (Thorpe et al., 2007). Due to
the mismatch in flow angle with the mainstream passage flow, the over-tip leakage
flow wraps into a vortex as it emerges on the suction side, causing a significant loss in
total pressure. This is evidently detrimental to turbine stage efficiency—it has been
estimated that over-tip leakage flow could account for as much as one-third of overall
turbine stage losses (Boyle et al., 1984)—and so the over-tip leakage has a direct and
significant impact on overall SFC.

Aside from the implications on efficiency, the over-tip leakage flow has a serious
impact on heat transfer to the blade tip. The over-tip leakage flow is characterised by

a strong acceleration into the pressure side of the blade, resulting in high speed flow
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Figure 1.7: Near-tip secondary flow structure
(Reproduced from Harvey and Ramsden (2001))

and thin boundary layers within the tip gap (Kwak and Han, 2003a). The sink-like
behaviour of the pressure side of the tip gap draws flow up the pressure side of the
blade, bringing very hot air from smaller radii up to the tip region and surrounding the
blade tip on three sides with extremely high temperature fluid (Mayle and Metzger,
1982). As a result, the blade tips are subjected to very high thermal loading and are
prone to failure by oxidation and burn-out. Temperature gradients across the blade
tip can also induce thermal stresses, leading to cracking. An example of a damaged
unshrouded blade tip removed from service is shown in figure 1.8. Thermal control
at the blade tip is therefore critical to ensure sufficient blade life is achieved and has

made turbine blade tip cooling a priority for gas turbine manufacturers.

1.3 Motivation for the present study

There are two broad approaches for the control of turbine blade over-tip leakage flow
control. The first is to have a shrouded blade tip, which has been the approach that
Rolls-Royce has historically taken with all of its large! civil turbofan aero-engines. With

a shrouded blade, a platform is attached to the blade tip that extends circumferentially

Engines rated at > 350001b (156 kN) maximum thrust.
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Figure 1.8: Damaged unshrouded blade removed from service
(Reproduced from Bunker (2004))

in both directions, as seen in figure 1.9a. These blade tip shrouds extend all the
way to the shrouds of the adjacent blades, to form a contiguous ring at the outer
extremity of the rotor blade set, effectively preventing pressure side-to-suction side
over-tip leakage flow. Knife-edged fins and fences on the outer surface of the shroud
act as labyrinth seals against the stationary casing to minimise over-shroud leakage
flow in the axial direction. Blade tip shrouds provide a number of benefits. They not
only provide excellent sealing of over-tip leakage flow, but can do so over a wide range
of tip gaps. As the outer annulus line is formed by the shroud inner surface, but the
sealing against the leakage flow is performed by the fins and fences on the shroud
outer surface, the outer annulus at the rotor blade may be haded without fear of axial
displacements of the rotor assembly affecting the tip gap. Hading the turbine annulus
in this way can help reduce the overall length of the engine, as a smaller change in
radius is required in the interduct between the HP rotor exit and the IP NGV inlet.

However, blade tip shrouds carry a number of disadvantages as well. They are
relatively heavy, as they extend far from the aerofoil. Since this extra mass is carried
at the outermost radius of the rotor, it increases the centrifugal stress on the rest

of the blade, the disc, which connects the turbine blade set to the shaft, and the
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(a) Shrouded blade tip (b) Unshrouded blade tip
(Reproduced from Rolls-Royce ple. (2005))

Figure 1.9: Comparison of a shrouded to an unshrouded turbine blade tip

fir tree, which attaches the turbine blades to the disc—all of which must then be
made stronger to support this extra load, resulting in an increase in weight of those
components as well. The circumferential extent of each shroud is structurally limited,
so their use could also increase the overall blade count. Increases in blade number
add to the production and maintenance cost of the blade set and can also increase
the overall weight of the engine. Blade tip shrouds have a very large cooling air
requirement as their wetted area is large, which is detrimental to overall efficiency.
Recent years have seen a trend towards higher rotor speeds to decrease blade loading,
which improves turbine efficiency (Saravanamuttoo et al., 2009). As rotor speeds and
TET have increased, blade tip shrouds become increasingly vulnerable to “shroud

curl”, where the corners of the shroud curl outwards under load and rub against the



Introduction 12

casing, and are increasingly seen as a less attractive option as a way of controlling
over-tip leakage for the HP turbine blade.

The alternative is to have an unshrouded blade. Without a shroud, there is a direct
leakage path between the pressure side and suction side of each aerofoil, so over-tip
leakage flow is much larger for unshrouded blades than for shrouded ones. Because of
the reduced sealing capability, unshrouded blade tips are less aerodynamically efficient
at typical tip gaps that can currently be maintained in real engines. However, the
efficiency penalty incurred by the increase in over-tip leakage mass flow rate is partly
offset by the reduction in weight and cooling requirements. The major disadvantage
of unshrouded blade tips is that they are much more sensitive to changes in tip gap
than shrouded blade tips are, so their performance will decrease over the lifetime of
the engine as material is lost from the blade tip by erosion, corrosion and through tip
rubs. Heat transfer to the over-tip casing is also higher with unshrouded blades, so a

more aggressive cooling design is required for the casing liner.

1.4 Aims and objectives of the present study

The study presented in this thesis focuses on the unshrouded blade tip. In the UK,
there is limited experience in the design of unshrouded blade tips in aero-engines;
for example, within Rolls-Royce these have been used only for a few military and
small civil aero-engines. If rotor speeds and TET continue to increase, unshrouded
blade tips will inevitably become a necessity and this study seeks to develop their
understanding and design.

The current research is divided into two separate, but related, pieces of work. The
first is a computational study that investigates the methodology requirements for
the high-fidelity simulation of over-tip leakage flow and heat transfer in a low speed,
incompressible flow environment. The main objective of this part of the study is to

assess the capability of the commercial solver FLUENT 6.3 and its various turbulence
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models to predict the flow around and heat transfer to a representative model of an
HP turbine blade with a flat tip. By doing this, the simulation of other low speed
experimental studies will be aided, allowing reliable CFD simulations to be performed
to supplement the experimental programme and thus to enhance the understanding of
the flow fields and mechanisms in ways not possible experimentally.

The second part of the study is much larger and concerns the development of a
new, hybrid unshrouded blade tip design that can realise the benefits of two separate
existing designs. This section has both computational and experimental threads that
seek to introduce the new tip concept, demonstrate its potential and develop it into a
viable candidate for subsequent development towards implementation in a real engine.
The aim is not to produce a finished, engine-ready blade tip design, but rather to
deliver a concept ready for an engine programme to develop into a finished design.
Both heat transfer and aerodynamic performance are extremely important in the
design of any component in the main gas path of an engine, but these two strands are
extremely difficult to couple and develop simultaneously. The focus of this study is
therefore chosen primarily to be heat transfer, but aerodynamics cannot be disregarded
entirely. The new blade tip should therefore exhibit enhanced thermal performance (e.g.
through a reduced cooling air requirement) and acceptable aerodynamic performance

(i.e. comparable to currently available alternative unshrouded blade tip designs).

1.5 Dimensional analysis for aero-thermal scaling

In order to achieve similarity between a model, whether experimental or numerical,
and the conditions found in a real engine, the governing non-dimensional parameters
must be identified and matched. The present study concerns both the aerodynamic
performance of a turbine blade row and the heat transfer into the turbine blade
tips. Assuming geometric similarity between the model and the real engine, the

aerodynamics of the turbine blade row are primarily governed by 13 variables, to
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v Ratio of specific heats -]
n  Efficiency -]
g Dynamic viscosity [ML~'T1]
p  Density [ML™3]
¢,  Specific heat capacity at constant pressure [L*T—207]
h  Heat transfer coefficient MT—3071]
k Thermal conductivity [MLT 207 !]
[ Characteristic length (L]
m  Mass flow rate MT~Y
N Rotor speed [T
po  Exit static pressure [ML~1T?]
poi  Inlet total pressure [ML~1T?]
R Specific gas constant [L2T2071]
AT, Total temperature drop [©]
To;  Inlet total temperature (O]
T  Gas temperature O]
T,  Wall temperature [©]
u  Flow velocity LT

Table 1.1: Main governing variables for turbine aero-thermal performance

which a further 5 are added when heat transfer is investigated. These 18 variables are
listed in table 1.1.
Incorporating the equations

cp=——"R (1.4)

and

m = pul® (1.5)

there remain 16 independent variables in four dimensions. Applying the II theorem
(Buckingham, 1914), these variables may be reduced to 12 dimensionless groups which,
if matched, ensure similarity between the model and the real engine environment is
achieved. Selecting appropriate non-repeating variables and arranging them into the

common forms of the dimensionless groups, the following relationship is obtained.

my/ RTp; ATOﬂ_f( Cplt p_ul U Poi NI z u? ) (1.6)
Pl Ty kT "k o ART po JRTy Ty cp(T —Ty) ‘
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Correct aerothermal scaling will therefore be achieved if the dimensionless groups
on the right hand side of equation 1.6 are matched. The first two, v and Prandtl
number, are approximately matched if air is used as the test gas, although a small
correction for the dependence on temperature may need to be applied in the case of ~.
Full aerodynamic similarity requires that Reynolds number, Mach number, pressure
ratio and specific speed are matched between the engine environment and the model.
For similarity in heat transfer, gas-to-wall temperature ratio and Eckert number must
additionally be matched or corrected for. Empirical correlations for the effect of
gas-to-wall temperature ratio have been suggested by several previous studies, which
allow discrepancies in gas-to-wall temperature ratio to be accounted for; the available
correlations are summarised in Abu Talib (2003). Incorporating the ideal gas law,

Eckert number may be written as

u

Ec = CP(T—iTW) =(y—1) (T TTW> M? (1.7)

reducing it to a function of v, Mach number and gas-to-wall temperature. Hence,

providing that v and Mach number are matched, these correlations also simultaneously

correct for discrepancies in Eckert number.

1.6 Outline of thesis

Chapter 2 contains a literature review, giving a relatively brief overview of the research
into turbine blade over-tip leakage flow and heat transfer that has been published in
the open literature. It would be impossible to produce an exhaustive review of all
studies in this subject, and this is not intended to be a comprehensive survey; rather
it seeks to highlight salient pieces of research that together form a representative
view of the overall field. Chapter 3 presents the low speed portion of the study. It
is an exercise in CFD validation, performed using data from Palafox (2006) taken

from a large scale linear cascade run at a tip gap of 1.5% blade chord. The flow in



Introduction 16

this linear cascade, and hence in the CFD simulations presented in this chapter, is
at sufficiently low speed to be considered incompressible. The use of wall functions
is tested and six turbulence models are assessed. Chapter 4 introduces the new,
hybrid blade tip concept, the squealet tip. Its aerodynamic and thermal performance
is assessed by the use of engine-representative CFD simulations at a range of tip
gaps from 0.45% to 1.34% blade chord and compared against double squealer and
winglet tip geometries. These simulations are performed using realistic pressure and
temperature boundary conditions at real engine scale, so the flow regime is transonic
and compressible. Chapter 5 continues the development of the squealet tip concept by
the addition of film cooling. Further high speed, compressible CFD simulations are
performed, this time focusing on a single tip gap of 0.89% blade chord. Several design
variants are considered on the basis of the results of the simulations using the author’s
engineering judgement to refine the cooling configuration. Chapter 6 describes the
experimental portion of the study, where the squealet tip is tested in the High Speed
Linear Cascade, a 1.9x scale blowdown facility. Aerodynamic measurements with an
uncooled version of the squealet tip are taken to measure the aerodynamic loss of
the tip geometry at tip gaps of 0.45%, 0.89% and 1.34% blade chord. Heat transfer
coefficient distributions over the uncooled blade tip are inferred from temperature
measurements using IR thermography at tip gaps of 0.89% and 1.34% blade chord.
Heat transfer coefficient and adiabatic wall temperature distributions are also reported
for two cooling configurations of the film-cooled blade tip. Finally, chapter 7 provides
a summary of the entire body of work and lists suggestions for the continuation of the
study.

The research described in chapter 3 has been published as Tang et al. (2010).
The squealet tip concept developed in chapters 4, 5 and 6 has been patented by
Rolls-Royce ple. as Cheong and Diamond (2010).
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Literature Review

The study of over-tip leakage flow and the associated heat transfer dates back to
the mid-1950s with the studies of Rains (1954) and Allen and Kofskey (1955). Since
that time, the field has grown to become an extremely important and widely studied
subject. There are already several excellent literature reviews on the topic available;
this chapter is intended to highlight pieces of research that are particularly relevant
to the present study and to help contextualise it. Readers seeking to build a more
complete catalogue of the published research in the field are directed also to consult
the literature surveys of Sunden and Xie (2010), O’'Dowd (2010), Palafox (2006) and
Bunker (2001).

2.1 Experimental studies using simple models

The early flow study of Rains (1954) used a simple, 2D model that was intended to be
representative of the tip section rather than an actual aerofoil section to study the flow
structure in the tip gap. The use of such idealised models allows for well-conditioned
experimental setups that permit fine, independent control of variables. Moreover,
their simplicity makes instrumentation easier and can improve the spatial resolution
of the collected data; thus, simple 2D approaches have continued to be taken in
the subsequent decades by some researchers, for example, Wadia and Booth (1982),

Chyu et al. (1989) and Sjolander and Cao (1995). Although these extremely idealised
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experimental rigs are still occasionally used today, most recently by Krishnababu et al.
(2009), they have largely been superceded by linear cascades, annular cascades and
rotating rigs, which are significantly more realistic and thus better suited to replicate
the complex, 3D flow found in the near-tip region. Studies performed in idealised rigs

will therefore largely be disregarded in this brief overview of the open literature.

2.2 Flat tips

The simplest and most widely studied unshrouded blade tip geometry is the flat blade
tip. It is not, however, generally considered a viable option for modern aero-engine
turbine blades because of its poor performance, both aerodynamically and thermally,
relative to alternative designs. Nevertheless, there has been a lot of research done using
flat tip geometries and it remains a popular baseline case against which alternatives
can be compared.

Early studies, such as those of Moore and Tilton (1988), Yaras et al. (1989) and
Heyes et al. (1992) focused on developing models for the aerodynamic loss caused by
over-tip leakage flow, primarily using data collected in low speed linear cascades. While
these studies gradually developed the picture of over-tip leakage flow structure, it was
not until the computational study of Ameri and Steinthorsson (1995) that the full flow
structure around the near-tip region became clear. They performed CFD simulations
on the space shuttle main engine HP fuel side turbine blade, running them at a tip
clearance of 2% blade span. Their flow visualisation, shown in figure 2.1a, shows the
formation of a separation bubble over the pressure side edge of the blade tip and
the subsequent reattachment of the over-tip leakage flow on to the blade tip surface.
The over-tip leakage flow then forms a vortex on the suction side of the blade as it
interacts with the mainstream passage flow. The predicted mid-gap velocity vectors
in figure 2.1b show the direction of the over-tip leakage flow. It is predominantly

parallel to the camber line in the forward part of the blade and almost perpendicular
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(a) Pathlines (b) Mid-gap velocity vectors

Figure 2.1: Over-tip leakage flow structure for a flat blade tip
(Reproduced from Ameri and Steinthorsson (1995))

to the camber line in the aft portion. More recent investigations have continued to
fill in extra detail, but the general picture of over-tip leakage flow structure remains
unchanged.

An aspect of turbine blade tip aerodynamics of particular interest is the variation
of stage efficiency with increasing tip gap. This is especially important not only
because the tip clearance varies between different stages of a flight cycle, but because
it generally increases over the lifetime of an engine as material is eroded from the
blade tip and casing liner. The sensitivity of the blade tip geometry to tip clearance
size is normally quoted as the tip gap efficiency exchange rate, which is defined as
Anst

Ag
H

Tip gap efficiency exchange rate = (2.1)

Q

By considering the entropy generated by the over-tip leakage flow mixing with the
mainstream flow on the suction side, Denton (1993) concluded that typical unshrouded
turbine blades would give tip gap efficiency exchange rates in the range 2.0-3.0, with

higher values for rotors with larger stage loading coefficient, 1. Measurements taken
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(a) Reproduced from (b) Reproduced from Harvey (2004)
Hourmouziadis and
Albrecht (1987)

Figure 2.2: Tip gap efficiency exchange rates from various studies

from a wide variety of studies have shown that unshrouded turbine blades typically
have tip gap efficiency exchange rates close to 2.0, as can be seen in the two summaries
shown in figure 2.2. The desensitisation of the blade tip to reduce the tip gap efficiency
exchange rate, whilst also maintaining an acceptable turbine stage efficiency, is a key
target of the design process and this parameter is an important metric of blade tip

aerodynamic performance.

2.2.1 Low speed! heat transfer

The full surface heat transfer coefficient distribution on a flat blade tip in a low speed
environment was first measured by Bunker et al. (2000) in a two passage linear cascade.
This study was shortly followed by Azad et al. (2000b) and Teng et al. (2001), who

used a transient liquid crystal technique in a 3x scale, four passage linear cascade

'The term “low speed” is inherently subjective. In this context, it is implicitly defined to include
any flow regimes that cannot capture shock waves and their associated effects on aerodynamics and
heat-transfer; i.e. regimes that are subsonic rather than transonic. There are therefore experimental
rigs that operate in compressible flow regimes but are still included in the “low speed” category, such
as the linear cascade of Azad et al. (2000b), which has an exit Mach number of 0.59, or the Azial
Flow Turbine Research Facility (AFTRF) used in Dey and Camci (2001), which has an exit Mach
number of 0.24.
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(a) Flat tip (b) Double squealer tip
(Reproduced from Azad et al. (2000b)) (Reproduced from Azad et al. (2000a))

Figure 2.3: Heat transfer coefficient distributions on flat and double squealer tips
(NB: Scales are different)

also to measure flat tip heat transfer coefficient distributions. Their results, shown in
figure 2.3a, show a large area of low heat transfer in the forward part of the blade,
dubbed the “sweet spot” by Bunker et al. (2000), with much higher heat transfer
coefficients further towards the trailing edge. As tip clearance is increased, the heat
transfer coefficients in the sweet spot are seen to decrease still further and the high
heat transfer coefficients are elevated. Numerical simulations of these experiments
by Ameri and Bunker (2000) and Yang et al. (2002a) showed that the separation
of the over-tip leakage flow over the sharp pressure side edge and the associated
reattachment on to the blade tip surface was a major contributing factor to the very
high heat transfer coefficients seen close to the pressure side edge. The footprint of
the separation bubble is not itself visible in the experimental data as the separation
bubble is short; however, the extremely large scale of the linear cascade used in the
study of Palafox (2006) and Palafox et al. (2012), which had a blade chord of 1m,
enabled an unprecedented spatial resolution of the data and the line of peak heat

transfer can clearly be seen to be separated from the pressure side edge.
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The heat transfer distribution to a flat blade tip at low speed has been measured
experimentally and simulated numerically many times, with each result exhibiting the
same key features observed in the first studies of Bunker and Bailey (2000) and Azad
et al. (2000b). However, the recent studies of Wheeler et al. (2011a), O’Dowd (2010)
and Zhang et al. (2011b) have uncovered fundamental discrepancies in the thermal
behaviour of a flat tip at subsonic and transonic speeds, which cast doubt on the
findings of these studies run at low speed. These differences are discussed in detail in

section 2.6.

2.2.2 Control of over-tip leakage flow and heat transfer

Some attempts have been made to improve the performance of flat blade tips. One
technique that has been applied several times by various researchers is that of leaning
the blade tip in the circumferential direction to reduce near-tip aerodynamic loading
and hence curtail the pressure difference that drives the over-tip leakage flow. King-
combe and Steeden (1991) performed a computational design study and subsequently
evaluated the resultant design in a cold flow, rotating turbine rig. The blade tip was
leant by 47° away from the blade pressure side to minimise the pressure difference
across the tip. The near-tip efficiency was significantly improved by the new design,
but no overall improvement in turbine efficiency was measured, as this improvement
was offset by worse performance closer to the hub. Staubach et al. (1996), as reported
in Harvey (2004), also tested turbine blades with leant tips. The best geometry gave a
40% reduction in tip gap efficiency exchange rate, showing significant desensitisation
of the blade tip to changes in tip clearance. It should be noted, however, that although
blade tip lean has been shown to be an effective way of off-loading the tip region
aerodynamically, it poses significant problems from a mechanical perspective.

Dey and Camci (2000), Rao and Camci (2004a), Rao and Camci (2004b) and
Rao and Camci (2004c) investigated the possibility of improving sealing in the tip

clearance by injecting air from a series of trenched cooling holes in the blade tip
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surface. Using a rotating turbine rig at tip clearances of 0.72% and 1.4% blade span,
they demonstrated that the pressure loss associated with the over-tip leakage vortex
could be substantially reduced by the application of cooling air.

Behr et al. (2007) and Mischo et al. (2007) considered a similar idea, but with
cooling air delivered through discrete holes located in the stationary over-tip casing
rather than the rotating blade tip. Through a joint computational and experimental
programme using a rotating turbine rig, a 0.55% increase in stage efficiency was
achieved. The over-tip leakage mass flow rate was reduced by approximately 11% by
the use of casing ejection and the size of both the over-tip leakage and the passage
vortices were reduced. As the cooling air was introduced from a stationary component,
the flow over the blade tip was inherently unsteady and a fluctuation in over-tip
leakage mass flow rate with a magnitude of 1.4% was predicted.

Van Ness et al. (2006) and Van Ness et al. (2008) made a novel attempt at reducing
heat transfer to flat blade tips. Instead of trying to minimise the over-tip leakage mass
flow rate, they chose to eliminate the separation bubble at the pressure side edge,
thereby also suppressing the associated reattachment. By using a plasma actuator
embedded in the blade tip, shown in figure 2.4, the flow over the blade tip was
intentionally accelerated to produce a wall jet over the blade tip surface. This both
prevented the formation of the separation bubble on the blade tip and pushed the
over-tip leakage vortex further into the passage away from the blade. The aerodynamic

loss was also reduced, with a decrease in strength of the over-tip leakage vortex.

2.3 Double squealer tips

Squealer tips are flat blade tips with one or more thin rims that extend radially
outwards from the flat surface, with the sealing of over-tip leakage flow performed
between the squealer rim and the over-tip casing. They are lighter than flat blade

tips and have the additional benefit that the risk of catastrophic failure in the event



Literature Review 24

(a) Schematic of plasma actuator (b) Plasma actuator mounted in test blade

Figure 2.4: Plasma actuator active flow control device
(Reproduced from Van Ness et al. (2008))

of a tip rub is reduced. A wide range of different squealer tip variants have been
tested; figure 2.5 provides some idea of the breadth of the spectrum of squealer tip
geometries that have been tried by various researchers. However, one consistent theme
that pervades the research into squealer tips is the general conclusion that the double
squealer tip geometry provides the best overall aero-thermal performance. In the
interests of brevity and relevance, only research into double squealer tip designs will
be discussed in this section. For the interested reader, studies that have considered
alternative squealer tip designs include Bunker and Bailey (2000), Ameri (2001),
Acharya et al. (2003), Camci et al. (2003), Kwak et al. (2003), Saxena and Ekkad
(2004), Saxena et al. (2004), Nasir (2004), Nasir et al. (2004b), Newton (2005),
Newton et al. (2006), Palafox (2006), Yang et al. (2006), Kavurmacioglu et al. (2007a),
Kavurmacioglu et al. (2007b), Krishnababu et al. (2007b), Krishnababu et al. (2007a),
Hofer and Arts (2009), El-Ghandour et al. (2010b) and Palafox et al. (2012).
Research into double squealer tips has generally focused on heat transfer char-
acteristics, with only a few studies specifically examining aerodynamic properties.
Ameri et al. (1998) conducted computational simulations of double squealer tips with
cavity depths of 2% and 3% blade axial chord at a tip gap of 1% blade axial chord,
comparing the results to simulations run with a flat blade tip. The over-tip leakage
mass flow rate was found to be reduced by 10% and 14% for the 2% and 3% squealer

tips, respectively, caused by an increase in blockage in the over-tip region due to the
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(a) Reproduced from (b) Reproduced from Kwak et al. (2003)
Bunker and Bailey (2000)

(c) Reproduced from Saxena et al. (2004)

(d) Reproduced from Nasir et al. (2004b) (e) Reproduced from
El-Ghandour et al. (2010b)

Figure 2.5: Examples of squealer tip variants investigated in the open literature
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(a) Flat tip (b) Double squealer tip

Figure 2.6: Mid-gap over-tip leakage flow velocity
(Reproduced from Yang et al. (2002b))
(NB: Scales are different)

vortex structure set up within the cavity. Separation vortices were formed against
the inner squealer rim along both the pressure and suction sides, the latter being
driven by the separation of flow entering from near the leading edge. However, despite
the reduction in over-tip leakage flow, the predicted row efficiency for both double
squealer tip cases increased from 91.3% to just 91.4%.

Yang et al. (2002b) simulated the experimental setup of Azad et al. (2000a), testing
a double squealer tip with a cavity depth of 3.77% blade span at tip gaps of 1%, 1.5%
and 2.5% blade span. A significant reduction in over-tip leakage flow velocity was seen
with the double squealer tip compared to a flat tip geometry, shown for the 1.5% blade
span tip gap in figure 2.6, with flow velocities in the mid-chord region reduced by a
factor of 1.5-2. Over-tip leakage mass flow rate was also reduced, particularly at the
smaller tip clearances, and the over-tip leakage vortex was found to be substantially
weakened by the double squealer tip. The reduction in over-tip leakage flow velocity
was also observed by Newton (2005), who conducted experimental tests using a linear

cascade that were supported by computational simulations.
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The recent study of Wheeler et al. (2011b) used computational simulations of a
transonic linear cascade to compare the aerodynamic performance of a double squealer
tip with a cavity depth of 9% blade chord against a flat tip. The tip clearance was held
constant at 3% blade chord. The double squealer tip was found to reduce aerodynamic
losses by approximately 10% due to a reduction in over-tip leakage mass flow rate of
15%20%.

The experimental study of Azad et al. (2000a) measured heat transfer coefficients
on a double squealer tip with a cavity depth of 3.77% blade span in a linear cascade
at three tip gaps of 1%, 1.5% and 2.5% blade span. Comparing their measurements to
the equivalent cases for a flat tip reported in Azad et al. (2000b), significantly lower
heat transfer coefficients were seen over the majority of the cavity floor than in the
equivalent location on a flat blade tip. Both sets of data are shown in figure 2.3. A
hot spot was observed in the centre of the cavity, starting close to the leading edge,
which increased in size with tip gap; this is caused by the impingement of over-tip
leakage flow. Very high heat transfer coefficients were measured on the squealer rims
themselves.

Since this study, heat transfer to double squealer tips have been measured experi-
mentally and simulated numerically several times by various researchers, for instance
Acharya et al. (2003) and Mischo et al. (2008). These various studies have largely
produced similar maps of heat transfer coefficient and drawn similar conclusions to
those of Azad et al. (2000a). Some differences have been noted for different blade and
cavity geometries, however. The oil dot flow visualisation performed by Key and Arts
(2006) shown in figure 2.7b implies a single, wide vortex occupies the majority of the
blade tip cavity, matching the computational flow visualisation of Yang et al. (2002b).
However, the oil dot flow visualisation performed by Papa et al. (2003), shown later in
figure 2.11a, suggests that an additional recirculation is trapped close to the squealer
rim on the pressure side and forward section of the suction side. This matches the

flow structure found by Mischo et al. (2008), also shown later in figure 2.9a. The
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(a) Flat tip (b) Double squealer tip

Figure 2.7: Oil dot tip flow visualisation
(Reproduced from Key and Arts (2006))

heat transfer coefficient distributions for the two cavity vortex structures are similar,
however.

Bunker and Bailey (2001) examined the effect of cavity depth on heat transfer.
Maintaining the tip clearance constant at 2% span, double squealer tips with cavity
depths of 1%, 1.75%, 2.5% and 3% blade span were tested in a linear cascade. Only heat
transfer to the cavity floor was measured. It was found that increasing cavity depth
reduced heat transfer coefficient for the entire range of values studied. Examining the
average Nusselt number at different axial chord locations for all of the cavity depths,
the authors also noted a nearly linear trend between cavity floor Nusselt number
and the depth-to-width ratio of the cavity, with deeper cavities producing lower heat
transfer. Park et al. (2010) tested a double squealer blade at a tip clearance of 2%
axial chord in a linear cascade using the mass transfer analogy with a napthalene
sublimation technique. They too observed a significant drop in heat/mass transfer on
the cavity floor as the cavity depth was increased from 3% to 9% axial chord. However,
as cavity depth was increased, the heat/mass transfer to the squealer rims increased
significantly, a problem exacerbated by the increase in the rim surface area. This
increase in thermal load to the squealer rims ultimately limits the maximum depth of

a blade tip cavity.
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2.3.1 Double squealer tip variants

Bunker and Bailey (2001) examined the effect of blade tip geometry degradation on
the performance of a double squealer tip. Using a two-passage linear cascade at a
tip clearance of 2.03mm (2% blade span), they tested a convential double squealer
tip with a cavity depth of 2.54 mm (1.25x tip gap), measuring the heat transfer to
the tip with a thin-foil heater and thermochromic liquid crystals. Having identified
plausible regions of oxidation damage, part of the pressure side rim (the extent of
which can be seen in figure 2.8a) was then reduced in height to 1.02 mm to simulate
such damage to the blade tip; a section of the suction side rim was also subsequently
reduced to the same height. The heat transfer coefficients to the cavity floor were
actually reduced by the partial loss of the pressure side rim. This was believed to be
due to the elimination of flow separation and reattachment near the pressure side edge,
while the sealing of the tip gap was still adequately performed by the suction side
rim alone. However, simultaneously reducing the rim height on both sides provided
a low loss flow path for the over-tip leakage flow, resulting in significantly increased
heat transfer. The large augmentation in heat transfer coefficient continued aft of the
region of material loss, indicating that the change in flow structure continued to affect
the cavity downstream.

El-Ghandour et al. (2010a) tested half-width cavity tips numerically, with the
cavity running either from the pressure side squealer rim to the camber line (with a
flat tip between the camber line and the suction side), or with the cavity between
the camber line and the suction side. Both half-width cavity tip geometries increased
both over-tip leakage mass flow rate and aerodynamic loss significantly compared with
a conventional double squealer tip, but still performed better than a flat tip.

Prakash et al. (2006) and Cherry et al. (2004) conducted a numerical study to
investigate improvements to a double squealer tip by making small changes to the
pressure side rim. Recessing the rim slightly to introduce a tip shelf, they created

a small recirculation beside the outer pressure side rim surface that would trap any
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(a) Regions of squealer rim reduction (b) Averaged heat transfer coefficients

Figure 2.8: Effect of squealer rim damage on heat transfer
(Reproduced from Bunker and Bailey (2001))

cooling air bled out in that region. In doing so, the pressure gradient across the tip was
increased slightly (due to the decreased width between the squealer rims), resulting in
an increase in over-tip leakage mass flow rate and a decrease in efficiency. By inclining
the recessed rim towards the incoming over-tip leakage flow, the pressure gradient
was restored while the separation over the rim itself was enhanced, resulting in a net
reduction in over-tip leakage mass flow rate and an improvement in row efficiency of
0.1%-0.2% compared to the baseline case. The important recirculation in front of the
rim was unaffected by the inclination of the rim.

Mischo et al. (2008) and Mischo et al. (2009) sought to eliminate the hot spot in
the forward part of a double squealer tip caused by over-tip leakage flow impinging
on to the cavity floor. Through numerical simulations of a baseline double squealer
geometry, the authors identified several key structures present in the cavity flow that
left their imprint upon the heat transfer profile within the cavity, shown in figure 2.9a.
By reprofiling the cavity shape, the cavity flow structure was dramatically changed,
eliminating some of the recirculations and controlling blade tip heat transfer very
effectively; a reduction of 7% in heat load was seen for the reprofiled double squealer
tip compared with the baseline double squealer tip. A small reduction in over-tip

leakage mass flow rate was also seen. Experimental validation of the CFD predictions
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(a) Baseline double squealer tip (b) Reprofiled double squealer tip

Figure 2.9: Flow structure and Nusselt number for a reprofiled double squealer tip
(Reproduced from Mischo et al. (2008))

was successfully performed using a rotating turbine experimental rig and revealed an

improvement of 0.3% in aerodynamic efficiency compared with a baseline flat tip.

2.3.2 Film cooling

With the good overall performance and actual in-service use of double squealer tips,
a number of studies have examined the application of film cooling to this blade tip
geometry. Kwak and Han (2003b) measured heat transfer coefficient and film cooling
effectiveness for a film-cooled double squealer tip in a linear cascade at tip gaps of
1%, 1.5% and 2.5% blade span. Coolant ejection was from holes along the camber
line on the cavity floor, from holes exiting on the near-tip pressure side and from
both sets of holes simultaneously. The same configuration was tested in the same
experimental rig, albeit with slightly fewer cooling holes, by Ahn et al. (2005) using
a pressure-sensitive paint technique instead of thermochromic liquid crystals. Both
studies found that increasing blowing ratio from 0.5 to 2.0 increased film cooling
effectiveness but also increased heat transfer coefficients. The cooling air ejected from
the camber line was drawn towards the pressure side, resulting in an accumulation
of coolant and hence better cooling of the half of the cavity closer to the pressure

side than the half closer to the suction side. Adiabatic cooling effectiveness over the



Literature Review 32

blade tip was generally low, however, with values no higher than 0.3 anywhere on the
tip surface even at the highest blowing ratio. These experiments were subsequently
simulated computationally by Yang et al. (2004).

Mhetras et al. (2005) continued the study of Ahn et al. (2005) by angling the
camber line holes towards the inner pressure side rim surface. This placed the exit
of the cooling holes much closer to the pressure side rim than previously. The holes
ejecting from the pressure side were also replaced with laid-back, fan shaped holes.
The study was aided by complementary CFD simulations. Unsurprisingly, relatively
high cooling effectiveness was seen on the inner surface of the pressure side squealer
rim, although this still remained below 0.3. Little spreading of coolant was observed
on the outer pressure side rim, where peaks in effectiveness of nearly 0.5 were seen
downstream of cooling holes with troughs of 0.15 in between. Mhetras et al. (2008)
used a very similar arrangement, but this time inclining the camber line holes along
the camber line towards the trailing edge instead of towards the pressure side. A
second set of similarly inclined holes was added between the camber line and the
suction side wall of the cavity. The squealer tip was also cut back, removing the
pressure side rim near the trailing edge to open the cavity at the rear. A marginally
increased cooling effectiveness was observed on the cavity floor, particularly towards
the trailing edge. Wang et al. (2010) tested another cut back double squealer tip with
film cooling ejection from camber line holes on the cavity floor and from the near-tip
pressure surface. Velocity measurements made using PIV in a linear cascade together
with flow visualisation from CFD simulations showed that the cooling flow could affect
the sealing characteristics of the squealer tip.

Nasir et al. (2007) used transient infra-red thermography to measure film cooling
effectiveness and heat transfer coefficients for double squealer tips at a tip gap of 1.0%
blade span in a linear cascade. Cooling air was ejected from holes along the camber
line on the cavity floor and on the pressure surface. Again, film effectiveness was seen

to increase as blowing ratio was increased from 1.0 to 2.0, but decreased when blowing
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ratio was increased to 3.0. An earlier study using the same facility by Nasir et al.
(2004a) examined a similar geometry, but at a tip clearance of 0.5% blade span. A
cooling effectiveness of zero (or nearly zero) was recorded at all points in the blade
cavity at all three blowing ratios, which was attributed to a much higher local blowing
ratio than the nominal values due to the low flow velocities within the cavity. Similar
geometries were investigated computationally by Acharya et al. (2002) and Acharya
et al. (2010).

Park et al. (2010) used a napthalene sublimation technique and applied the mass
transfer analogy to investigate double squealer tips with film cooling. Heat/mass
transfer measurements were taken on the cavity floor and the inner surfaces of the
squealer rims. The blowing ratio was 1.5 and the tip gap was 1% blade axial chord.
Three cooling configurations were examined; one with cooling holes ejecting along
the camber line, one with the cooling holes offset towards the pressure side and one
with the cooling holes offset towards the suction side. Enhanced heat/mass transfer
coefficients were observed in the vicinity of the cooling hole exits. Very low film cooling
effectiveness was seen within the cavity, with localised peak values of approximately
0.3 for the case with camber line ejection. Film cooling effectiveness was generally
below 0.1.

The computational study of Yang et al. (2009) had film cooling from holes located
on the cavity floor along the camber line, along the line of flow reattachment and
along a line between the pressure surface and the reattachment line, with each line
of holes simulated separately. At a blowing ratio of 1.0, much higher film cooling
effectiveness was predicted than in other studies, with peak values of over 0.6 recorded.
The best film coverage was provided by the cooling configuration of holes along the
reattachment line, with most of the cooling air caught by the recirculation in the
pressure side of the cavity and drawn back towards the pressure side rim. Cooling
air for the configuration of holes closer to the pressure side was trapped in the same

region and likewise showed good cooling effectiveness locally, especially on the inner
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surface of the pressure side rim. The line of reattachment, being a line of diverging
flow on the cavity floor, pushed cooling air in opposite directions, so almost no cooling
effectiveness was seen on the suction side half of the cavity in those two configurations.
Ejecting cooling air over the pressure side edge rather than the tip had a relatively
small impact on cooling effectiveness within the cavity, although values of 0.3 were
seen in places. This is in contrast to the findings of Ahn et al. (2005) who found that
pressure side film cooling ejection alone had virtually no impact on cavity cooling.

Uniquely, Hofer et al. (2009) conducted aerodynamic measurements with a film-
cooled double squealer tip blade in a transonic linear cascade environment. Cooling
air was ejected from holes on the near-tip pressure side as well as along the camber
line of the blade tip. The experimental campaign was supported by CFD simulations
validated with the rig data. The use of cooling air was found to increase the over-tip
flow resistance, but had only a marginal impact on overall aerodynamic loss, slightly
decreasing loss at the lower exit isentropic Mach number of 0.8 but slightly increasing
loss at the higher exit isentropic Mach number of 1.1.

Krishnababu et al. (2010) performed a computational study on a double squealer
tip blade for an industrial gas turbine in rotating, engine-realistic conditions. However,
the blade used is very thin and has a low turning angle, and the cooling holes span
the entire width of the cavity, so this study is not very applicable to modern, high
work, high turning blades that are typically found in large, modern turbofan engines.
Zhou and Hodson (2009) and Zhou and Hodson (2011) present an aerodynamic study
of a film-cooled double squealer blade, with both CFD simulations and experimental
data from a low speed linear cascade. The blade profile is also very thin and has a
turning angle of just 43°; so its usefulness in the context of HP turbine blades for civil
aero-engines is extremely limited.

Gao et al. (2007) investigated the effect of inlet flow angle using the same experi-
mental setup as Ahn et al. (2005), with the same cooling configuration as Mhetras

et al. (2008), including the cut back squealer rim. Tests were conducted at incidence
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angles of —5°, 0°and +5°, with blowing ratios of 0.5, 1.0, 1.5 and 2.0. At all blowing
ratios, it was found that changing the incidence angle altered the jet direction from
each cooling hole slightly, distorting the map of cooling effectiveness. However, the
overall levels of cooling effectiveness were largely unaltered.

Recognising the difficulty in assessing the performance of cooling designs for turbine
blade tips, Vogel et al. (2009) attempted to develop a model for predicting overall
metal effectiveness in film cooled blade tips. They performed CFD simulations and
conjugate heat transfer analyses of a turbine blade with a double squealer tip and
internal cooling geometry. Cooling holes were located in a line on the cavity floor and
also on the near-tip pressure surface. These computational simulations were performed
at tip clearances of 1.4%, 2.2% and 4.1% blade span. Through their simulations, the
authors concluded that a reduction in tip gap of 1% resulted in a reduction in blade

tip heat transfer of approximately 15% and a 1.5% reduction in blade tip temperature.

2.4 Winglet tips

Another concept for sealing over-tip leakage flow is that of the winglet. Winglets are
small blade tip extensions in the circumferential direction that are designed to reduce
the pressure gradient across the blade tip, either by off-loading the blade tip or merely
by extending the distance over which the pressure drop occurs. Yaras and Sjolander
(1991) investigated the possibility of using winglets to reduce the aerodynamic losses
caused by over-tip leakage flow. In a low speed linear cascade, they tested a pressure
side winglet tip, a suction side winglet tip and a double sided winglet tip against
a flat blade tip at two tip gaps of 2.4% and 3.7% blade chord, with downstream
aerodynamic loss measurements conducted by the traverse of a seven-hole probe. All
three winglet tips were found to reduce the over-tip leakage loss by approximately
10%, with the double sided winglet giving the largest reduction and the pressure side

winglet the smallest. The suction side winglet appeared to act by reducing the driving
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pressure difference across the tip, whereas the pressure side winglet increased the size
of separation bubble over the edge, thereby reducing the effective throat size (the area
of the vena contracta produced by the flow separation).

Dey and Camci (2001) tested a pressure side winglet tip and two suction side
winglet tips against a baseline flat tip in a rotating rig at a tip gap of 1.14% blade span.
Aerodynamic pressure loss measurements conducted at 30% blade chord downstream
of the rotor exit showed that both of the suction side winglet tips displaced the over-tip
leakage vortex further away from the blade, an observation that had also been made
by Yaras and Sjolander (1991), but did not affect the entrance of fluid into the tip
gap. The suction side winglets were therefore not found to be effective at desensitising
the blade tip and did not reduce either the over-tip leakage mass flow rate or the
aerodynamic pressure loss caused by over-tip leakage flow. The pressure side winglet,
by contrast, showed a significant reduction in the strength of the over-tip leakage
vortex. This was attributed to increased viscous losses at the entrance to the tip gap
reducing the over-tip leakage mass flow rate.

Shavalikul and Camci (2008) continued the work of Dey and Camci (2001) numeri-
cally, focusing on the pressure side winglet. Four different winglet tips were tested
against a baseline flat tip (pictured in figure 2.10) in a linear cascade geometry with a
moving endwall. All four winglet tips showed a marked improvement over the baseline
case, with the best case (the “modified bump no. 2” tip) reducing over-tip leakage
mass flow rate by 11.6% and aerodynamic over-tip leakage loss of 10%. The over-tip
leakage vortex was seen to reduce in both size and strength as the over-tip leakage
mass flow rate was reduced.

Kusterer et al. (2007) added small pressure side winglets to the second and third
stage blades of an industrial gas turbine. Through computational simulations, they
predicted a reduction of 7.2% and 3.2% in over-tip leakage mass flow rate for the

second and third stage blades, respectively, and a small overall increase in polytropic
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Figure 2.10: Winglet tip geometries tested by Shavalikul and Camci (2008)
(Reproduced from Shavalikul and Camci (2008))

efficiency. The aerofoil shape is, however, very different to that of aero-engine HP

turbine blades, being much thinner and with a much lower turning angle.

2.4.1 Winglet-squealer tips

An obvious development that could be made from winglet and squealer tips is to
combine the two in some way. Saha et al. (2003) and Saha et al. (2006) examined
two such hybrid tips; one with a pressure side extension attached to a double squealer
rim and one with a pressure side winglet and a suction side squealer rim. These were
tested numerically at a tip clearance of 1% blade span against a flat tip, a pressure
side winglet tip, a double squealer tip and a suction side squealer tip. Comparing the
pressure side winglet tip with the flat tip, similar aerodynamic observations were made
to the previous studies, with a predicted 12% reduction in aerodynamic loss in the
case of the winglet. There was also a small reduction in over-tip leakage flow velocity,
particularly in the 30% to 70% blade chord region. This was evident in the predicted
blade tip heat transfer coefficient distributions, which were noticably reduced in this
region. The overall average heat transfer coefficient was reduced by 7%, while local
reductions of as much as 30% were seen at some locations.

By contrast, the benefits realised by the addition of pressure side winglets to
squealer tips were found to be small. The inclusion of an extension on the pressure

side rim of the double squealer tip made no difference to the blade tip heat transfer
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coefficient magnitudes. The over-tip leakage vortex was very slightly weakened with
the winglet, but remained unchanged in size, producing a modest 5% reduction in
pressure loss compared to the standard double squealer tip. In the case of the suction
side squealer tip, the addition of a pressure side winglet once again caused no significant
change in either heat transfer, with a reduction of just 1.4% in average heat transfer
coefficient, or aerodynamic performance, with a 2.5% reduction in loss.

The combination of a suction side squealer rim and a pressure side winglet was
also tested by Papa et al. (2003), who compared it to a baseline double squealer
tip. This was performed experimentally in a linear cascade using the mass transfer
analogy with a napthalene sublimation technique. Measurements were taken at tip
clearances of 0.6%, 1.1%, 2.0% and 3.6% blade chord. With the double squealer tip,
the peak heat/mass transfer occurred near the leading edge in the forward part of the
cavity, whereas the winglet-squealer tip exhibited a patch of low heat/mass transfer in
this region. The winglet-squealer tip also showed two stripes of very high heat/mass
transfer at each tip gap, located in the trailing edge region at the largest tip gap but
moving forwards with decreasing tip gap. Mass transfer coefficients for the double
squealer tip were found to be consistently greater than for the winglet-squealer tip,
although they were comparable at the smallest tip gap.

An oil dot flow visualisation technique was used with both blade tip geometries at
the 3.6% blade chord tip gap, shown in figure 2.11. The flow visualisation revealed
very different flow structures over the blade tip. For the double squealer tip, there is
a line of impingement in the forward part of the cavity (line 2) with a large vortex
formed below it that occupies the majority of the cavity. With the winglet-squealer
tip, there is a very large region in the leading edge with virtually no dot movement,
suggesting low flow velocities in this region. Two lines of flow impingement are evident
(lines 4 and 5), whose formation is attributed to the discontinuity of the winglet on

the pressure side which does not start smoothly at the leading edge.
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(a) Double squealer tip (b) Winglet-squealer tip

Figure 2.11: Oil dot tip flow visualisation
(Reproduced from Papa et al. (2003))

Schabowski and Hodson (2007) took a slightly different approach to combining
winglet and squealer tips. Instead of attaching winglet-like extensions to squealer
rims, they attached squealer rims to winglets, thereby forming a tip that more closely
resembled a wide double squealer tip, although with a gutter open at both the leading
and trailing edges. The authors tested two winglet-squealer hybrid tips against a pure
winglet, a double squealer tip, a suction side squealer tip and a flat tip in a low speed
linear cascade. Supporting CFD simulations of the experimental cascade were also
performed. The winglet-squealer hybrid with thin squealer-like rims produced the
best aerodynamic performance, with both a reduced overall loss and an improved
tip gap efficiency exchange rate (by 22% compared with the flat tip). Three major
loss reduction techniques were identified; the use of winglets to decrease the driving
pressure difference across the tip gap, the use of two rims to split the total loading
into two parts, effectively doubling the number of blade tips, and the use of sufficiently

thin squealer rims to avoid flow reattachment on the rims themselves.
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The study was continued by Schabowski et al. (2010) numerically, using a combina-
tion of CFD and FEA simulations to perform an optimisation on the winglet-squealer
tip design, focusing solely on suction side extensions. 12 optimisation parameters were
used, controlling the height of both squealer rims, the length of the frontal opening to
the cavity and the remaining ten determining the size and shape of the winglet. The
objective function used was a combination of maximising aerodynamic efficiency and
minimising the maximum radial deflection of the winglet tip under centrifugal load.
The optimised winglet design significantly reduced the driving pressure difference
across the tip gap, with a large extension by the crown of the blade that tapered
back down towards the rear of the blade. The front of the cavity was closed. A 27%
reduction in over-tip leakage mass flow rate was achieved compared with the baseline
flat tip, with a reduction in flow under-turning in the near-tip region as well. The tip
gap efficiency exchange rate was decreased by 37% relative to the flat tip. Two further
variants of the optimised winglet tip were tested; one with the pressure side squealer
rim inclined by 30° in a similar way to the inclined squealer tip of Prakash et al. (2006)
and the other with a portion of the squealer rim removed from the suction side near
the leading edge to open the front of the cavity. The inclined squealer rim was found
to produce a small improvement in aerodynamic performance, but the open cavity

caused a marginal decrease in efficiency.

2.4.2 Developed winglets

The winglet studies discussed so far have all used very idealised blade tip extensions.
A few pieces of research have been performed with more realistic winglet geometries
which are more representative of turbine blade tips that could endure the high stresses
and temperatures found in the harsh environment of a real engine. Harvey and
Ramsden (2001) presented a computational test of a winglet tip designed for the
MT?2 aerofoil, using a flat blade tip for comparison. Rather than having the very

thin squealer rims of Schabowski and Hodson (2007), the sections either side of the
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Figure 2.12: ANTLE winglet tip size comparison
(Reproduced from Harvey and Ramsden (2001))

gutter are almost aerofoil shaped. The gutter itself is open at the leading edge and
trailing edge, allowing relatively cool air from near the casing to flow over the blade tip.
The reduction in size compared with a typical turbine shroud is shown in figure 2.12,
although the authors do caution that the extent of the suction side trailing edge may
not be mechanically feasible and a cut back version might be needed. The winglet tip
improved the stage efficiency for the turbine by 1.2% and also reduced the tip-gap
efficiency exchange rate by 31%, from 1.85 to 1.28. The winglet tip was found to
perform more of its sealing over the pressure side, with more of the pressure drop
across the pressure side winglet than the suction side winglet. Much of the over-tip
leakage flow that entered the tip gap rolled into a vortex between the two halves and
remained confined in the gutter, exiting the tip region at the trailing edge. Some
of the over-tip leakage flow did continue over the suction side and join the over-tip
leakage vortex, however. Capturing over-tip leakage flow in the gutter allowed this
flow to be turned, and near-tip under-turning was significantly reduced by the winglet.

Following the impressive performance of that early study, Harvey et al. (2006)
presented a similar design for the ANTLE technology demonstrator engine. Initial

CFD simulations suggested that the winglet tip design would improve tip gap efficiency
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exchange rate by just 7% over the flat tip, despite also showing a significant degree
of unloading in the tip region. However, experimental testing in a cold-flow rotating
turbine rig showed that the ANTLE winglet tip actually performed as well as a
shrouded turbine blade tip with two fins, achieving a 45% reduction in exchange rate.
Despite this vast improvement over a flat tip, the winglet tip still fell far short of
typical in-service shrouded blade tips (with two fins and two fences), with almost
double the exchange rate and a 1% deficit in stage efficiency at a typical real tip
clearance.

For the successor to ANTLE, EFE, another winglet design was produced. This was
tested both experimentally and computationally by O’Dowd (2010) and O’Dowd et al.
(2011b). Aerodynamic loss measurements were taken by the downstream traverse of a
three-hole probe and a single-hole probe and heat transfer measurements by a transient
infra-red thermographic technique in the transonic High Speed Linear Cascade (HSLC)
facility at the Osney Thermofluids Laboratory, Oxford University. Supporting CFD
simulations of the cascade using the Rolls-Royce HYDRA solver were also performed
to enable a more thorough investigation of the flowfield. The uncooled winglet tip
showed a marginally increased level of aerodynamic loss compared to the baseline
flat tip at both the 0.9% and 1.3% blade chord tip gaps, although the mixed-out
aerodynamic loss for the winglet tip decreased with the addition of film cooling flow.
High Nusselt number distributions were recorded over the blade tip surface, as shown
in figure 2.13, with a 35% increase in area-averaged Nusselt number for the uncooled
winglet tip compared with the baseline flat tip case. This figure rose to 41% with the
addition of film cooling. Moreover, the wetted surface area of the winglet tip is 2.4
times larger than the flat tip, so the uncooled winglet received an overall thermal load
3.2 times greater.

The same winglet tip was tested by Zhou et al. (2011a) in a low speed linear
cascade with supporting low speed CFD. This study noted that the film-cooled winglet

tip suffers a higher heat load than the uncooled flat tip, agreeing with the study of
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Figure 2.13: Winglet tip Nusselt number distributions
(Reproduced from O’Dowd (2010))

O’Dowd (2010). However, Zhou et al. (2011a) showed a 6% increase in over-tip leakage
aerodynamic loss with the addition of coolant, contradicting the findings of the earlier
study. It should be noted that this study is performed at low speed, whereas the study
of O’Dowd (2010) was transonic and hence much more representative of a real engine
environment; the differences between low speed and high speed experiments are very

significant and are discussed in more detail in section 2.6.

2.5 Effects of relative endwall motion and rotation

As so much of the research into over-tip leakage flow is performed in cascade environ-
ments, it is important that the inherent limitations of such data are understood. Both
linear and annular cascades typically have two major simplifications; that there is no
relative motion between the blade tip and the over-tip casing and that the experiments
are performed in a stationary frame of reference, which will therefore omit the effects

of centrifugal and Coriolis accelerations.
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Figure 2.14: Over-tip leakage flow model with relative endwall motion
(Reproduced from Mayle and Metzger (1982))

The first study to investigate the effect of relative blade-to-casing movement was
also the first to investigate blade tip heat transfer. Mayle and Metzger (1982) used an
idealised, 2D model of a flat blade tip that incorporated a rotating disc that was used
to represent the endwall (figure 2.14). A concave test surface represented the “flat”
blade tip, in order to maintain a constant tip gap to the disc. Using a foil resistance
heater on the test surface and measuring the gas and surface temperatures by way of
thermocouples, the average Nusselt number to the test surface was measured. It was
found that the Nusselt number was invariant with disc rotational speed, and hence
the authors concluded that the heat transfer to the blade tip was unaffected by the
relative endwall motion.

Graham (1986) used a moving rubber belt to represent the endwall in a water
analogy linear cascade run at a Reynolds number of 1 x 10° based on blade chord.
As the belt speed was increased, the over-tip leakage flow velocities were reduced
and it was found that at small tip clearances of 0.6% and 1.2% blade chord, it was
possible to prevent the over-tip leakage entirely by increasing the belt speed to the

engine-equivalent speed or higher. The strength of the over-tip leakage vortex was
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also reduced by increasing the endwall speed, disappearing entirely at sufficiently high
belt speeds.

Yaras and Sjolander (1991), Yaras and Sjolander (1992a) and Yaras et al. (1992)
also used a motorised rubber belt to represent the endwall in a low speed linear cascade
run at a Reynolds number of 1.4 x 10 based on blade chord. Running the cascade
at a large tip clearance of 3.8% blade chord, the large scale of the rig (with a blade
chord of 250 mm) allowed them to insert a three-hole probe into the tip gap itself to
measure the velocity profile of the over-tip leakage flow over 80% of the tip gap. They
sought to identify the physical mechanism through which relative endwall motion
reduced the over-tip leakage mass flow rate, having identified two broad possibilites:
shear-dominated and pressure-dominated (illustrated schematically in figure 2.15). It
was found that the separation bubble length was reduced with increasing belt speed
and, in line with the findings of other studies, total over-tip leakage mass flow rate was
reduced by 50% with the belt travelling at engine-equivalent speed. Engine-equivalent
speed is the belt speed that allows the real engine flow coefficient (the ratio of flow
axial velocity to blade velocity) to be matched. The shear layer caused by the endwall
motion was found to be thin, almost entirely confined within the 20% of the tip gap
closest to the belt for which no data could be taken due to the probe thickness. The
authors therefore concluded that the decrease in mass flux was primarily effected by a
pressure mechanism rather than through shear. It is, however, noteworthy that this
study was performed at a very large tip clearance (the design tip gap is stated as 2%
blade chord, which is already large by modern standards) and the importance of shear
can reasonably be expected to increase as tip clearances are narrowed, increasing the
mean velocity gradient within the tip gap.

Tallman and Lakshminarayana (2001b) performed a CFD study on another low
speed linear cascade, using the experimental data of Bindon and Morphis (1992) to
validate the simulation predictions. With a much smaller tip gap than Yaras and

Sjolander (1992a), at 1.0% blade chord, a significant change in flow angle was seen
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(a) Shear-dominated (b) Pressure-dominated

Figure 2.15: Possible interaction mechanisms for relative endwall motion
(Reproduced from Yaras and Sjolander (1992a))

mid-gap, indicative of a greater influence of shear than had been observed in the older
study. This study also observed a reduction of 31% in over-tip leakage mass flow rate
and a large reduction in the size of the over-tip leakage vortex. A shift in the over-tip
leakage mass flow rate distribution was measured, with a greater proportion occurring
towards the aft of the blade.

Srinivasan and Goldstein (2003) returned to the question of the effect of endwall
motion on blade tip heat transfer. Using a linear cascade with a neoprene belt, the
authors applied the mass transfer analogy by a napthalene sublimation technique at
tip clearances of 0.6%, 0.86%, 1.72%, 3.45% and 6.9% blade chord. At the smallest
tip clearance, small but measurable reductions of up to 9% in local heat/mass transfer
were seen at certain locations on the tip surface near mid-chord. This appears to
contradict the finding of Mayle and Metzger (1982), but the reduction observed was
both small and localised. The local reduction in heat/mass transfer disappeared at
the 0.86% tip gap and no differences in the mass transfer distributions due to endwall

motion were observed at any of the larger tip gaps.
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(a) Stationary endwall (b) Moving endwall

Figure 2.16: Effect of endwall motion on secondary flow
(Reproduced from Palafox et al. (2008))

A very large scale, low speed linear cascade was used by Palafox (2006), Palafox
et al. (2008) and Palafox et al. (2012), run at tip clearances of 1%, 1.5% and 3%
blade chord. A Particle Image Velocimetry (PIV) system allowed mean flow fields
to be measured directly and heat transfer measurements were also taken by infra-
red thermography. A reduction in height of the separation bubble (along with the
commensurate reduction in length) was observed with the introduction of relative
endwall motion, along with a reduction in over-tip leakage flow speed in the forward
part of the blade that did not occur towards the trailing edge, mirroring the change in
mass flow rate distribution observed by Tallman and Lakshminarayana (2001b). The
average blade tip Nusselt number was also reduced by up to 13%. On the suction side
of the tip gap, the over-tip leakage vortex and passage vortex were shifted closer to the
blade suction side and a weak scraping vortex was also formed that was not present
without relative endwall motion. These can be seen in figure 2.16. The formation of a
scraping vortex had previously also been observed in the rotating turbine rig of Xiao

et al. (2001) and McCarter et al. (2001).
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The study of Krishnababu et al. (2007a) investigated the heat transfer to the blade
tip by way of a numerical simulation of another low speed linear cascade. The tip
clearance was constant at 1.6% blade chord, but three blade tip geometries were tested;
a flat tip, a double squealer tip and a suction side squealer tip. In all three cases,
the blade tip heat transfer was reduced with relative endwall motion, although the
difference was found to be marginal for the suction side squealer tip. An increase in
near-tip heat transfer was also noted, due to the over-tip leakage vortex being pressed
up against the blade suction side surface.

O’Dowd et al. (2010) applied CFD simulations to test the effect of a moving
endwall for a flat tip in a transonic linear cascade environment. A small reduction in
aerodynamic loss was seen over the entire range of tip clearances tested (0.5%, 1.0%
and 1.5% blade span). The over-tip leakage vortex was once again seen to be pushed
towards the blade suction side and slightly reduced in size by the relative endwall
movement, with these effects becoming more significant at smaller tip clearances.
O’Dowd et al. (2011b) also tested the EFE winglet design in a similar way and noted
a reduction in Nusselt number in the forward part of the blade tip when run with a
moving endwall.

Fewer studies have focused on the effects of blade rotation than have investigated
relative endwall motion. The early study of Dring and Joslyn (1981) conducted
measurements in the blade-relative frame of a low speed rotating rig. Using an
ammonia-Ozalid flow visualisation technique, they showed that the spanwise flow
around the rotor blade (in particular, the strong radial migration towards the blade
tip on the blade pressure surface) was significantly affected by rotation. Comparison
of flow visualisations run at two tip gaps (shown in figure 2.17) showed that while
over-tip leakage flow did affect the spanwise flow in the near-tip region, its influence
did not extend far enough towards the hub to be the primary driving force. Yamamoto
et al. (1994b) also conducted downstream pressure measurements in the rotating frame

of a low speed rotating rig. They noted that the over-tip leakage vortex is confined to
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Figure 2.17: Effect of tip gap on blade pressure surface flow migration
(Reproduced from Dring and Joslyn (1981))

the region close to the near-tip casing by the interaction with the passage vortex and
centrifugal forces when rotation is present.

Yang et al. (2006) examined the effect of rotation on heat transfer to flat tips
and double squealer tips computationally. This study was performed at a single tip
clearance of 1.5% blade span. Only a minor effect was found on blade tip heat transfer,
although significant increases in heat transfer coefficient were seen on the over-tip
casing with rotation. Zhang et al. (2009) presented a numerical study investigating the
effect of rotation on a low speed, scaled up blade with film cooling. They considered
three tip configurations; a flat tip with cooling holes ejecting directly from the tip
surface, a flat tip with cooling holes ejecting into a trench and a double squealer
tip with cooling holes ejecting from the cavity floor. In all three cases, the cooling
effectiveness was seen to decrease with increasing rotational speed and heat transfer
coefficients were augmented. Zhou et al. (2011b) performed a numerical study that

examined the effect of endwall motion on the film-cooled EFE winglet. They observed
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an increase in cooling effectiveness of 9% with relative endwall motion, together with
a reduction in Nusselt number, the opposite of the trends seen by Zhang et al. (2009).

The only study to have attempted to separate out the effects of relative endwall
motion and rotation is that of Yang et al. (2010). Simulations were performed with
three sets of boundary conditions: (1) a rotating blade domain with stationary endwall
(engine-representative case with both relative endwall motion and rotation), (2) a
stationary blade domain and a rotating endwall (relative endwall motion but no
rotation) and (3) a stationary blade domain and endwall (no relative endwall motion
or rotation). These were conducted for a blade with a flat tip and a blade with a double
squealer tip at a tip clearance of 1% blade span. The aerodynamic observations made
for the case of the flat tip were similar to those seen in other studies: that relative
endwall movement reduced over-tip leakage flow and biased the leakage distribution
towards the aft portion of the blade tip. In the case of the double squealer tip, there
was a slight change in the vortex structure seen within the cavity caused by the endwall
motion. Rotation had no great effect on the tip gap flow field for either geometry. As
can be seen in figure 2.18, the heat transfer coefficients over the blade tip surfaces
were generally increased by the addition of relative endwall movement (change from

Case 3 to Case 2), and slightly decreased by rotation (change from Case 2 to Case 1).

2.6 Low speed and high speed flows

One subject that has only gained attention recently is the difference in over-tip leakage
flow between high speed, transonic flow conditions and that produced in low speed
experimental rigs. As early as 1989, Moore et al. (1989) recognised the potential for
the over-tip leakage flow to be supersonic and applied a hydraulic analogy between
free surface flow and 2D compressible flow. The authors used a water table with an
idealised tip gap to visualise the possible shock structures that could be formed in the

tip gap region. At higher simulated Mach numbers, a complex shock structure formed,
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(a) Case 1—Blade domain rotating, endwall stationary

(b) Case 2—Blade domain stationary, endwall rotating

(c) Case 3—Blade domain stationary, endwall stationary

Figure 2.18: Effect of rotation and endwall motion on heat transfer coefficient
(Reproduced from Yang et al. (2010))

with oblique shocks interacting with multiple reflections, shown in figure 2.19. The
hydraulic analogy was further developed by Moore and Elward (1993), who recognised
that the shock-boundary layer interaction could cause a local enhancement of heat
transfer.

However, the issue of compressibility effects and shock wave formation was largely
forgotten, with almost all research being conducted in low speed environments. While
there have been some high speed experimental rigs, such as that used by Key and Arts
(2006), Hofer and Arts (2009) and Hofer et al. (2009), these have been the minority
and the distinction between subsonic near-tip flow and transonic near-tip flow was not
drawn until the study of Wheeler et al. (2011a). In this study, the HYDRA CFD code
was used to simulate the transonic, one and a half stage Ozford Rotor Facility (ORF),
which has a rotor exit relative Mach number of 0.98. The simulations were successfully

validated against blade tip heat flux data from the ORF for the fully turbulent region
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Figure 2.19: Water table shock structures in a simulated tip gap
(Reproduced from Moore et al. (1989))

over the aft of the blade tip. Simulations were then performed with three blade profiles
designed to give the same loading distribution and Reynolds number at exit Mach
numbers of 0.96, 0.67 and 0.1. Both the blade and the over-tip casing were stationary
in these simulations, so the simulations are representative of an annular cascade. All
three cases were run with both the Spalart-Allmaras and the k-e¢ turbulence models,
using wall functions in both cases. A large increase of 60% in blade tip heat flux
was observed when decreasing the exit Mach number from 0.96 to 0.1. Even more
significantly, there was an observed reversal of the heat flux distribution: at low Mach
number, there was the familiar low heat transfer “sweet spot” at the front of the
blade and very high heat fluxes further towards the trailing edge; the opposite trends
were observed at high Mach numbers, with very low heat fluxes recorded in the thin
trailing edge region, as can be seen in figure 2.20. This discrepancy was attributed to
an increase in turbulent viscosity at low Mach number, with approximately double the
turbulent viscosity ratio predicted in the lowest Mach number case compared to the
highest Mach number case. At high Mach number, a striping was seen in the Nusselt
number distributions with the stripes running approximately chordwise, caused by an
oblique shock wave reflecting between the blade tip and casing surfaces. This caused
the boundary layer to thicken and thin as it impinged on the blade tip and hence

caused flow to decelerate and accelerate. A new model of leakage flow over a flat tip
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Figure 2.20: Effect of Mach number on flat blade tip heat flux
(Reproduced from Wheeler et al. (2011a))

was therefore proposed to explain the flow structure seen in a transonic environment,
shown in figure 2.21.

Interestingly, the same blade tip heat flux data from the ORF that were used to
validate the study of Wheeler et al. (2011a) were presented in Thorpe et al. (2005),
but the changes in the heat transfer distribution due to transonic effects were not
noticed. Indeed, the authors of the earlier study noted that the time-mean heat flux
data, recorded by thin-film heat flux gauges on the blade tip camber line, were broadly
consistent with low speed cascade data from other studies. From the simulations of
the later study, it is now understood that the slight depression in heat flux measured
in the forward part of the blade was not due to the “sweet spot” of heat transfer that
is present in low speed environments, but rather due to the over-tip flow in the region
being transitional rather than fully turbulent. The experimental data towards the
rear of the blade falls into line with that predicted by Wheeler et al. (2011a) and is

consistent with the transonic over-tip flow presented there.
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Figure 2.21: Supersonic over-tip leakage flow structure
(Reproduced from Wheeler et al. (2011a))

The study published in Zhang et al. (2011a), O’'Dowd (2010), Zhang et al. (2011b)
and O’Dowd et al. (2010) provided the first direct experimental verification of this
critical effect. Experimental heat transfer data were collected in the HSLC transonic
linear cascade. By reducing the inlet total pressure to the test section, the HSLC
could be run at a much lower Mach number than the design condition, albeit also
with a reduced Reynolds number. Heat transfer measurements with a flat blade tip
were taken at two conditions, one at low speed (with an exit Mach number of 0.27 and
an exit Reynolds number of 0.35 x 10°), and one at high speed (with an exit Mach
number of 1.02 and an exit Reynolds number of 1.27 x 10°%). In order to allow a direct
comparison between the data, the low speed Nusselt number data were scaled to match
the Reynolds number of the high speed case using the Nusselt number correlation for

a flat plate with a laminar boundary layer:
Nu, = 0.332 Re)/? Pr'/* (2.2)

The same qualitative reversal in the heat transfer distribution observed in Wheeler

et al. (2011a) is clearly seen in the results from O’Dowd (2010), shown as Nusselt
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(a) M = 0.27, Re = 0.35 x 106 (b) M = 1.02, Re = 1.27 x 10°

(Data scaled to account for difference in Re)

Figure 2.22: Effect of Mach number on flat blade tip Nusselt number
(Reproduced from O’Dowd (2010))

number in figure 2.22. The characteristic striping is also clearly evident in the high
Mach number experimental data. A numerical study was performed to support
the experimental program, which was validated extremely well by the experimental
heat flux data from the HSLC. The cause of the chordwise striping in heat flux was
confirmed to be the shock structure that formed in the tip gap, as can be seen in
figure 2.23.

Supersonic over-tip leakage flow was predicted by the numerical simulations over
approximately half of the blade tip in both the flat tip and winglet tip cases. The flow
is therefore choked in this region, suggesting that the common approach of attempting
to minimise the over-tip leakage mass flow rate by minimising the over-tip pressure
gradient when designing over-tip leakage control strategies is flawed. This finding
casts the general assumption of over-tip leakage flow being primarily controlled by
the driving pressure difference into doubt. The implications of high speed over-tip
flow have further been addressed and developed by Wheeler et al. (2011b) and Zhang

and He (2011), which seek to improve the understanding of the aerodynamic losses
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Figure 2.23: Heat flux striping with virtual Schlieren
(Reproduced from Zhang et al. (2011b))

linked to transonic over-tip leakage flow. Shyam and Ameri (2011) presented an early
computational attempt at optimisation of a flat blade tip with supersonic over-tip
leakage flow to minimise heat transfer by contouring the blade tip. Their best geometry
gave a 2.8% improvement in aerodynamic loss relative to a baseline flat tip geometry,
while simultaneously reducing average blade tip heat flux by 37.3%. This geometry,
however, included a bypass hole joining the blade tip surface to the blade pressure
side that would likely not be usable in a real engine, due to the heat transfer to the
inside of the hole. The same geometry without the bypass hole reduced the average
blade tip heat flux by 39.4% relative to the baseline, but increased aerodynamic loss
by 2.9%.

2.7 Chapter summary

In this chapter, an overview of the previous research into unshrouded blade tip heat
transfer and aerodynamics that has been published in the open literature has been

presented, with a focus on work that is particularly relevant to the present study.
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From this survey, it is clear that although much research into the field has already
been performed, there are still some significant areas that are, relatively speaking,
poorly understood. The complexity of the flow field around unshrouded blade tips,
combined with the difficulty of taking measurements in the rotating frame of reference
and in transonic flow regimes, has meant that much of the research conducted to
date has been performed in simplified environments. Recent studies have shown that
this approach is becoming increasingly difficult to defend and that the significance
of high speed compressibility effects and the effects of rotation is such that they
cannot easily be ignored. The importance of high veracity computational simulations
to support experimental programmes is also clearly visible in the literature; such
simulations allow for a much more detailed understanding of the underlying physics by
providing flow visualisation and full surface data that may not be possible to measure
experimentally. However, in order to maximise the usefulness of the simulations,
computational methods require careful validation against appropriate experimental
data to ensure that the numerical predictions can be trusted.

Another conclusion that must be drawn from the review presented in this chapter
is that while flat tip and double squealer tip geometries have been studied widely
and thoroughly, the same cannot be said of the promising new blade tip geometry
of the winglet tip. There is no generally agreed consensus on the effectiveness of
winglet tips from either an aerodynamic or a thermal point of view and precious little
understanding of how best to combine winglet and squealer tips. It is on this point
that the majority of the present study focuses and a novel design approach to create
a hybrid winglet-squealer tip is introduced. The new design is tested and refined
using 3D, engine-representative CFD simulations that are capable of capturing flow
features that are not seen and cannot be reproduced in low speed cascade environments.
These numerical predictions are supported by experimental measurements taken in a
transonic linear cascade where full surface heat transfer data and detailed downstream

aerodynamic loss maps are measured in a fully compressible flow regime.



Chapter 3

Large Scale, Low Speed CFD
Simulations

3.1 Introduction

This chapter covers CFD validation work carried out using results from an experimental
study performed by Palafox (2006) in the Ozford Super-Scale Cascade. The primary
aim was to evaluate the ability of the commercial solver FLUENT 6.3 to predict the
heat transfer coefficient distribution over a representative model of a flat turbine
blade tip. The tip gap is constant at 1.5% of blade chord. The relative suitability
of the various turbulence models available within FLUENT 6.3 for this particular
environment is established and the capability of FLUENT 6.3 to predict the effect on
the heat transfer distribution of relative endwall movement is examined. The CFD
simulations for this section are run using hexahedral, multiblock meshes generated in
Icem CFD 11. While recent research has suggested that studies into blade tip heat
transfer and over-tip leakage performed in low speed, incompressible flow environments
may miss certain important features, there is a significant amount of understanding
that can still potentially be gained from this research. The work presented in this
chapter will aid the computational simulation of such low speed tests, enabling high
quality CFD simulations that complement the experimental campaigns and allow the
most to be gained from these simplified experiments. Results from this part of the

present study have been published in Tang et al. (2010).
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Blade chord 1.0m
Axial chord 0.808 m
Blade span 1.0m
Blade pitch 0.853m
Blade turning angle 111.5°
Tip gap 15mm
(Cascade exit) Reynolds number 4.0x10°
Freestream inlet velocity 3.5ms™!
Cascade exit velocity 7ms™!

Table 3.1: Experimental rig parameters

3.2 Experimental setup

A cursory summary of the experimental details are included here for completeness.
Full details of the experiments performed and the results available can be found in
Palafox (2006), Palafox et al. (2008) and Palafox et al. (2012). The experimental work
used for comparison in this section was performed by Dr Pepe Palafox.

Experiments were performed using a large scale, three passage linear cascade with
a blade chord of 1m, as illustrated in figure 3.1. The aerofoil section used is a low
speed version of the RT-27a blade profile (Gregory-Smith and Cleak, 1992), which is
representative of a high turning, high work HP turbine blade found in modern civil
turbofan aero-engines. This aerofoil geometry is a redesigned blade profile that mimics
the blade pressure loading of the (high speed) RT-27a profile at a much lower Mach
number. A motorised rubber belt was used to represent the endwall and this could
be turned on or off to investigate the effect of relative endwall motion. Tip gaps of
10 mm, 15mm and 30 mm, representing 1%, 1.5% and 3.0% blade chord, respectively,
were tested, although only the results from the 15 mm (1.5% blade chord) tip gap are
used for the present study. Key parameters of the experimental rig are detailed in
table 3.1.

A Particle Image Velocimetry system was used to establish time-averaged velocity
vector fields on several planes which were orientated approximately parallel and

perpendicular to the primary mainstream flow direction. Heat transfer coefficient
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Figure 3.1: Schematic of the experimental test section (Oxford Super-Scale Cascade)
(Reproduced from Palafox (2006))

distributions on the (flat) blade tip surface were also measured, using a transient
infra-red thermographic technique made possible by a thin copper heater incorporated
into the surface of the test blade tip. Heat transfer by radiation, free convection
within the hollow blade and lateral conduction in the tip substrate were corrected
for. The typical overall uncertainty in the experimental measurement of heat transfer

coefficient was estimated to be 5.14%.

3.3 Computational details

The meshes used in this section were purely hexahedral, multiblock meshes generated
using ICEM CFD 11 and these were solved using the commercial CFD package

FLUENT 6.3. The time-steady formulation of the pressure based solver with the
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SIMPLE algorithm for pressure-velocity coupling was used in all cases. A single 64-bit,
four-core workstation with 2Gb of RAM was used for the meshing process, CFD

solution and post-processing.

3.3.1 Computational domain and meshing strategy

Two meshing schemes were used in the CFD study. In the first instance, the entire
cascade was simulated in an effort to achieve the best possible physical veracity, as
shown in figure 3.2a. In doing so, no assumptions regarding periodicity were needed as
any artefacts of the experimental rig would be reproduced in the CFD simulations. The
computational inlet plane was chosen to be the experimental measurement location of
the inlet boundary layer, 1100 mm upstream of the test blade leading edge, as shown
in figure 3.1. Note that this was not an axial plane, but rather was chosen to match
the experimentally measured boundary layer profile, thus allowing it to be applied
as an inlet boundary condition. The computational outlet plane was placed a short
distance downstream of the blade trailing edge, where constant static pressure and
low velocity gradients were expected.

A fully structured, purely hexahedral, multiblock meshing strategy was adopted;
the simplicity of the geometry made this approach viable. It should be noted that
FLUENT 6.3 is an unstructured solver and therefore discards the connectivity data
from the mesh, negating some of the benefit of using a structured mesh. However, other
benefits (in particular, the alignment of grid lines with the predominant flow direction)
are still realised. The use of a structured meshing approach allowed fine control over
the placement of grid lines and it was decided to align these with the mainstream flow
direction, which should aid convergence. Special care was taken to ensure good mesh
quality around the aerofoils, minimising cell skewness and avoiding sudden cell size
transitions, which required the addition of both inner and outer O-grids, as shown in
figure 3.3. The simpler block structure without inner O-grids that has been used in

other studies, for example Basson and Lakshminarayana (1995), could not be adopted
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(a) Computational domain (b) Block structure

Figure 3.2: Computational domain and block structure for full cascade simulations

Figure 3.3: Detail of the mesh in the vicinity of the tip gap
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due to the thickness of the aerofoil section. A relatively complex block structure
was required in the vicinity of the blade trailing edges to ensure appropriate mesh
refinement where this was needed; this can be seen in figure 3.2b where the blocking
structure in a spanwise plane which passes through the tip gap is shown. The solid
lines represent user-defined boundaries between blocks. The precise location of these
block boundaries is determined based on the knowledge of the expected flow field and
the constraints of the physical geometry. This mesh comprised 5.5 million cells, with
22 nodes in the tip gap and a first cell height of 0.3 mm.

When this meshing scheme was used, however, the wall-adjacent cell y* distribution
on the blade tip was found to range between 6 and 15. As heat transfer data were the
objective of these simulations, a strategy to resolve the boundary layer fully had been
adopted and for this wall-adjacent cell y* values below five, and preferably below
one, were required. An attempt at refining the mesh was made, but insurmountable
problems were encountered almost immediately. The large computational domain
meant that any further refinement made to the already large mesh resulted in a grid
that could not feasibly be solved given the available processing power. Moreover, due
to a problem with the mesh generating software used and the complex block structure,
it was found that the first cell height in the tip gap could not be reduced below 0.2 mm
without severely distorted and partially inverted! cells being introduced into the mesh.

As a result of these problems, a second meshing strategy was adopted. The decision
was taken to simulate a single blade and impose periodic boundary conditions, as
shown in figure 3.4a, rather than to simulate the entire cascade as originally had
been intended. Once again, a fully hexahedral mesh was used, which retained the
majority of its block structure from the full cascade simulations. However, as only
one passage was to be simulated (half of the passage on each side of the test blade),

the block structure in the rear section of the cascade could be simplified greatly, as

LA partially inverted cell is one in which both positive and negative interior angles between
adjacent faces are present. If all interior angles are negative, the cell is fully inverted and may be
fixed simply by reversing the order of its vertices. Partial inversion of a cell cannot be eliminated by
the reordering of its vertices, because of the cell topology.
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Figure 3.4: Computational domain and block structure for periodic simulations

can be seen in figure 3.4b. With the imposition of periodic boundary conditions, the
inlet plane had to be changed to be parallel to the direction of periodicity. For these
periodic simulations, the inlet boundary velocity profile was taken from the converged
solution of a full cascade simulation rather than the experimental boundary layer
measurements. The reduced cell count from the reduction of physical volume being
simulated also allowed the outlet plane to be extended slightly further downstream to
ensure that the blade tip region was not affected by the prescribed flow conditions at

the computational exit.

3.3.2 Mesh sensitivity testing

One aim of this work was to establish minimum meshing requirements for flow and
heat transfer predictions in the tip gap region. In order to achieve this, an investigation

into mesh sensitivity was performed that went beyond simple global mesh refinement.
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Four tip gap meshes were created using the periodic block structure. The Coarse
mesh (figure 3.5d) was intended for testing the use of wall functions as the near-
wall treatment and was tuned to give wall-adjacent cell y™ values (as reported? by
FLUENT 6.3) in the range 30 to 60 across the blade tip. The other meshes were
intended to be used with an appropriate near-wall treatment that allows resolution of
the boundary layer into the laminar sub-layer, and give wall-adjacent cell y* values
of below two over the tip surface. y™ is a non-dimensional measure of the distance
normal to the wall, relative to the boundary layer thickness. Sizing the wall-adjacent
cell to have a y* value below five ensures that the first node is placed within the
viscous sub-layer of the boundary layer and that there will be a sufficient number of
cells across the boundary layer thickness to allow it to be resolved directly, providing
that an appropriate, low-Reynolds number turbulence model is used in the near-wall
region. By contrast, if the wall-adjacent cell is expanded to have a y™ value between
30 and 300, the first node will be located in the fully turbulent, log-law region of the
boundary layer; this is the appropriate near-wall meshing approach for the use of wall
functions.

The Very fine mesh has the thinnest wall-adjacent cells, which are sized to give
a maximum wall-adjacent cell ¥ on the blade tip of approximately one. The Fine
mesh keeps the maximum cell height within the tip gap approximately the same,
but has a first cell thickness double that of the Very fine mesh. The comparison
between simulations run using these two meshes therefore allows the effect of a change
in wall-adjacent cell y* to be seen. The Fine (adjusted) mesh retains the first cell
thickness of the Fine mesh but has a reduced expansion ratio, thereby reducing the
maximum cell thickness within the tip gap. These four meshes are summarised in
table 3.2 and illustrated in figure 3.5. The resulting y* distributions on the blade tips

(run using the Spalart-Allmaras turbulence model) are shown in figure 3.6.

2These reported wall-adjacent cell ¥ values are not true y+ values, as they are based on the
(incorrect) computed velocity field. However, it is illustrative of the potential danger that could
befall a CFD practitioner if appropriate checks are not made.
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Figure 3.5: Mesh refinement in the tip gap region

3.3.3 Solution and boundary conditions

The time-steady formulation of the pressure based, implicit solver was used, which is
a cell-centred, finite volume, pressure-corrector algorithm. The SIMPLE algorithm
was used for the pressure-velocity coupling. Second order discretisation was used
for all variables alongside an incompressible-ideal-gas density formulation—meaning
that density was allowed to vary with temperature but not pressure. Significant
underrelaxation of the momentum variable was applied to achieve convergence reliably;
an underrelaxation factor of 0.3 was found to give good results.

The blade tip surface had a constant heat flux of 50 W m~2 imposed to match the
experimental condition and allow Nusselt number to be determined on the test surface.
All other walls were adiabatic. A velocity distribution was specified at the inlet plane,
taken from the converged solution of a simulation of the entire cascade. An inlet
turbulence intensity of 1.2% was applied to match the turbulence level measured in

the experiments. A uniform pressure was specified at the outlet plane.
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Very fine Fine Fine (adjusted) Coarse

Number of cells / millions 5.0 2.8 2.8 0.5
Number of nodes across tip gap 40 33 37 8
First cell height in tip gap / mm 0.05 0.1 0.1 3.8
Max. cell height in tip gap / mm 0.94 0.93 0.63 3.8
Max. y™ on blade tip 1.1 2.0 2.0 55

Table 3.2: Summary of tip gap cell distributions
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Figure 3.6: Wall-adjacent cell y* distributions (Spalart-Allmaras turbulence model)
(NB: Scales are different)
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Figure 3.7: Scaled residuals showing a typical convergence history

The criteria used for judging the convergence of a simulation were that the residual
histories for all variables were flat and had fallen at least three orders of magnitude
(six in the case of the energy variable) and that the integral of Nusselt number over
the blade tip surface was invariant with successive iterations. Furthermore, the overall
mass imbalance for the entire domain was checked to ensure that it was sufficiently
small (below 0.1% of the mainstream mass flow rate). A typical convergence history

showing the scaled residuals for each variable is shown in figure 3.7.
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3.3.4 Turbulence modelling

For high fidelity flow predictions, the turbulence modelling approach taken must be
matched to the flow environment being simulated; increased complexity does not
necessarily imply increased accuracy. It is therefore clear that no model can universally
be said to be better than the others. Some models may be tuned for particular classes
of flows in their implementation in a commercial solver, so the only way of determining
the best turbulence model in any given situation is to test all of the available models
and compare the results against measured data. The aim of the present study is
to assess the best means by which a typically skilled industrial user could obtain
reasonably accurate predictions of performance. An extensive test of the turbulence
models available through the graphical user interface® in FLUENT 6.3 was performed
in order to establish the most suitable model for this type of simulation. These, in

approximate increasing order of computational cost per iteration, are:

e Spalart-Allmaras (1 equation)

e Standard k-e (2 equations)

e Realisable k-¢ (2 equations)

e Renormalisation Group Theory (RNG) k-e (2 equations)
e Standard k-w (2 equations)

e Shear Stress Transport (SST) k-w (2 equations)

e Reynolds Stress Model (7 equations)

Some of these models (namely, the Spalart-Allmaras and k-w models) are valid
right through the viscosity-affected region and no special treatment is required in the
near-wall region other than ensuring sufficient mesh refinement to resolve the velocity

gradients. The others (k-¢* and the RSM) are only valid in the fully turbulent log-law

3There are additional turbulence models available through the text user interface. However, these
are more specialist models, such as the low-Reynolds number implementations of the k-¢ model, and
are not likely to be of significant benefit compared with the standard ones available through the GUI.

4There are low-Reynolds number formulations of the k-e model available through the text user
interface which are valid right up to the wall. With the RSM, if enhanced wall treatment is selected,
low-Reynolds number modifications are made to the RSM in order to make it valid in the viscous
near-wall region.
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region and require some other function to bridge the gap to the wall. In these cases,
FLUENT 6.3 offers two different approaches for near-wall treatments: standard wall
functions and enhanced wall treatment. Wall functions merely fit empirical functions
to the near-wall flow fields for each of the variables being solved for, based on classical
boundary layer development. While this usually provides adequate predictions for the
flow, it rarely produces accurate heat transfer results, especially in highly turbulated
regions. Enhanced wall treatment, however, blends a low-Reynolds number model (a
one-equation model by Wolfstein in the case of the k-¢ models and a low-Re formulation
of the RSM in the case of the RSM (Fluent Inc., 2006)) with wall-functions to allow
resolution of the boundary layer where the mesh is fine enough, and use of wall
functions where it is not. This two-layer near-wall model is then blended with the
high-Re turbulence model to give an overall model that is valid across the entire
domain. All of the turbulence models were compared using the Fine (adjusted) mesh

with enhanced wall treatment selected as the near-wall treatment.

3.3.5 Effect of relative endwall motion

An important feature of the experimental rig was the use of a rubber belt to represent
the endwall, allowing the effect of the relative motion of the casing on the over-
tip leakage flow and blade tip heat transfer to be investigated. This feature was
reproduced in the computational domain by defining the area of the cascade sidewall
corresponding to the rubber belt as a separate surface during mesh generation, allowing
it to be specified as a moving wall to match the experimental setup. The capability
of FLUENT 6.3 to capture the effect of relative endwall motion was tested using two
simulations with the Very fine mesh and the Spalart-Allmaras turbulence model, one
with a stationary endwall and the other with the endwall moving. The belt speed

was 4.7ms™!

, which was the representative blade speed that would produce an axial
exit flow direction in the absolute frame of reference, given the blade-relative exit flow

angle and speed of the linear cascade. All of the other simulations performed for the
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mesh sensitivity testing and turbulence modelling investigation were conducted with

a stationary endwall.

3.4 Results

3.4.1 Flow field

Figure 3.8 shows pathlines plotted from a simulation run using the Spalart-Allmaras
turbulence model and the Very fine mesh. All of the expected flow features that
are described in similar low speed, flat tip linear cascade studies found in the open
literature are visible. The over-tip leakage flow is roughly parallel to the camber line
in the forward part of the blade, and almost perpendicular to the camber line in the
latter part. This leakage flow then rolls up into an over-tip leakage vortex as it meets
the main passage flow on the suction side of the blade. The mainstream flow also
forms a passage vortex that counter-rotates relative to the over-tip leakage vortex,
both of which are clearly visible in figure 3.8. A vortex of fluid captured within the
separation bubble can also be seen running along the pressure side edge. The over-tip
leakage flow separates at the blade tip corner, flowing over the bubble and reattaching
on the other side.

In-plane, average velocity data were available from PIV measurements taken in the
experimental study. Of particular interest are the data taken on the three secondary
flow planes, oriented approximately parallel to the over-tip leakage flow direction in
the latter half of the blade, as indicated in figure 3.9. Velocity predictions from the
Very fine mesh on these planes are compared to those measured experimentally in
figures 3.10 to 3.12. In each case, the separation bubble over the sharp-edged pressure
side is clearly visible, with the expected acceleration of flow over the bubble and the
subsequent flow reattachment.

The qualitative comparison of the flow prediction to the experimental data is very

favourable. The peak in-plane velocity of the over-tip leakage jet (at the vena contracta
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Figure 3.8: Pathlines over the blade tip
(Very fine mesh, Spalart-Allmaras turbulence model, endwall stationary)
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Figure 3.9: Locations of secondary flow planes

throat) is, however, significantly overpredicted by 23%, 18% and 22% for SFP235,
SFP435 and SFP635, respectively. Nonetheless, the location of flow reattachment and

the size of the separation bubble are simulated extremely well.

3.4.1.1 Mesh sensitivity

Figure 3.13 compares the predicted in-plane velocity contours on SFP435 using the
Very fine mesh and the Coarse mesh. It is evident that the Coarse mesh fails to
capture the major over-tip leakage flow features in the tip gap region—in particular,
the flow separation is entirely absent. This is due to the sparse distribution of mesh
points across the tip gap; the wall-adjacent cell is approximately the same thickness
as the separation bubble. Thus, the poor performance of the coarse mesh cannot
solely, or even significantly, be attributed to the use of wall functions, but rather the

coarseness of mesh required for wall functions to be applicable®.

5For wall functions to be valid, the wall-adjacent grid point must be placed within the log-law
region of the boundary layer (30 < y* < 100).
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Figure 3.10: In-plane velocity magnitude in tip gap on SFP235
(Very fine mesh, Spalart-Allmaras turbulence model, endwall stationary)
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Figure 3.11: In-plane velocity magnitude in tip gap on SFP435
(Very fine mesh, Spalart-Allmaras turbulence model, endwall stationary)
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Figure 3.12: In-plane velocity magnitude in tip gap on SFP635
(Very fine mesh, Spalart-Allmaras turbulence model, endwall stationary)
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Figure 3.13: In-plane velocity magnitude on SFP435
(Very fine mesh and Coarse mesh, Spalart-Allmaras
turbulence model, endwall stationary)

3.4.2 Heat transfer

The experimental and predicted Nusselt number distributions over the blade tip surface
for the different meshes, using blade axial chord as the characteristic length, are shown
in figure 3.14. The percentage difference between the experimental and predicted
values are shown in figure 3.15. As expected, the erroneous predicted flow field of the
Coarse mesh leads to a completely incorrectly predicted heat transfer distribution
(figure 3.14e). However, the three fine meshes (figures 3.14b to 3.14d) produced
excellent qualitative agreement with the experimentally measured data, all capturing
the line of enhanced heat transfer of the reattaching flow just inside the pressure side
edge and the low heat transfer “sweet spot” by the nose of the blade caused by low
local over-tip leakage flow velocity (which can be seen later in figure 3.22a). These
characteristic features of the Nusselt number distribution for a flat blade tip at low
speed are highlighted in figure 3.16. The predicted distributions from each of the three

fine meshes are also indistinguishable, confirming mesh independence.
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Figure 3.14: Blade tip Nusselt number—Mesh sensitivity
(Spalart-Allmaras turbulence model, endwall stationary)
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(Spalart-Allmaras turbulence model, endwall stationary)
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Figure 3.16: Characteristic features of blade tip Nusselt number distribution

3.4.2.1 Turbulence model testing

The blade tip Nusselt number distribution predicted by each of the turbulence models is
shown in figure 3.17, along with their deviation from the experimental data (figure 3.18).
The overall errors are quantified as the mean absolute error in Nusselt number in
figure 3.19%. The secondary y-axis on the bar chart shows the mean absolute error in
Nusselt number expressed as a percentage of the average experimentally measured
Nusselt number.

The performance of most of the models was very similar, typically underpredicting
the Nusselt number by 30%-40% in the rear portion of the blade but correctly
predicting the size of separation bubble and hence accurately locating the point of
reattachment. There were, however, two notable exceptions to this—the standard k-¢
and standard k-w models. The standard k-e model performed somewhat better than
the majority in terms of the predicted magnitudes of heat transfer, underpredicting

Nusselt number by approximately 20%. The standard k-w model gave an even closer

6Note that this is summed only over the area for which experimental data are available and not
the entire blade surface.
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Figure 3.19: Mean absolute error in Nusselt number
(Secondary y-axis is percentage of mean experimental Nu)
(Fine (adjusted) mesh, endwall stationary)

estimate, yielding Nusselt numbers within 5%-10% of the experimental results across
the tip surface (neglecting the area of low heat transfer in the forward part of the
blade). Both of these models, however, suffered from a significant underprediction
of the size of the separation bubble, locating the reattachment peak in heat transfer
too close to the pressure side edge. The cause of both the elevated blade tip heat
transfer levels and the shortened separation is an overprediction of the turbulence
within the tip gap region, which is shown in the contours of mid-gap turbulent viscosity
(figure 3.20). It can be seen that the levels of turbulent viscosity predicted by the
standard k-w and standard k-e models are an order of magnitude greater than those
predicted by the other models.

While it is tempting to conclude from figure 3.19 that the standard k-w model is
the most suitable for predicting blade tip heat transfer in low speed environments, it

would not be an appropriate conclusion to draw. Although the shape of the Nusselt
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(a) Spalart-Allmaras (b) Standard k-e ) Realisable k-¢ ) RNG k-¢

(e) Standard k-w ) SST k-w ) RSM

Figure 3.20: Mid-gap turbulent viscosity
(Fine (adjusted) mesh, endwall stationary)

number distribution on a flat blade tip is only slightly affected by the overprediction
of turbulent viscosity, this is unlikely to be true of other blade tip geometries. Other
typical unshrouded blade tip shapes, such as squealer tips, have much more significant
regions of flow separation than flat blade tips do and the underprediction of the
separation bubble size could have a critical impact on the flow structure predicted

in the tip gap region. The cavity flow inside a double squealer tip, for instance, can
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be very sensitive to small changes to the incoming flow; this is seen later in the CFD
simulations of chapter 5. The standard k-w model and the standard k-e¢ model should
therefore be avoided for simulations of this type. The accuracy of the heat transfer
and flow predictions from each the other turbulence models were very similar, and so
the SST k-w and realisable k-e models are the recommended turbulence models for
use with this type of flow. The extra computational cost associated with the use of

the RSM does not, in this result in any significant benefit.

3.4.2.2 Relative endwall movement

The effect of relative endwall movement on the heat transfer distribution was measured
experimentally and the data are shown in figures 3.21a and 3.21b. The results from
the simulations corresponding to these two cases are shown in figures 3.21c and 3.21d.
Once again, the qualitative changes between the stationary endwall and moving
endwall cases are captured well computationally. With relative endwall motion, the
low heat transfer sweet spot is both broadened and deepened and the separation
bubble shortened, moving the reattachment marginally closer to the pressure side
edge, which matches the differences observed experimentally.

Figure 3.22 shows pathlines of the over-tip leakage flow, both with and without
relative endwall motion. It can be seen that the angle of the over-tip leakage flow for
the case with a moving endwall is closer to the axial direction, due to the shear induced
by the endwall. This change in direction reduces the velocity mismatch between the
over-tip leakage flow and the mainstream flow on the suction side and reduces the
extent to which the jet penetrates into the passage before it rolls up into the over-tip
leakage vortex. The flow velocity within the tip gap is also significantly reduced,

particularly in the forward part of the blade tip region.
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Figure 3.21: Blade tip Nusselt number—Effect of relative endwall motion

Figure 3.22: Over-tip leakage flow directions—Effect of relative endwall motion
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3.5 Chapter summary

In this chapter, a detailed CFD validation study of flow over and heat transfer to
the flat blade tip of a large scale, low speed linear cascade was presented. Purely
hexahedral, multiblock meshes were generated in ICEM CFD 11 and solved using the
pressure based solver of FLUENT 6.3 with the SIMPLE algorithm for pressure-velocity
coupling. Mesh insensitivity was confirmed and a thorough test of available turbulence
models was performed. Due to the coarseness of mesh required for their use, it was
concluded that wall functions were unsuitable for this type of flow. On the flat blade
tip, a maximum wall-adjacent cell y* value of two was found to be sufficient to achieve
mesh independence; further refinement of the mesh within the tip gap provided no
change to the blade tip Nusselt number distribution. The standard k-w and standard
k-e models gave the closest match to the experimentally measured magnitudes of
Nusselt number in the aft region of the blade tip, but significantly underpredicted the
size of the separation bubble and located the flow reattachment too close to the blade
tip edge. This was caused by an overprediction of the turbulence levels in the tip gap
region by these two turbulence models. The other models tested gave very similar
levels of accuracy in their predictions of Nusselt number. The RSM did not produce
any significant improvement in accuracy, despite the increase in model complexity and
computational cost associated with it.

It is therefore recommended that future studies of blade tip heat transfer in similar,
low speed environments should attempt to resolve the boundary layer fully and use a
mesh that produces wall-adjacent cell y* values below two on the surfaces of interest.
The standard k-w and standard k-e turbulence models should be avoided because of
their overprediction of turbulence at the pressure side of the tip gap, which results in
relatively poor predictions of the extent of the flow separation. The RSM provided
no benefit over simpler RANS models; the SST k-w and realisable k-e models are
therefore the recommended turbulence models for use in this type of flow. It should be

noted that all of the turbulence models, except for the standard k-w and the standard
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k-e models, significantly underpredicted the blade tip Nusselt number in the thin
section of the blade tip by 30%-40%. This tendancy of these models (in the forms
provided within FLUENT 6.3) to underpredict heat transfer should be borne in mind

when interpreting any simulation data.



Chapter 4

Uncooled Engine Scale CFD
Simulations

4.1 Introduction

This chapter reports a CFD study of the effect of four unshrouded blade tip geometries
on the flow field around and heat transfer to an uncooled HP turbine blade typical
of those used in modern large civil aero-engines. The blade geometry and boundary
conditions are taken from the Rolls-Royce Environmentally Friendly Engine (EFE)
technology demonstrator engine (Rubin de Cervin and Djelalian, 2006), which is
representative of the current cutting edge in large civil aero-engine design. The primary
goal is to identify a new unshrouded blade tip geometry for the EFE HP turbine
blade that is aerodynamically acceptable but has an improved thermal performance
compared to current unshrouded turbine blade tip designs. An unshrouded blade tip
design may be considered thermally better if it can more feasibly incorporate cooling
features and/or reduce thermal loads to the blade tip. This CFD study, performed in
a transonic flow environment, tests several different blade tip geometries at a number
of engine-representative tip gaps (varying between 0.45% and 1.34% of blade chord)
to establish their relative aerodynamic performances, including their tip gap efficiency
exchange rates, defined in equation 2.1 on page 19. The heat transfer to each blade tip

is also predicted in order to establish the heat load each geometry would be subjected
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(a) Double squealer (b) Winglet (c) Squealet
Figure 4.1: Tested blade tip geometries

to, which is a preliminary measure of the degree of cooling required. The effect of
relative endwall movement is investigated using the double squealer tip geometry.
CFD simulations in this section are run using unstructured, hybrid tetrahedral and
prism layer meshes generated in ICEM CFD 11 and solved with the time-steady,
pressure based solver of FLUENT 6.3 using the realisable k-e turbulence model and

the SIMPLE algorithm for pressure-velocity coupling.

4.2 Blade tip geometries

4.2.1 Currently existing geometries

The simplest and most obvious of unshrouded blade tip designs is the flat tip, as
investigated in the low speed study detailed in chapter 3. While the flat tip performs
very well at very small tip clearances, it has a number of disadvantages—in particular,
its performance drops off extremely quickly as tip gap increases. As such, it is not
generally employed in real engines and therefore, although it has widely been studied

in the literature, it is not examined further in the present work. Perhaps the most
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commonly used type of unshrouded blade tip design is the squealer tip. These blade
tips are characterised by thin rims that extend radially outwards on the pressure
side, suction side, camber line or some combination of the three, which act in a
similar manner to the fins on a labyrinth seal. Squealer tips have been shown in
numerous studies to provide very good aerodynamic performance and can also reduce
the heat load to the main blade tip surface. They are lighter than flat tips and are
less susceptible to catastrophic damage in the event of a tip rub. The biggest problem
with squealer tips, however, is that the rims themselves are often subject to extremely
high heat loads and are nearly impossible to cool, as they are too thin to allow holes
to be drilled through them to access cooling air directly. This makes the squealer
rims extremely vulnerable to damage and reduces their service life considerably. Many
patents proposing methods of cooling squealer tips have been filed, for example,
Andersen (1979), Butts et al. (1993) and Ammann and Good (2011), but it remains
a significant problem without a good solution. Nonetheless, they are often used
in small civil aero-engines where the TET is typically lower than in larger engines
(Saravanamuttoo et al., 2009). The squealer tip that is usually considered to provide
the best compromise between aerodynamic and thermal performance has a rim on
both the pressure and suction sides and is known as a double squealer or a cavity tip.
It is used as the baseline case in the present study and is shown in figure 4.1a. The
particular double squealer geometry used has a ratio of cavity depth-to-squealer rim
thickness of 2.0.

Although all large civil turbofan aero-engines made by Rolls-Royce to date have
had shrouded HP turbine blades, there has been some previous work on unshrouded
designs. The predecessor technology demonstrator engine to EFE, the Advanced
Near-Term Low Emissions (ANTLE) engine incorporated a winglet tip on its HP
turbine blade. This concept has been further developed for EFE and this EFE winglet
design, depicted in figure 4.1b, is used for comparison to the new designs in the present

study.
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4.2.2 “Squealet” tip design

While the winglet design is significantly lighter than the shrouded blade tip that it
replaces, it is still relatively heavy when compared to more traditional unshrouded
blade tip designs, such as squealer tips, and provides a much larger wetted surface
area for heat transfer. Its advantages are that its tip gap efficiency exchange rate is
lower than that of the double squealer design, so the efficiency penalty caused by an
increased tip gap is reduced, and that it is not as prone to thermal damage as the
thickness of the tip extensions allow film cooling to be used to protect the blade tip.
An attempt has been made to bridge the gap between these two designs with a hybrid
blade tip geometry that would combine the advantages from both the double squealer
tip and the winglet tip—the “squealet” tip.

The initial squealet design is illustrated in figure 4.1c. This geometry was designed
at Rolls-Royce under guidance from the author of the present study and was based on
the early simulation results from the double squealer tip and anecdotal evidence of
in-service experience. The design approach used was to start with the double squealer
tip and graft features from the winglet on to it to improve the sealing capability of the
tip and improve cooling access. In order to reduce the mass flow rate spilling out of
the rear of the cavity and over the suction side rim, the back of the cavity was opened
to channel the cavity flow all the way through to the trailing edge, resembling the
gutter found on the winglet design. Small winglet-like extensions were also introduced
in the mid-chord region of the pressure side and towards the trailing edge region of
the suction side rims to control the regions of highest velocity over-tip leakage flow
and where burnout is most commonly observed in current in-service unshrouded blade
tips.

All geometries investigated in this study are idealised and therefore are sharp-edged.
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Figure 4.2: Computational domain for engine-representative CFD simulations

4.3 CFD methodology

4.3.1 Meshing

Due to the increase in complexity of the geometries being simulated (and the expected
further increase in complexity still to come with the addition of film cooling to the
geometry), an unstructured meshing approach was taken for these simulations. The
computational domain once again consists of a single blade with periodic boundary
conditions and extends from the HP NGV exit plane through to the IP NGV inlet.
The geometry is taken from the actual engine and includes the haded transition duct,
as shown in figure 4.2.

For each blade tip geometry at each tip gap, a purely tetrahedral mesh was first
generated using the Octree mesher of IcEM CFD 11, taking care to distribute mesh
cells appropriately to ensure adequate refinement in regions of flow complexity, while
also avoiding excessive overall cell counts and sudden cell size transitions, as illustrated
in figure 4.3a. An example of the typical mesh refinement on the blade tip surface

is shown in figure 4.4. Curvature-based mesh refinement was used to ensure that all
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Figure 4.4: Typical mesh refinement on the blade tip surface
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salient geometric details were appropriately resolved and expansion ratios' of 1.3 or
less were specified to ensure the appropriate graduation of cell sizes. The tetrahedral
mesh was smoothed globally to produce the highest quality mesh possible, typically
achieving a minimum cell quality® of above 0.4. Prism layers were then grown from
the blade, hub and casing surfaces to ensure that boundary layers would be captured
faithfully. The sizing of the first cell height was chosen to produce a suitable wall-
adjacent cell y* distribution; this was determined by an iterative process of meshing,
solving and remeshing as required until the desired y* values were achieved. A y*
distribution of two or less was targeted over the blade tip and near-tip surfaces for
high veracity heat flux predictions; this was difficult to achieve in places, however,
because of flow impingement or reattachment and high over-tip leakage flow speeds,
which result in very thin boundary layers. A typical y* distribution achieved is shown
in figure 4.5. The number of prism layers was adjusted to leave a thin interface layer
of tetrahedral elements between the two sets of prism layers in the tip gap region,
as seen in figure 4.3b. This approach yielded first cell thicknesses of ~2pum and
between 12 and 19 prism layers (depending on tip gap), which is similar to the meshes
used in related, earlier CFD simulations performed by Rolls-Royce, for example that
reported in Willer et al. (2006), which used 16 prism layers. Smoothing was very
carefully applied: the prism layers were initially frozen and smoothing used to return
the distorted tetrahedral elements to high quality cells. This was followed by the

minimum global smoothing required to bring the minimum cell quality up to 0.1.

!The expansion ratio is usually defined as the size ratio of adjacent cells as the cell size increases
away from wall surfaces. However, due to the manner in which the Octree algorithm partitions the
domain, a gradual transition in cell size is not possible and Octree meshes are characterised by layers
of cells of equal size, with the cell size of each layer being double that of the layer beneath it. The
thickness of each layer of cells is determined by the expansion ratio; when the expansion ratio raised
to the power of the number of cells across the layer is greater than or equal to two, the transition
to the next cell size occurs. The expansion ratio therefore continues to control the rate of cell size
increase from the walls in an analogous fashion to its use in the context of other meshing algorithms,
but is constrained by the inability of the Octree mesher to produce a smooth graduation in cell size.

2The reported mesh quality of a cell is defined as the reciprocal of aspect ratio for a tetrahedral
cell, the determinant for a hexahedral cell and the minimum of the determinant and warpage for a
(triangular) prismatic cell.
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Figure 4.5: Typical achieved wall-adjacent cell y™ distribution

The smoothing at this latter stage had to be performed with great care to minimise
distortion to the boundary layer mesh.

Achieving high mesh quality was of utmost importance in the generation of meshes
for these simulations. In order to minimise cell distortion, the cell sizing and growth
rates, particularly of the prism layers, were adjusted in problematic areas to ensure
that elements of sufficient quality were produced. This was most important on surfaces
of high curvature where prism layers were grown, such as the rear corner of the double
squealer tip cavity, as without any intervention, the collision of the columns of prism
layers grown from the converging sidewalls of the cavity would have resulted in cells
with very high aspect ratios. In order to counteract this, prism layer expansion was

supressed locally, giving thinner prism layers and thus alleviating the problem.



Uncooled Engine Scale CFD Simulations 94

The sizes of the initial, purely tetrahedral meshes were 2.2-2.6 million cells, which
yielded overall final hybrid meshes of 5.0-5.7 million cells. The variation in cell count
was caused by the different blade tip geometries and changing tip gap; the cell sizes
and expansion ratios were held constant rather than the number of cells. Increases in
tip gap were made by trimming the blade tip down to the appropriate radius, so the
wetted surface area and blade mass decreased slightly with increasing tip gap. In order
that the variation of efficiency of each geometry with tip gap could be established,
simulations were run at 0.25mm, 0.5mm and 0.75 mm tip gaps, representing 0.45%,

0.89% and 1.34% blade span, respectively.

4.3.2 Solution and boundary conditions

The solver used was, once again, the pressure based, implicit solver of FLUENT 6.3,
with the SIMPLE algorithm for pressure-velocity coupling. Although the density
based solver is generally regarded as being more appropriate (in terms of stability and
speed of convergence) for high speed, compressible flows such as these, the pressure
based solver was selected for its relative velocity formulation, as this would be required
for the future simulations with film cooling. It had previously been found that CFD
simulations run at Rolls-Royce using the absolute velocity formulation, which is the
only option with the density based solver, exhibited very uneven velocity profiles
at the coolant inlet boundaries caused by truncation errors. The pressure based
solver was therefore used for the uncooled CFD simulations to ensure compatibility
of the results with the future simulations. By solving the domain in the rotating,
blade-relative frame of reference, a time-steady solution could be obtained. This
reduced computational requirements to a level that could feasibly be solved on the
available hardware. The meshing process and post-processing were conducted on a
64-bit, four-core workstation with 8 Gb RAM. The solver was run on a small, 64-bit

cluster with eight nodes, each of which had four cores and 8 Gb RAM.
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Figure 4.6: Inlet pg,a and Tp e and exit p boundary condition profiles

The boundary conditions used were engine-realistic and provided by Rolls-Royce
from numerical simulations run using their in-house codes. As only a single rotor blade
was being simulated in a time-steady, periodic environment, circumferentially averaged
total pressure and temperature distributions were imposed at the inlet, along with
the appropriate flow directions. The effects of NGV wake passing and circumferential
variations of pressure and temperature (e.g. from the combustor exit temperature
profile) were therefore not represented in the CFD; the radial variations, by contrast,
were included. A radial static pressure profile was similarly applied at the outlet plane.
These boundary condition profiles are shown in figure 4.6. Typical mass-averaged flow
conditions at the computational inlet and exit planes are given in table 4.1.

Due to the variation in fluid temperature over the blade tip surface, the local
adiabatic wall temperature distribution was needed to calculate the appropriate
driving temperature for the calculation of heat transfer coefficient. Two simulations
were therefore run for each geometry/tip gap combination; one with adiabatic wall
boundary conditions on all walls and one with imposed, constant temperature boundary
conditions on the blade, tip and shroud surfaces. There is therefore an implied

assumption that the flow field is not significantly changed by the wall thermal boundary
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Inlet relative total pressure 3.35 MPa
Inlet static pressure 3.02 MPa
Inlet relative total temperature 1760 K
Inlet static temperature 1717K
Inlet relative velocity 322ms!
Inlet relative Mach number 0.40
Inlet relative Reynolds number (based on axial chord) 0.81 x 10°
Exit static pressure 1.94 MPa
Exit static temperature 1568 K
Exit relative velocity 716ms?
Exit relative Mach number 0.93
Exit relative Reynolds number (based on axial chord) 1.35 x 106
Mass flow rate 1.81kgs™!
Rotor speed 1319rads™!

Table 4.1: Summary of mass-averaged nominal flow conditions

condition. The driving temperature used in the calculation of the heat transfer
coefficient was then the difference between the (local) adiabatic wall temperature and

the imposed constant wall temperature, i.e.

qet

h=—""—+
Tad _Tct

(4.1)

In an effort to maximise comparability with related, previous CFD studies per-
formed in FLUENT at Rolls-Royce, the realisable k-¢ model was used with enhanced
wall treatment. This turbulence model had previously been selected for its good
performance in regions of separated flow; a critical feature of over-tip leakage flow.
Viscous heating terms in the turbulence model were included, as this was known to
make a significant impact in the high shear region found in the tip gap. Real air
properties to account for the variation in specific heat, conductivity and viscosity
with temperature were input to cover the entire temperature range encountered. The
convergence criteria used were very similar to those used previously; that residuals
were flat and had dropped by at least three orders of magnitude (six in the case of
the energy variable), that the axial drag force on the blade was steady, that either

the average blade temperature or average heat flux to the blade (depending on the
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boundary conditions used for that simulation) was steady and that the overall mass
flux imbalance across the domain was less than 0.1% of the inlet flow.

At convergence, second order discretisation was used for all variables. It was found
that the simulations were reasonably unstable and significant underrelaxation was
needed to guarantee convergence. This was attributed to the inherent unsteadiness
of the flow being pseudo-averaged by use of a time-steady solver. The simulations
required some additional care to establish the general flow field without diverging.
To achieve convergence, these simulations were initially run with laminar viscosity,
first order discretisation and a specified, constant mass flow rate inlet boundary
condition of 1.778 kg s~ (with the correct flow directions specified) for ~100 iterations.
The realisable k-e¢ model was then turned on and run for another ~150 iterations.
The inlet boundary condition was then changed to a specified pressure inlet with
the appropriate total pressure and temperature distributions. After a further ~50
iterations, the discretisation scheme was changed to second order, at which point the
simulations could be left to converge fully. A typical convergence history is shown in
figure 4.7.

No attempt at validation was made, as no suitable experimental data were available.
This study was intended solely as a comparative study, so this was not considered
to be critical. Additional care was, however, taken to ensure that every solution
was physically realistic to minimise the risks of an inappropriate flow solution being

accepted.

4.3.3 Mesh sensitivity

Mesh sensitivity was assessed using the revised squealet tip geometry (described later
in section 4.5) at a tip gap of 0.5 mm (0.89% blade chord). The same meshing strategy
that was used to create the original mesh, described in section 4.3.1, was applied to
generate a new, more refined mesh. Applying a global refinement of elements, the

overall mesh size was increased by 29% from ~5.80 million to ~7.49 million cells. Due
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Figure 4.7: Scaled residuals showing a typical convergence history

Original mesh Refined mesh Change

Heat flux / MW m—2 2.787 2.855 +2.4%
Heat transfer coefficient / Wm=2 K1 8269 7574 —8.4%
Adiabatic wall temperature / K 1793 1795 +0.1%

Table 4.2: Mesh sensitivity comparison—Average blade tip heat transfer values

to software license availability issues, this mesh sensitivity assessment had to performed
using FLUENT 12.0 rather than FLUENT 6.3, which was the solver that was used
for the rest of the study. For the purposes of ensuring that a fair comparison could
be made, simulations with both meshes were run using the same solver. The solver
settings and solution procedure used were identical to those described in section 4.3.2.

The predicted contours of heat flux, heat transfer coefficient and adiabatic wall
temperatures for the simulations run with the two different meshes are shown in
figure 4.8. There are some noticeable differences between the distributions produced

by the meshes; notably, the enhancement of heat transfer coefficient (and hence,
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(a) Heat flux (b) Heat transfer coefficient (c) Adiabatic wall temperature
Original mesh Original mesh Original mesh

(d) Heat flux (e) Heat transfer coefficient (f) Adiabatic wall temperature
Refined mesh Refined mesh Refined mesh

Figure 4.8: Mesh sensitivity comparison—Heat transfer predictions

heat flux) caused by flow attachment, both on the pressure side rim and the cavity
floor, is slightly attenuated in the refined mesh. The variations in the adiabatic wall
temperature distribution over the blade tip are also less pronounced with the finer
mesh. However, most importantly, the shape of the distributions predicted by each of
the meshes are the same. The area-averaged values of the heat transfer parameters
over the blade tip (from ~90% span outwards) are reported in table 4.2.

Pathlines showing the flow structure in the cavity and the over-tip leakage flow
are plotted in figure 4.9. There are again slight differences in the predicted flow paths
shown between the two cases. The most obvious of these is that the angle of the

over-tip leakage flow towards the rear of the blade tip deviates further from the axial



Uncooled Engine Scale CFD Simulations 100

(a) Cavity flow pathlines (b) Over-tip leakage pathlines
Original mesh Original mesh

(¢) Cavity flow pathlines (d) Over-tip leakage pathlines
Refined mesh Refined mesh

Figure 4.9: Mesh sensitivity comparison—Pathlines of over-tip flow

direction in the simulations performed with the refined mesh (figure 4.9d). However,
the most important observation is that the predicted flow structure is identical between
the two meshes, particularly in the very sensitive front portion of the blade tip cavity

(figures 4.9a and 4.9¢).
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From this study of mesh sensitivity, it can be seen that a small degree of mesh
sensitivity is present in the solution. Neither the shape of heat transfer distributions,
nor the predicted flow structure are significantly altered with mesh refinement, however.
As no suitable experimental dataset was available to allow for the validation of
the simulations and the study was hence intended to be comparative rather than
quantitative in absolute terms, the small extent of mesh sensitivity exhibited by the
simulations run using the original mesh was considered to be acceptable, given the

reduction in computational time required to achieve a converged solution.

4.4 Results

4.4.1 Aerodynamic efficiency

In order to compare the aerodynamic performance and tip gap efficiency exchange
rates of the different blade tip designs, an exit calculation plane approximately one
axial chord downstream of the trailing edge was used, as shown in figure 4.10a. This
therefore represents a partially mixed-out plane, in which the footprint of the blade
wake and the various vortices are still clearly visible, as can be seen in figure 4.10b.
The inlet plane used in calculation of efficiencies was the computational inlet plane.

The row efficiency is defined as

Ah

= 4.2
IR Ah, (4.2)
which, with an assumption of constant C}, and =, is calculated as
AT AT
= = 4.3
nR ATS P 7771 ( )
(%)

Quantities were mass-averaged over the inlet and outlet planes before the calculation

of row efficiency. Two definitions of Ah (and hence, AT') can be used, as explained
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Figure 4.10: Planes used for aerodynamic efficiency calculations

in Young and Horlock (2006); either Ah = hg;re — ho, Which compares the real
and isentropic increases in kinetic energy through the blade row, or Ah = h; — h,,
which compares the predicted exit kinetic energy against the ideal case. These two
definitions of efficiency are referred to as the total-to-static efficiency, ng s, and
the static-to-static efficiency, nr ss, respectively. Although these two definitions give
slightly different absolute values, they are compatible in that the predicted trends are
consistent across both.

From the calculated row efficiency, an inferred stage efficiency can be determined

by the definition given in Harvey (2004)

(ATOSt,abs)
n ToNGVin
St = AT t,abs —1 1 —1 1
N (= e ) [ e )
T in,abs T Toa S
ONGVin,ab: 0o,ab (4 4)
TONGVin,abs - [TOO,abs (1 - ’YT_lM? (HLN - 1)) (1 - ’YT_lMg (WLR - 1))]

This expression compares the actual decrease in absolute total temperature, and
hence total enthalpy, across the turbine stage to the decrease in absolute total tem-

perature for an isentropic process operating with the same exit Mach number; i.e.
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how much specific work would be extracted by the turbine stage if both the NGV
and rotor were 100% efficient. This can be seen by the following manipulation of the

factors found in the denominator

-1 1 -1 1v—-1
o he (L) e e sy

i 2 n 2
Ty To-T
T nT
To To—1T
_?_T
=7 (4.5)

where the total temperature is taken at the inlet to the blade or vane row and the
Mach number and static quantities are taken at the exit.

For clarity, only the static-to-static row efficiency has been used in the calculation
of stage efficiency; however, either definition of row efficiency could be used. A constant
value of 90.9% was assumed for 7y, which is typical of current NGV efficiency. A tip
gap efficiency exchange rate could then be established as %”%.

Since these CFD simulations are not validated against experimental measurements,
the absolute values of predicted efficiency cannot be trusted to be correct. However,
it is the comparison between results that is important; both in terms of the relative
efficiency at a given tip gap (as this determines which design is most appropriate for
an engine with a given design tip clearance) and the tip gap efficiency exchange rate
(which indicates the likely degradation in performance over the lifetime of an engine
or at different points in a typical engine cycle).

nr,s and nrgs are plotted in figure 4.11 for the three geometries at tip gaps
between 0.25 mm and 0.75 mm. As stated previously, it is evident that although there

is clearly an offset between the absolute values of the two definitions of nr, the trends

of the two sets of data, and hence the conclusions that can be drawn from them, are
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Double squealer 2.03
Winglet 1.71
Squealet 1.95

Table 4.3: Predicted tip gap efficiency exchange rate

identical. The inferred stage efficiencies, 7, were calculated using ngr gs substituted
into equation 4.4 and are plotted in figure 4.12.

The same trends are evident in both the predicted row efficiencies and the inferred
stage efficiencies. As expected, the winglet design desensitises the stage efficiency
to changes in the tip gap—in other words, for a given increase in tip gap, there is
a greater degradation in efficiency using the double squealer design compared with
the winglet tip. This is reflected in the smaller tip gap efficiency exchange rate for
the winglet tip. The squealet tip, being a hybrid design, has an exchange rate that
falls in the range between the double squealer and winglet tips, as expected. There is
also an offset in the achieved efficiency, showing that the winglet tip performs better
aerodynamically than the double squealer tip over the range of tip gaps investigated.
This efficiency offset is largely maintained when the squealet tip is employed, whose
predicted efficiency is much closer to that of the winglet than the double squealer tip.
The crossover point in efficiency between the winglet and the squealet tip designs is
predicted to be at a tip gap of ~0.3 mm, although the exact location of the crossover
in efficiency is extremely sensitive to small changes in the predicted efficiencies. The
location of the crossover is a crucial metric for the potential application of such a
design to a real engine, as it determines what range of tip gaps must be achieved
and maintained in order to benefit aerodynamically from the introduction of the new
design; however, since the predicted location is so sensitive even to very small changes
in either the tip gap exchange rate or the absolute magnitude of efficiency, it is not
possible to determine the location of the crossover point with confidence from these

data.
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(a) Double squealer (b) Winglet (c) Squealet

Figure 4.13: Cpgy; contours at 0.25 mm tip gap

The differences in aerodynamic loss characteristics between the winglet and the
squealet tips are caused by changes in the near-tip flowfield. Figure 4.13 shows
contours of the pressure loss coefficient, C'pg;, plotted on several transverse planes for

the squealet tip and the winglet tip at the 0.25 mm tip gap. C'pg; is defined as

Cpos = pOi,lrel ;pO,rel ( 4 6)
(ipv )i,rel

where inlet quantities are mass-averaged before the calculation of Cpg;. With this

definition, it should be noted that the pressure loss coefficient can be negative as it is

referenced to the mass-averaged total pressure at the inlet.

The over-tip leakage vortex is much reduced in the case of the winglet tip, both
in its extent and its depth, reflecting the better sealing capabilities of the winglet
tip. This, in turn, likely explains the smaller tip gap efficiency exchange rate of that
geometry, as the improved sealing renders the blade tip design relatively insensitive to
variations in the tip gap. However, the open entrance to the gutter at the leading edge
of the winglet channels more air through the gutter, giving a significantly higher flow
velocity within the gutter compared to the other designs. As a result, there is a larger

mixing loss within the gutter as the over-tip leakage flow meets the gutter flow with a
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(a) Double squealer (b) Winglet (c) Squealet

Figure 4.14: Blade tip static pressure at 0.25 mm tip gap

greater mismatch in velocity. Thus, the improvement in aerodynamic efficiency due to
the reduced over-tip leakage vortex is partially offset by the increased mixing losses
within the tip gap itself. The blunt trailing edge of the pressure side of the winglet tip
also has a significant contribution to the (uncooled) aerodynamic loss, leaving a large
wake behind it. These three sources of loss (the over-tip leakage vortex, the gutter
flow mixing losses and the blunt pressure side trailing edge wake) leave a relatively
wide footprint in the pressure loss coefficient contours immediately downstream of the
blade tip trailing edge.

The increased gutter flow velocity also results in a lower static pressure between the
pressure side rim and the suction side rim for the winglet, as can be seen in figure 4.14.
This produces a difference in the way the blade tips seal the flow; broadly speaking, it
is the pressure side of the winglet tip that does the majority of the sealing, whereas
the pressure drop is more evenly distributed across the pressure and the suction sides
for the double squealer and squealet tips. This has a direct impact on the over-tip
leakage flow velocities in the tip gap, shown in figure 4.15. The winglet tip yields a
much higher peak over-tip leakage velocity, with transonic over-tip leakage flow over a

much larger portion of the blade tip than the other two designs.
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(a) Double squealer (b) Winglet (c) Original squealet
0.25 mm tip gap 0.25 mm tip gap 0.25 mm tip gap

(d) Double squealer (e) Winglet (f) Original squealet
0.75 mm tip gap 0.75 mm tip gap 0.75 mm tip gap

Figure 4.15: Mid-gap over-tip leakage velocity

The squealet tip is much more similar to the double squealer tip in its flowfield
than the winglet tip. The major difference between the two is the open gutter at the
rear of the cavity, which allows the squealet tip to maintain a separation between
the pressure side and suction side rims right to the trailing edge, thereby slightly
mitigating the very high over-tip leakage velocities found at the trailing edge of the

double squealer.
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4.4.2 Heat transfer

The main intention of this study was to improve the thermal behaviour of the blade
tip in order to improve blade life and /or reduce cooling requirements. While the major
factor that contributes to the achievement of these goals is the overall heat load to
the blade tip, both the adiabatic wall temperature and the heat transfer coefficient
distributions are important factors that must be decoupled in order to gain a sufficient
understanding of the thermal load on the blade tip to allow it to be controlled. For
each tip gap and geometry combination, two simulations were therefore run; one in
which the blade and casing surfaces were adiabatic and one where they had constant
temperatures imposed—1400 K for the blade and 1500 K for the casing. The local
adiabatic wall temperature could then be found directly as the static temperature at
the wall from the simulation with adiabatic walls. To find the heat transfer coefficient,
an assumption that the imposed wall temperature did not affect the flowfield needed

to be made (Day, 1997). The heat transfer coefficient could then be calculated as

Get,w
h=_— % 4.7
Tct,w - Tad,w ( )

The overall heat flux to the blade surfaces is presented in figure 4.16, which, when
decomposed as described above, produces the heat transfer coefficients plotted in
figure 4.17 and the adiabatic wall temperatures plotted in figure 4.18. The Nusselt
number based on blade axial chord is also shown in figure 4.19. The Nusselt number
is calculated using a local conductivity based on the adiabatic wall temperature.

The shapes of the overall heat flux distributions are very similar to those of the
heat transfer coefficient distributions, suggesting that the heat transfer coefficient
is the major factor controlling heat transfer to the blade tip and not the driving
gas temperature. Indeed, the adiabatic wall temperature distributions are relatively
uniform over the blade tip surfaces for all three geometries; although there is some

spatial variation, it is not as significant as the variation found in the heat transfer
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coefficient distributions. High heat transfer coefficients are observed in all three
geometries on the pressure side-facing, inner edge of the suction side rims, caused by
the impingement of the over-tip leakage flow. Recessed areas, such as the cavity and
gutter floors, generally exhibit much lower levels of heat transfer coefficient, being
largely sheltered from the high velocity over-tip leakage flows. There are significant
impingement hot spots on these surfaces, however, near the leading edge of the double
squealer and squealet tips and in the cavity of the winglet tips, where the over-tip
leakage flow separates from the upstream rim and reattaches on to the floor.

Across all three geometries, the same trends in heat transfer are seen as the tip gap
increases from 0.25 mm to 0.75 mm. The heat transfer coefficients on the tip broadly
increase with increasing clearance, particularly on the radially outermost surfaces.
This increase in heat transfer coefficient can be attributed to the increased over-tip
leakage flow velocities seen in the tip gap region at the larger tip clearance, shown in
figure 4.15. There are also significantly stronger impingements on to the floors of the
cavities in all three designs, resulting in more pronounced local peaks in the contours
of heat transfer coefficient. Such hot spots can exacerbate the problem of thermal
loading by introducing thermal stresses that further reduce the lifetime of a blade tip.
On the blade aerofoil surfaces away from the near-tip region, there is no discernable
effect of changing tip gap or blade tip geometry on the heat transfer coefficient. This
confinement of the effect of tip geometry to a relatively small region near the blade tip
is as expected and has previously been reported in the open literature (for example,
Yamamoto et al. (1994b)).

The increase in heat transfer coefficient is slightly offset by a small decrease in the
average driving gas temperature. However, the drop in the adiabatic wall temperature
is small compared to the changes in heat transfer coefficient; the average adiabatic
wall temperature for the double squealer blade tip (from ~90% span outwards) is
reduced by 14.6 K. There is therefore an overall increase in heat flux with tip gap,

as seen in figure 4.16. The reduction in adiabatic wall temperature at the larger tip
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gap is not caused by a drop in viscous heating due to decreased shear as might be
expected; it is still observable if the simulations are run without viscous heating terms.
Its origin is a combination of two other factors related to the reduced shear. The first
is purely one of convection; the relative movement of the casing over the blade tip
has the effect of reducing the near-tip angle of incidence, which has a large effect on
the way that flow leaks over the blade tip. Figure 4.20 shows pathlines seeded from
the cooler, near-casing region for the double squealer geometry. This relatively cool
flow leaks over the blade tip and covers around two-thirds of the tip in the case of the
0.75mm tip gap, but only spills over a very small portion of the trailing edge at the
smaller tip clearance. The over-tip leakage flow, in the latter case, is thus comprised
exclusively of the hotter flow that migrates from close to mid-span up the pressure
side of the aerofoil to the tip region. The second reason also results from the change
in incidence angle, which reduces the near-tip blade loading at the smaller tip gap. As
a result, over-tip leakage flow expands to a lower pressure at larger tip gaps, thereby
resulting in a lower temperature. This increase in the expansion of the over-tip leakage
flow is shown in figure 4.21.

The heat flux and heat transfer coefficient distributions in figures 4.16 and 4.17
have a distinct striping parallel to the over-tip leakage flow direction on all of the
large, flat areas of the blade tips—this is most easily seen on the winglet and squealet
pressure side extensions. This feature is clearly unrealistic and is a computational
artefact that would be impossible to explain physically. Its roots lie in the time-steady
formulation of the simulations and is explained by figure 4.22. The over-tip leakage
flow spilling over the pressure side edge (white pathlines) interacts with the separation
bubble flow along its upper edge (blue pathlines). This interaction is forced by the
time-steady formulation to be resolved as a coherent, spatially repeating feature where
the over-tip leakage flow periodically breaks through over the separation bubble and
is channeled into these narrow streams, which are seen to line up with the stripes in

the heat flux distribution. This striping may therefore be interpreted as an artefact of
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(a) 0.25 mm tip gap (b) 0.75mm tip gap

Figure 4.20: Effect of tip gap on near-casing flow
(Pathlines are seeded from identical locations)
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(a) 0.25 mm tip gap (b) 0.75mm tip gap

Figure 4.21: Effect of tip gap on over-tip leakage flow expansion
(Pathlines are seeded from identical locations)

mesh sensitivity; indeed, the prominence of this striping is significantly reduced in the
heat transfer results for the refined mesh, shown in figure 4.8d. As identical meshing

strategies and cell sizing had been applied to each geometry and tip gap combination,
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Figure 4.22: Stripes in heat flux on squealet at 0.75 mm tip gap
(blue pathlines: separation bubble flow, white pathlines: over-tip leakage flow)

the effect of this mesh sensitivity should be consistent across all cases and it should
not affect the reported comparisons.

The region of extremely high heat transfer located on the inner edge of the suction
side rim of all three geometries poses an especially difficult problem for blade tip
cooling. The cause of this high thermal load is the impingement of over-tip leakage
flow directly on to the corner as it crosses from the pressure side to the suction side.
The over-tip leakage flow is then divided by the sharp corner, with part of the flow
being directed into the cavity/gutter and the remainder continuing over the suction
side rim and rolling up into the over-tip leakage vortex. The streamlines at the corner
therefore split and diverge, as illustrated in figure 4.23. Any cooling air bled out on
to either the cavity wall or the suction side squealer rim would hence be convected
away from the area where it is most needed, leaving the rim exposed and vulnerable

to damage.
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Figure 4.23: Blade heat flux and diverging flow over squealet inner suction side rim

4.5 Squealet tip design revision

Based on the generally encouraging results produced by the initial CFD simulations
of the first squealet design, a second iteration of the squealet geometry was produced.
The design revision was again performed by Rolls-Royce, with guidance from the
author. The revised squealet tip geometry, shown in figure 4.24b, takes into account
some additional manufacturing constraints that had been neglected in the initial
design process, while also incorporating some new features aimed at tackling problem
areas highlighted by the CFD results. The most obvious of these new additions is the
tip shelf along the inner edge of the suction side rim. This feature was introduced
in an effort to tackle the line of extremely high heat transfer coefficient caused by
the impinging over-tip leakage flow by providing a feature that enables direct access
to cooling air. This region would otherwise be impossible to cool, as coolant ejected
elsewhere would be convected away from this edge by the diverging flow. The tip
extension on the suction side was enlarged to accommodate internal features that
supply the tip shelf with coolant. The pressure side extension was also slightly enlarged

in an attempt to improve the control of the over-tip leakage flow. The plan area of
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(a) Original squealet (b) Revised squealet (c) Plan area comparison
(red: original; blue: revised)

Figure 4.24: Squealet tip geometry revision

the squealet tip (not including the tip shelf, shown in figure 4.24c) increased by 27%

as a result of the widened extensions.

4.5.1 Aerodynamic efficiency

Figure 4.25 and figure 4.26 show the predicted static-to-static efficiencies. Once again,
only static-to-static efficiencies are shown; precisely the same trends are evident in
the total-to-static efficiencies.

The differences in the predicted tip gap efficiency exchange rates between all four
geometries are very small, and a reasonably small peturbation in the result of a single
simulation could potentially have a significant impact on the predicted tip gap efficiency
exchange rate, relative to the observed differences. Some degree of caution is therefore
advised in interpreting these data; these CFD predictions show that the aerodynamic
sensitivities of the four tested blade tip geometries to tip clearance are similar, but the
magnitudes—and possibly even the relative order—of their aerodynamic performances

are not necessarily certain.
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Figure 4.25: Variation in predicted row efficiency with tip gap
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Figure 4.26: Variation in predicted stage efficiency with tip gap



Uncooled Engine Scale CFD Simulations 121

Double squealer 2.03
Winglet 1.71
Original squealet 1.95
Revised squealet 2.03

Table 4.4: Predicted tip gap efficiency exchange rate
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(a) Mid-gap over-tip velocity (b) Mid-gap over-tip velocity (c) Blade tip static pressure
Original squealet Original squealet Original squealet
0.25 mm tip gap 0.75 mm tip gap 0.25 mm tip gap

(d) Mid-gap over-tip velocity (e) Mid-gap over-tip velocity (f) Blade tip static pressure
Revised squealet Revised squealet Revised squealet
0.25 mm tip gap 0.75mm tip gap 0.25 mm tip gap

Figure 4.27: Blade tip static pressure and over-tip leakage velocity
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The revised squealet tip has a very similar flow field to the original squealet tip
from which it was derived, which has resulted in a similar tip gap exchange rate.
The offset in efficiency is caused by an improvement in the sealing of the over-tip
leakage flow, resulting in reduced over-tip leakage velocities over the tip gap and a
reduced mass flow rate entering the high-loss over-tip leakage vortex; this is shown
in figures 4.27d and 4.27e. The revised squealet design has larger tip extensions and
is more similar to a winglet tip than the original squealet design, which produces a
static pressure distribution somewhere between that of the original squealet design
and the winglet tip, shown in figure 4.27f. The reasonably subtle changes in pressure
distribution over the blade tip surface help reduce the high pressure gradient found
over the mid-chord suction side rim on the original squealet design, which controls
the high over-tip leakage velocities seen in that region previously.

Comparing the Cpy; contours of the revised squealet, plotted in figure 4.28b, to
those of the other geometries (figure 4.13), it can be seen that the loss development
characteristics of the revised squealet tip design lie between those of the original
squealet tip and the winglet tip geometries. The increased separation between the two
squealet rims allows a greater degree of mixing of the over-tip leakage flow and an
increased aerodynamic loss generation to occur in the gutter. This region of flow with
high aerodynamic loss coefficient is convected to the trailing edge, resulting in a wider
pressure loss wake downstream of the blade tip. This change, however, is relatively
small and the shape of the wake profile remains much closer to that of the original

squealet tip than the winglet tip.

4.5.2 Heat transfer

The heat load on the revised squealet tip is shown in figure 4.29, once again decomposed
into heat transfer coefficient (figure 4.30) and adiabatic wall temperature (figure 4.31),
with Nusselt number calculated as before (figure 4.32). The same trends seen in the

heat transfer coefficient and adiabatic wall temperature distributions in the original
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(a) Original squealet (b) Revised squealet

Figure 4.28: Cpgy; contours at 0.25 mm tip gap

three tip geometries are reproduced in the results for the revised squealet tip. The heat
flux levels for the new design are very similar to those found previously, although the
enlarged tip extensions increase the blade tip surface area, so the total heat transfer
rate to the surface increases slightly from the initial squealet design to the revised
blade tip. The wetted area of the revised squealet still remains significantly lower than
the winglet tip, however, so the overall heat load (and hence, cooling requirement) is
still reduced by comparison.

The overall thermal load incurred by the different tip geometries is summarised
in the graphs in figure 4.33. These data are gathered for the tip surfaces from a
radius of 0.3678 m (approximately 90% span) outwards. Figure 4.33a plots the total
heat transfer rate into the blade tip, which is the single most important measure of
thermal performance for each design, as it represents the total energy flux that must
be removed from the blade by the cooling system (or be prevented from reaching the
blade in the first place). Since the levels of heat transfer coefficient seen across the

four designs are broadly similar, the majority of the difference in total heat transfer



Uncooled Engine Scale CFD Simulations 124

q/Wm?
6000000

t4e+6

(a) 0.25 mm tip gap (b) 0.75mm tip gap

Figure 4.29: Overall heat flux to revised squealet tip

(a) 0.25 mm tip gap (b) 0.75mm tip gap

Figure 4.30: Revised squealet heat transfer coefficient

rate seen reflects the differences in the wetted surface area. The revised squealet
(at a tip gap of 0.5 mm) shows an increase in total heat load of 28% compared with
the double squealer tip, but a reduction of 14% compared to the winglet tip; for

comparison, the revised squealet has 24% more wetted area than the double squealer
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(a) 0.25 mm tip gap (b) 0.75mm tip gap

Figure 4.31: Revised squealet adiabatic wall temperature

(a) 0.25 mm tip gap (b) 0.75mm tip gap

Figure 4.32: Revised squealet Nusselt number

tip and 16% less than the winglet tip. Figure 4.33b plots the integral of heat transfer
coefficient over the surface area, or hA product. Although this quantity is not as
directly relevant in determining the overall cooling requirement as the total heat

transfer rate is, it is generally the one used by Rolls-Royce as it is largely independent
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of inlet temperature profile. It therefore allows the thermal performance of the rotor
blade to be tracked even if the combustor outlet temperature traverse is changed. The
hA product puts the squealet designs slightly closer to the double squealer in thermal
performance than suggested by the total heat transfer rate data, with a 21% increase
in hA product at 0.5 mm for the revised squealet tip. The reduction from the winglet
is also 21%; significantly larger than when measured by total heat transfer rate. The
discrepancy between these two measures is a reflection of the slightly lower adiabatic
wall temperature for the winglet tip and the slightly higher adiabatic wall temperature
for the double squealer tip, visible in figure 4.18.

In both the graphs of total heat transfer rate and hA product, there is little
variation in heat transfer with changing tip gap, with a small peak typically seen
near the middle of the range of tip clearances investigated. This is caused by the
combination of two competing effects; as the tip gap increases, the over-tip leakage
flow velocities broadly increase, resulting in thinner boundary layers and generally
increasing heat transfer coefficients. However, in these simulations, the increase in tip
gap was modelled by trimming the blade tip model down to the appropriate radius,
therefore reducing the wetted surface area of the blade over which heat transfer occurs
and consequently reducing both the total heat transfer rate and hA product. If the
tip clearance had been adjusted by increasing the radius of the over-tip casing instead,
these quantities would be expected to increase monotonically with tip gap.

In calculating the heat transfer coefficient using equation 4.7, an assumption is made
that the flowfield is not altered by the imposed wall temperature boundary condition.
In order to test this, four separate simulations were run using the revised squealet
geometry at a tip gap of 0.5 mm: one with adiabatic wall boundary conditions applied
to the blade surfaces and the other three with constant imposed wall temperatures
of 1350 K, 1400 K and 1450 K. The heat transfer coefficient could then be calculated
using any pair of simulations. The resulting heat transfer coefficient distributions are

shown in figure 4.34 and the differences between them in figure 4.35.
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Figure 4.33: Overall blade tip thermal load
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(a) Adiabatic-1350 K (b) Adiabatic-1400 K (c) Adiabatic-1450 K

(d) 1350 K-1400 K (e) 1400 K-1450 K (f) 1350 K-1450 K

Figure 4.34: HTC distributions calculated by different methods

It is clear that there are slight differences in the heat transfer coefficient distributions
calculated using the various methods and as such, the imposition of a constant
wall temperature does have some effect on the detailed flowfield around the blade.
However, these differences are small and localised and are generally restricted to
small displacements of features rather than large scale variations in the shape of the
distribution. Even the absolute magnitude of the predicted heat transfer coefficient is
largely unaffected by which pair of simulations is used in the calculation; the maximum
deviation from the mean for the average blade tip heat transfer coefficient over all of
the six calculation methods shown in figure 4.34 is just 0.7%. As no suitable validation
data for the CFD simulations are available and the depth of this study is thus limited
to the direct comparison of different geometries, the assumption that the imposition
of constant wall temperatures has no significant effect on the flowfield is considered

justified.
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(a) Adiabatic-1350 K— (b) Adiabatic-1400 K— (c) Adiabatic-1350 K—
Adiabatic-1400 K Adiabatic-1450 K Adiabatic-1450 K

(d) Adiabatic-1350 K— (e) 1350 K-1400 K— (f) 1350 K-1400 K—
1350 K-1450 K 1350 K-1450 K 1400 K-1450 K

Figure 4.35: Differences between HTC distributions calculated by different methods
(NB: Scales are different)

4.6 Relative endwall movement

Much of the experimental data available in the open literature on the subject of
turbine blade over-tip leakage flow and heat transfer have been obtained from linear
cascade environments with stationary endwalls. These experimental rigs simulate the
pressure distribution around the aerofoil, but neglect the effects of blade rotation and
the relative movement of the endwall past the blade tip. The opportunity was taken to
investigate the impact of one of these features in an engine-realistic environment; that
of relative endwall motion. The case of the double squealer tip at a tip gap of 0.75 mm
was used as a testbed, selected as being the case most similar to unshrouded blades
currently used in real engines. Two more simulations were run for this geometry (one

with adiabatic walls and one with constant temperature walls) with the entire endwall
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surface (shown in figure 4.2) rotating at the same speed as the blade. In this way,
any effects of the rotating frame of reference (such as buoyancy forces) would still
be present, but without the relative endwall motion, enabling the effects of the two
features to be decoupled and isolated.

Figure 4.36 shows the development of the over-tip leakage vortex, visualised through
contours of pressure loss coefficient. The shear from the relative motion of the endwall
reduces the distance that the over-tip leakage flow penetrates across the passage on
the suction side of the blade, forcing it to roll into a smaller, tighter vortex that is
pushed up closer to the suction side of the blade. Although the shear induced by the
relative endwall motion does reduce the over-tip leakage velocity in the forward part of
the tip gap slightly, shown in figure 4.37, the general migration of air up the pressure
side of the blade is unaffected and so the adiabatic wall temperature is virtually
identical with or without relative endwall motion, as can be seen in figure 4.38. The
introduction of relative endwall motion increases the over-tip leakage flow velocity
in the aft portion of the blade, however, exhibiting the same rearward shift in the
mass-flow rate distribution that was observed in the low speed experimental studies
of Tallman and Lakshminarayana (2001b) and Palafox (2006).

A very small variation in temperature distribution is seen, but it is confined to the
blade tip, mostly at the leading edge. This is caused by the change in the near-tip flow
incidence angle, which alters the flow structure in and around the front of the cavity.
Without relative endwall motion, the over-tip leakage flow enters the cavity from the
leading edge and forms a single, wide cavity vortex occupying the full extent of the
cavity that gradually exits over the entire length of the suction side rim (figure 4.39a).
By contrast, when the shear from the endwall motion is present, flow leaks over the
squealer rim from further around on the suction side, remaining confined to a region by
the crown of the cavity and forming a tight, counter-rotating vortex before once again
spilling over the suction side rim (figure 4.39b). The rest of the cavity is filled with

flow that leaks over the early pressure side rim that forms a separate cavity vortex.
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(a) No relative endwall motion (b) With relative endwall motion

Figure 4.36: Effect of relative endwall motion on Cpy; pressure loss coefficient

(a) No relative endwall motion (b) With relative endwall motion

Figure 4.37: Effect of relative endwall motion on mid-gap over-tip flow velocity
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(a) No relative endwall motion (b) With relative endwall motion

Figure 4.38: Effect of relative endwall motion on adiabatic wall temperature

This change in flow structure, particularly around the leading edge, drives the minor
change in the adiabatic wall temperature distribution, but has a more significant effect
on the heat transfer coefficient distribution, particularly around the reattachment hot
spot on the cavity floor. In the absence of relative endwall movement, the wide cavity
vortex results in a broad streak of high heat transfer coefficient where the incoming
flow impinges in slightly different locations depending on exactly where around the
rim it enters the cavity. A much smaller peak is seen in the case where relative
endwall motion is present, due to the split cavity flow. This difference in heat transfer
distributions is somewhat reassuring as it implies that results from the simplified case
omitting relative endwall movement (as is the case in most linear cascade studies) will
generally overpredict the heat load that the blade tip is subjected to. In this case,
the introduction of relative endwall movement reduced the total heat transfer rate to
the double squealer tip (from ~90% span outwards) by 1.7%. However, the change
in cavity flow field casts some doubt over the veracity with which such experiments
would be able to capture the detailed flow fields in and around complex tip geometries.

The same general effects of relative endwall motion are observed in these high

speed CFD simulation results as were seen in the low speed work reported in chapter 3:
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(a) No relative endwall motion (b) With relative endwall motion

Figure 4.39: Effect of relative endwall motion on cavity flow and HTC

the over-tip leakage velocity is reduced in the forward part of the blade, the over-tip
leakage mass flow rate balance is moved towards the rear, the over-tip leakage vortex
occupies a smaller space and does not penetrate as far across the passage and there is
a modest reduction in overall heat flux to the blade tip. However, there is a much
more significant change in the flow structure in the over-tip region than was observed
previously. This is most likely caused by the change in blade tip geometry (i.e. the
use of a double squealer tip instead of a flat tip) rather than a difference in behaviour

between high speed and low speed flows.

4.7 Chapter summary

In this chapter, an engine-realistic, time-steady CFD investigation into the aerodynamic
and thermal behaviour of an uncooled turbine blade with different blade tip geometries
has been presented. The tip gap was varied over a range of 0.25 mm-0.75mm, or
0.45%-1.34% blade chord. Unstructured, hybrid tetrahedral and prism layer meshes
were generated in ICEM CFD 11 and solved using the steady, pressure based solver of

FLUENT 6.3 with the realisable k-¢ turbulence model with enhanced wall treatment
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and the SIMPLE algorithm for pressure-velocity coupling. The baseline geometry
tested was a basic double squealer tip, which was compared to the existing EFE
winglet design. A hybrid design drawing features from both of these, the squealet
tip, was introduced, tested, refined and tested again. The aerodynamic performance
of the blade tip design was primarily measured by the tip gap efficiency exchange
rate; both variants of the squealet tip were found to have a very similar performance
to the baseline double squealer geometry in this regard, slightly inferior to that of
the winglet tip. There was an improvement in absolute efficiency, however, with the
revised squealet tip predicted to perform better than the winglet tip over the majority
of the range of tip gaps tested. Very similar levels of heat transfer coefficient were
seen across all blade tip designs, so the total heat load received by the revised squealet
tip was reduced compared to the winglet by approximately 14%, primarily due to
the reduction in wetted surface area. The effect of relative endwall motion was also
investigated using the double squealer blade tip geometry at the 0.75 mm tip gap.
Endwall movement was found to reduce the incidence angle of over-tip leakage flow,
altering the structure of the flow within the tip gap region and dividing the cavity
flow into two smaller vortices. This change reduced the extent of the impingement
hot spot on the cavity floor caused by the over-tip leakage flow entering the cavity at

the leading edge.



Chapter 5

Cooled Engine Scale CFD
Simulations

5.1 Introduction

This chapter reports a continuation of the CFD study of the squealet tip using the
same aerofoil and external boundary conditions as before. This section concerns
the development towards a practical blade tip that could be used in a real engine
by the addition of film cooling. This is performed at a single tip gap of 0.5 mm
(0.89% blade chord). A simplified internal core and film cooling holes are added to
the blade tip region, taking into account restrictions regarding placement of features
due to manufacturing tolerances, and then a “manual optimisation” of the cooling
configuration is undertaken by sealing off some of the cooling holes but leaving
others open. All of the CFD simulations detailed in this chapter are run using an
unstructured tetrahedral mesh with prism layers generated in IcEM CFD 12 and
once again solved with the time-steady, pressure based solver of FLUENT 6.3 using
the realisable k-e turbulence model and enhanced wall treatment and the SIMPLE

algorithm for pressure-velocity coupling.

135
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Figure 5.1: EFE blade internal cooling core

5.2 Cooling geometry

The initial possible locations of cooling holes were identified by Rolls-Royce, using
the revised squealet tip design from the previous chapter as the external geometry.
The internal core geometry was the existing core designed for use with the EFE
winglet tip, shown in figure 5.1, to which no modifications were made. This meant
that there was a noggin (a small bulge in the top of the core) on the suction side,
to which a chordwise cooling gallery was connected. A similar feature also existed
on the pressure side, although it was not needed. The cooling gallery was used to
reduce the required length of the cooling holes near the trailing edge in order to allow
a greater cooling air mass flow rate in this critical region. The cooling gallery was
0.8 mm in diameter, but exited the blade surface through a 0.5 mm diameter dust

hole. This had been achieved in practice on the winglet tip by welding the gallery exit
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closed and then redrilling the smaller diameter exit; a similar scheme is represented
schematically in the geometry as a sharp, sudden contraction close to the gallery
exit. As many cooling holes of diameter 0.38 mm as could be fit in a single row in
the blade near-tip region were located to connect the internal core to the external
aerofoil surfaces, taking into account manufacturability requirements—in particular,
a minimum separation of approximately 1.0 mm was required between adjacent hole
centrelines to accommodate stress limitations. Larger, 0.5 mm diameter dust holes
were also located on the top of each radial internal passage and at the top of each
noggin to allow any debris in the cooling air supply to be expelled from the blade.
In addition to the manufacturing constraints, the EFE blade was designed to be
compatible with an abrasive blade tip/abradable casing liner technology intended to
improve casing circularity and concentricity. This introduced the further requirement
that no cooling holes break out on to the squealet rim, as the abrasive rocks used for
the cutting material on the blade tips would be attached to this surface. In total, 44
cooling holes were included on this cooling design, plus five dust holes and the suction

side cooling gallery exit. This initial cooling design is shown in figure 5.2.

5.3 CFD strategy

As the most time-consuming part of the previous CFD study by far was the meshing
of the computational domain, a decision was taken to create a single mesh that would
allow different cooling configurations to be tested without the need for remeshing.
While this would significantly increase the complexity of the meshing process, that
process would only have to be conducted once. In order to achieve this, cover surfaces
were created to cap each end of every cooling hole; one flush with the external blade
surface and one flush with the internal core. By partitioning the low domain in this
way, the mesh within each cooling hole could be defined as a separate computational

volume, independent of both the internal core and the mainstream air channel. Thus,
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(a) External (b) Transparent (c) Internal
Figure 5.2: Original external and internal cooled squealet tip geometry

the mesh within the cooling hole regions could be specified as being solid zones (turning
off the convection terms of the solver) to seal them off, allowing different cooling
configurations to be simulated. In order to maximise the definition of the velocity
profile at the cooling hole exits, conformal mesh boundaries were enforced over all of
the cooling hole cover surfaces.

The meshes were generated with a similar method to that used for the meshes
created for the uncooled simulations described in the previous chapter, this time using
Iceém CFD 12. The Octree mesher was once again employed for the tetrahedral mesh

generation.

5.3.1 Geometry simplification

Many problems were encountered in the development of the meshing process due to
the complexity of the geometry. Critically, insurmountable difficulties arose while

extruding prism layers from the external surfaces, with many highly distorted and
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partially inverted! cells being produced, mainly in the region around the tip flag exit
at the trailing edge. In an attempt to circumvent these issues, local cell refinement
was increased greatly, constrained only by the limits of the maximum mesh size that
could be generated with the available memory on the computer used for meshing. The
excessive distortion still remained despite the reduced cell size.

In order to solve the meshing problems, the computational geometry was simplified.
The most significant modification made was to terminate the tip flag in a computational
exit before it broke through the aerofoil surface, meaning that any cooling flow through
the tip flag was removed from the simulation without it joining the mainstream flow.
As the trailing edge slot feed was absent from the initial geometry and was not in any
case to be simulated, it was felt that the detailed flow field around the tip flag exit was
already less than entirely representative of the real blade and that the removal of the
tip flag-mainstream interface was not critical. By maintaining the tip flag geometry in
all other respects and placing a pressure outlet at its extremity, the internal cross-flow
conditions in the core at the entrance to the cooling holes were still correctly simulated,
so this change would only have a minor effect on the coolant supply to the blade tip.
The core itself was also simplified slightly. The leading edge channel was disconnected
from the leading edge feed to form two separate passages and the whole core was
trimmed to a radius just below the extent of the tip flag. These two changes were
made solely to reduce mesh size rather than to alleviate any specific meshing-related
problems. The core tie joining the top of the leading edge channel to the first passage
of the multipass was kept in place, however, as its removal could potentially have
altered the cross-flow conditions at the inlets to the cooling holes in the region and
hence the resulting mass flow rates and velocity distributions through them.

While the first attempts at meshing were being made, some concerns had been raised
over the squealet design in the trailing edge region being inadequately cooled. The

opportunity presented by the delay caused by the meshing problems and subsequent

1See footnote on page 63.
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(a) External (b) Transparent (c) Internal

Figure 5.3: Final external and simplified internal squealet tip geometry

alterations to the internal geometry was seized and some modifications were also made
to the external squealet design by Rolls-Royce. The pressure side squealet rim was
thickened and lengthened, allowing a cooling gallery to be inserted on the pressure
side in addition to the one already present on the suction side. This cooling gallery
greatly reduced the length of cooling hole needed to reach the trailing edge and also
allowed an extra two holes to be located on the pressure side. This relatively minor
change to the external blade tip geometry is not expected to have a large impact
on its aerodynamic performance, although the blunt pressure side trailing edge may
leave a larger wake as on the winglet tip, which would decrease the efficiency; this
would likely be in the form of an offset in efficiency, rather than a change in the tip
gap efficiency exchange rate. The revised external geometry and simplified internal

geometry are shown in figure 5.3.
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Figure 5.4: Prism layer meshing options (schematic)

5.3.2 Meshing compromise

In spite of the simplifications made to the cooling system geometry, some further
problems were encountered in the meshing process as a result of the decision to cap
the cooling holes with cover surfaces. Without cover surfaces, prism layers could
be grown over the external aerofoil surfaces and bent around into the inside of the
cooling holes and the interior surfaces of the core, shown schematically in figure 5.4a.
The cooling hole covers prevent this, as the prism layers have to continue across the
face of the cover surfaces. The ideal meshing approach in this case, would therefore
be to have a second set of prism layers grown on the interior of the cooling hole
volume which bend around the inner side of the end cap (figure 5.4b). Although this
technique would result in a double-thickness of prism layers over the cover surface, it
would otherwise be impossible to maintain a conformal interface without creating very
narrow pyramidal cells at the interface. This double layer of prism cells is unlikely to
affect accuracy adversely, but does cause a small overhead in cell count.

While this approach would give a good distribution of prismatic cells with only the
small expense of a slight increase in mesh size, it was found not to be possible in the
case of the cooled squealet tip geometry. Due to the external shape of the squealet tip,

some of the cooling holes exited the blade at very acute angles relative to the blade
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surface, particularly in the concave region of the blade tip on the pressure side. These
tight angles between the cover surfaces and the cooling hole walls made the addition of
prism layers in the interior of the cooling hole impossible, resulting in highly distorted
and often inverted cells near the cooling hole exit. A compromise therefore had to
be made to allow a valid mesh to be generated. Prism layers were retained over the
external aerofoil and outer cooling hole covers and also on the interior of the blade
core and the inner covers, but the mesh within the cooling holes themselves would be
purely tetrahedral (figure 5.4c). This allowed boundary layer growth to be simulated
correctly in the cooling flow leading to the entrance of the cooling holes and also in the
mainstream where the cooling flow would exit. However, the boundary layer growth
within the length of the cooling holes themselves would not be captured accurately,
thereby affecting the discharge coefficient of each hole and hence the cooling mass
flow rate passed through it. The velocity profile at the cooling hole exit would also
be affected slightly. While this is clearly not ideal, it was felt that the uncertainties
introduced by this compromise would be acceptable in the context of the aims of the
study and the other approximations already introduced.

The final mesh was created in an analogous method to the uncooled blade tip
meshes of chapter 4. Purely tetrahedral meshes were first generated using the Octree
mesher, covering the mainstream air channel external to the blade and the blade core
but not inside the cooling holes. The two portions of the mesh were therefore not
connected at this point. The mesh was smoothed globally and then prism layers grown
over the blade, tip, hub and core surfaces. Following the same careful smoothing
procedure applied to the previous hybrid meshes, the two discrete sections of the mesh
were joined by filling the cooling hole volumes with tetrahedral elements, ensuring
conformal interfaces were maintained. The mesh was then smoothed one final time to
bring the minimum quality of the elements up to an acceptable level.

The finished mesh consisted of 7.6 million tetrahedral cells and 6.9 million prismatic

cells, giving an overall cell count of 14.5 million. 15 prism layers were used with a first
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Figure 5.5: Mesh refinement on the blade tip surface

cell height of 2 ym. The minimum cell quality? value was 0.0279; however, there were
only 43 cells with a cell quality below 0.1 and these were clustered in a non-critical
region inside the suction side gallery where there is an abrupt contraction immediately
upstream of the dust hole exit. The mesh refinement on the blade tip surface is shown

in figure 5.5

5.3.3 Solution and boundary conditions

As this section of the study is a direct continuation of the uncooled investigation
described in the previous chapter, the solver setup and boundary conditions used were
kept the same where possible. The extent of the computational domain is identical
to that used previously, covering a single blade in a periodic environment from the
HP NGV exit plane to the IP NGV inlet plane, as shown in figure 4.2. The external

boundary conditions used were identical to those used for the CFD study without

2See footnote on page 92.
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film cooling described in chapter 4, which are detailed in section 4.3.2 and shown in
figure 4.6. Once again, the time-steady, pressure based solver of FLUENT 6.3 with
the SIMPLE algorithm for pressure-velocity coupling was used in its relative velocity
formulation with the realisable k-e turbulence model and enhanced wall treatment.
Heat transfer coefficient distributions were calculated in exactly the same way as
before, using the results from two simulations; one with adiabatic walls and one
with constant temperature walls. In order to maintain sufficient heat transfer for the
calculation of heat transfer coefficient in regions of high film cooling effectiveness, a
much lower imposed wall temperature of 1100 K was used for the cooled blade tip
simulations. The computational hardware used for these simulations was identical to
that described in the previous chapter.

A single set of boundary conditions were required to allow the direct comparison
between different cooling configurations. The internal cooling boundary conditions
were taken from flow simulations performed by Rolls-Royce using their in-house
network analysis codes, run for the EFE winglet tip. These analyses did not account
for the absence of cooling holes not associated with the blade tip cooling configuration
in the present simulations (i.e. the cooling holes located lower down the blade on
the aerofoil surfaces) or the change in porosity of the blade tip cooling design, which
would alter the internal core pressures. The internal boundary conditions used are
summarised in figure 5.6, which were used as being realistic and representative of
the appropriate coolant feed conditions. Once again, consistency and comparability
between the different cooling configurations being assessed were the priorities rather

than absolute veracity compared with the real engine build.

5.3.4 Cooling configurations

The six cooling configurations tested numerically are shown in figure 5.7. This relatively
small number of configurations covers most viable cooling variants possible using

arrangements of the single meshed cooling scheme. The latter ones were selected based
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P=2703kPa
T=1020K
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Figure 5.6: Internal cooling boundary conditions

on the results of configurations (a)—(d). The goal of the exercise was to minimise the
coolant mass flow rate while still maintaining sufficient cooling across the entire blade
tip, judged primarily by the local adiabatic wall temperature distribution, which is
the key driver of metal temperature given the high external heat transfer coefficients.
Temperature gradients were minimised where possible, as these induce thermal stresses
which can reduce blade life. The only means of changing the cooling configuration
used was the selective blocking of the film cooling holes; there was no scope within

this study for their resizing or movement.

5.4 Results

The adiabatic wall temperatures reported represent the influence of convection, viscous
heating and film cooling effectiveness, but do not capture lateral conduction within
the solid or heat pick-up by the cooling air within the interior of the blade. The

effect of internal cooling can be significant; cooling holes placed in such a way that
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(d) Odd SS2 only

Figure 5.7: Tested cooling configurations
(grey = open, black = closed)

they do not form effective films on the external surfaces can still provide useful
thermal protection to the blade. The extension of these simulations to predict blade
metal temperatures would require a conjugate heat transfer approach to account for
conduction through the solid region. Although this would undeniably be useful and
provide a more accurate assessment of the overall cooling performance than the pure
CFD investigation performed here, it would likely have been too slow to feed back
into the design process for the real engine builds.

The heat transfer predictions for all six cooling configurations are shown in fig-
ures 5.8 to 5.13. The heat transfer coefficient distributions predicted are broadly
similar to those seen in the uncooled simulations, though modulated by the presence of
film cooling. Regions of very high heat transfer coefficient remain around the suction
side tip shelf and at the reattachment line along the pressure side corner, but with

additional augmentation around and downstream of the blown cooling holes.
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Figure 5.8: HTC and adiabatic wall temperature—All open configuration
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Figure 5.9: HTC and adiabatic wall temperature—No SS1 configuration
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(a) Heat transfer coefficient
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(b) Adiabatic wall temperature

Figure 5.10: HTC and adiabatic wall temperature—No SS2 configuration
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Figure 5.11: HTC and adiabatic wall temperature—QOdd SS2 only configuration
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(a) Heat transfer coefficient
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(b) Adiabatic wall temperature

Figure 5.12: HTC and adiabatic wall temperature—Config I configuration
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Figure 5.13: HTC and adiabatic wall temperature—Config 2 configuration
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The output of cooling air has only minor, localised effects on the general tip gap
flowfield and the coolant is carried over the tip by the over-tip leakage flow, leaving
its footprint in the adiabatic wall temperature distributions. The striped pattern
seen in both the heat transfer coefficient and adiabatic wall temperature distributions
is indicative of minimal film spreading and mixing; however, the underprediction of
coolant spreading following film cooling ejection is a common problem for RANS
models (Harrison and Bogard, 2008), so it is possible that the discrete hot and cold

streaks would not be as distinct in reality as suggested here.

(a) Pressure side holes (b) Dust holes

(¢) Suction side holes (d) Tip shelf holes

Figure 5.15: Coolant pathlines for All open configuration
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It can be seen in figure 5.15 that the direction in which the coolant is swept is
entirely determined by the location of ejection. Almost all of the cooling air from
the pressure side holes is carried straight over the top of the blade tip, bypassing the
gutter entirely; only a small portion of the flow (pathlines coloured red in figure 5.15a),
from the first few of these holes closest to the leading edge, enters the cavity at all.
The coolant film from the pressure side holes therefore covers both the pressure and
suction side rims, which is reflected in the relatively low adiabatic wall temperatures
on the suction side rim of the No SS2 configuration (figure 5.10b), despite the absence
of any tip shelf cooling flow. The flow within the cavity is instead dominated by the
flow from the first dust hole (red in figure 5.15b), which remains almost entirely in the
confines of the gutter, diluting the over-tip leakage flow that forms the wide cavity
vortex. By contrast, the flow from the second dust hole (coloured green) spills almost
immediately over the suction side rim to join the over-tip leakage vortex. Flow from
the third dust hole (coloured blue) is divided between these two paths, with part
of the coolant leaving the tip gap in a similar way and the remainder mixing with
the flow from the first dust hole in the gutter. The fact that so much of the cooling
air from the second and third dust holes is immediately lost from the blade tip to
the over-tip leakage vortex suggests that this aspect would be a good candidate for
further improvement in the cooling design. By repositioning and/or angling these
holes (with minor adjustments made as necessary to the top of the internal core to
ensure that they continued to work as dust holes), the air flow through the holes could
be redirected for a more efficient expediture of coolant that maximised the utilisation
of its cooling capacity. Such an optimisation would clearly be beneficial, but is beyond
the scope of the present study.

The cooling air issuing from the holes on the suction side of the blade is swept
back down the blade and away from the tip region, mostly being loosely entrained in

the passage vortex (figure 5.15¢c). As a result, these holes have only a small effect on
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the results of this pure CFD investigation; as noted previously, their impact would be
more significant if internal heat pick-up was simulated.

The tip shelf holes have a more direct effect on the adiabatic wall temperature
distributions on the blade tip, with some of the cooling air sweeping over the suction
side squealet rim and the remainder channeled down the tip shelf itself towards the
trailing edge. There is a noticeable divide in the behaviour of the flow; the air from
the cooling holes connected directly to the core (coloured red in figure 5.15d) is mostly
captured by the over-tip leakage flow and carried over the rim to the over-tip leakage
vortex. The holes further back that are connected to the suction side cooling gallery
(coloured blue) have a lower pressure ratio across them, resulting in a lower momentum
cooling flow that does not penetrate into this strong cross flow. The cooling air from
these holes is kept within the channel of the tip shelf until very close to the trailing
edge where it begins to spill over the rim. This behaviour is rather useful, as the
extreme trailing edge of the blade tip is difficult to cool and has been noted as a
particularly vulnerable region of the blade tip from the limited in-service experience
available. It is possible, therefore, that small changes to the size and shape of the
cooling gallery could be used to tune the variation in pressure ratio across the tip shelf
cooling holes and thus control the cooling air that protects the trailing edge region.
Pathlines are seeded from all of the cooling holes in the tip shelf in figure 5.15d; the
gap between the red pathlines and blue pathlines in the figure accurately reflects this
difference in predicted behaviour between the holes directly connected to the core and
the holes connected to the gallery.

As there are so many factors influencing the choices made for cooling configuration,
it is difficult to measure and compare their overall performances objectively. Two
important metrics are plotted in figure 5.16; total cooling air mass flow rate and total
blade tip heat transfer rate. The “blade tip” for the latter is defined as all of the
external surfaces down to a radius of 0.3678 m (approximately 90% span). There is

an obvious trade-off between coolant mass flow rate and total heat transfer rate, as
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is to be expected. The mass flow rate is clearly not the only factor governing the
variation in thermal load though. The tip shelf cooling flow appears to be particularly
important in reducing the total heat transfer rate, but it is clearly excessive in the
All open configuration; removing every other hole (and hence approximately halving
the coolant mass flow rate to the tip shelf) produces just a 2% increase in heat transfer
rate; there is a further 6% increase when it is eliminated entirely. Moreover, total heat
transfer rate cannot take into account the variation in temperature over the blade
tip. If, for example, the equilibrium metal temperature on the suction side squealet
rim is sufficiently low without any tip shelf cooling flow, it could still outlast a hotter
portion of the blade tip and so further cooling in the region would not provide any
benefit to blade life. However, short of a full thermal analysis including conduction,
there is no way to predict the equilibrium metal temperatures, so total heat transfer
rate remains the most appropriate single measure of goodness. The final configuration
produced by the “manual optimisation”, Config 2, reduces the cooling air mass flow
requirement by 38% for an increased total heat transfer rate of 7% compared to the
All Open configuration.

The reduction in heat flux due to film cooling can be expressed as the Net Heat
Fluzx Reduction (NHFR), a quantity introduced by Sen et al. (1996). NHFR is defined

as

NHFR = Gwithout cooling — {with cooling (51)

Qwithout cooling
and is particularly useful because it can be estimated from measurements taken
in an experimental rig without reproducing real engine coolant-to-mainstream and
mainstream-to-wall temperature ratios. NHFR therefore allows the effect of film
cooling on heat flux in an engine environment to be shown from experimental rig
data. The present simulations were performed at engine scale, with engine-realistic
temperatures, so NHFR is calculated directly as in equation 5.1; this is presented
in figure 5.17. The heat flux distribution without cooling air is obtained from a

simulation run using the same mesh but with all cooling holes sealed.
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Figure 5.16: Total coolant mass flow rate and total blade tip heat transfer rate
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(a) All open (b) No SS1 (c) No SS2

(d) Odd SS2 only (e) Config 1 (f) Config 2

Figure 5.17: Net heat flux reduction

The net heat flux reduction is negative in the space between the coolant paths in
the concave part of the pressure side squealet rim. This reflects an increase in local
heat flux into the blade when film cooling is introduced, which is caused by the local
augmentation of heat transfer coefficient by the film cooling air combined with poor
film cooling effectiveness. Because of the shape of the external aerofoil in this region,
it is difficult to produce good film coverage using discrete cooling holes here; future
design revisions may benefit from a small reshaping of the pressure side tip extension
to make this area more amenable to film cooling. It should be noted that the tendancy
of RANS turbulence models to underpredict the spreading of film cooling flows may
have exacerbated this issue and that the regions of negative NHFR may not be as
significant in reality as are suggested by these simulation results; a more detailed

examination of this region would be needed to eliminate the risk entirely. NHFR
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remains positive over the rest of the blade tip, indicating that the film cooling air

reduces the thermal load elsewhere.

5.5 Addition of extra cooling holes

While the inclusion of cooling flows has reduced the adiabatic wall temperatures over
the majority of the blade tip, there remains a high temperature region on the squealet
rim at the crown of the blade across all of the tested cooling configurations. This hot
spot is identifiable in the 0.25 mm tip gap uncooled blade tip simulations as well, but
is not nearly as prominent; with film cooling, it is the hottest part of the entire blade
tip surface. This island of high temperature persists because it is very difficult to get
coolant to this area, due to the flow structure around the forward portion of the blade
tip. As can be seen in figure 5.18, little of the flow in this region has traversed much
of the blade tip surface, making it difficult to entrain cooling air into the over-tip
leakage flow to reach this area.

In an effort to solve this problem, four additional holes were added to the geometry
as shown in figure 5.19. The first of these new holes is a vertical dust hole, intended
as a replacement for the dust hole at the end of the leading edge channel. This
repositioning could be accommodated with minor reshaping of the top of the internal
geometry of the core and is designed to allow the cooling flow expelled from the dust
hole to be advected to the inner side of the blade crown, providing cooling without
drawing any additional cooling air. The other three holes are angled so that they blow
cooling air on to this surface directly, similar to those described in Correia (2001).
Their axes pass directly through the squealet rim and as such, machining them by
traditional methods would require drilling through the rim itself. These holes are
therefore not manufacturable by traditional techniques and have been located as a
possibility for future manufacturing technologies, such as Virtual Pattern Casting

(Frasier et al., 2011), that will allow cooling holes to be cast directly in place. They
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Figure 5.18: Pathlines around suction side hot spot (All open configuration)

could potentially be manufactured using currently available techniques by drilling
directly through the squealet rim and then optionally back-filling the holes in the rim;
this could potentially cause local stress problems in the rim, however.

The generation of the hybrid mesh used in the first part of this chapter was a
long and arduous process, taking several months to complete successfully, even with
the compromise eventually made in the mesh. This additional exploratory study was
therefore performed on a purely tetrahedral mesh with no prism layers. By doing
this, the mesh was reduced to 9.85 million cells, with a minimum cell quality of 0.20.
Simulations using this new mesh were significantly faster to converge due to both the
reduced cell count and the increased mesh quality. However, it is recognised that a
significant reduction in simulation accuracy, particularly with regards to heat transfer

predictions, will have been introduced by the elimination of the boundary layer mesh.



Cooled Engine Scale CFD Simulations 159

(a) Original cooling hole layout (b) New cooling hole layout

Figure 5.19: Location of extra cooling holes

Three configurations were tested with the new mesh, illustrated in figure 5.20.
The “All open” configuration replicates the original All open configuration—i.e. with
all of the new holes sealed—and is intended to allow the results from the new,
purely tetrahedral mesh to be compared against the results from the original, hybrid
tetrahedral and prism layer mesh to give some indication of the scale of error that
has been introduced. New holes 1 replicates the final configuration from the previous
section (Config 2), but with the first dust hole repositioned and all three of the new
cooling holes open. This configuration, therefore, is not manufacturable with current
techniques, so a second variant, New holes 2, was also tested. This configuration
is identical to Config 2, but with the first dust hole repositioned in an attempt to
cool the crown of the blade tip. As all of the cooling holes have line-of-sight access,
New holes 2 is currently manufacturable.

Figures 5.21 and 5.22 show a comparison of the heat transfer data from the
original All open configuration run on the two meshes. The predicted adiabatic wall
temperatures compare very well, with only minor differences present between the

distributions, for example the more pronounced striping over the pressure side squealet
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(b) New holes 1 (c) New holes 2

Figure 5.20: Cooling configurations with extra holes
(grey = open, black = closed)

rim for the purely tetrahedral mesh. The predicted heat transfer coefficients are slightly
more distinct, although good similarity still remains. The predicted levels are very
close together, but there is a much clearer separation and subsequent reattachment
of the flow over the pressure side edge (and on the suction side near the tip shelf)
with the purely tetrahedral mesh. Importantly though, the overall character of the
predicted flow field remains identical despite this discrepancy in the detail.

The comparison of heat transfer coefficient in the forward part of the blade is
not as good, however. A large hot spot is present on the floor of the cavity in the
purely tetrahedral mesh results that is not found in the hybrid mesh data. There is
also a significant increase in heat transfer coefficient on the outer squealet rim by the
leading edge. Both of these differences are caused by a change in flow, illustrated in
figure 5.23. A slight change to the way flow enters the cavity at the leading edge has
a large impact on the structure of the flow in the forward part of the cavity. In the
case of the hybrid mesh, the cavity flow originates from a lower radius, flowing over
the leading edge region and forming a large vortex that dominates the cavity flow.
With the purely tetrahedral mesh, by contrast, the over-tip leakage flow that enters
the cavity is largely drawn from the region adjacent to the casing, which subsequently
impinges upon the cavity floor, causing the hot spot. In each case, the flow enters

the cavity at approximately the same location, crossing the squealet rim close to the
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(a) Hybrid mesh (b) Purely tetrahedral mesh

Figure 5.21: Mesh comparison—Adiabatic wall temperature
(Cooling configurations are identical; additional cooling holes are sealed)

(a) Hybrid mesh (b) Purely tetrahedral mesh

Figure 5.22: Mesh comparison—Heat transfer coefficient
(Cooling configurations are identical; additional cooling holes are sealed)
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(a) Hybrid mesh (b) Purely tetrahedral mesh

Figure 5.23: Mesh comparison—Heat transfer coefficient and pathlines
(Cooling configurations are identical; additional cooling holes are sealed)

leading edge, but as the flow originates from different locations, the flow entry angle
is changed dramatically. This relatively minor difference has a large impact on the
cavity flow structure, which can be seen more clearly in figure 5.24.

It is clear that there is considerable mesh sensitivity present and that the omission
of prism layers has resulted in a noticable change in the cavity flow. However, although
the differences are evidently significant, they are not irreconcilably large. The flow
and heat transfer predictions for the latter two-thirds of the blade tip region remain
very well matched and the purely tetrahedral mesh simulation is an excellent—if a
little coarse—approximation in this region. Even in the cavity where the differences
are most pronounced, the salient features of the over-tip leakage flow (e.g. gross flow
direction, separation and reattachment) are still captured to some extent. Providing
that these differences are recognised, additional understanding can still be gained
from the simulations run using this purely tetrahedral mesh. With the omission of

prism layers, the area-averaged values of heat flux, adiabatic wall temperature and
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(a) Hybrid mesh (b) Purely tetrahedral mesh

Figure 5.24: Mesh comparison—Cavity flow formation
(Cooling configurations are identical; additional cooling holes are sealed)

heat transfer coefficient from ~90% span outwards are changed by —6.1%, +1.2% and
—10.6%, respectively.

The heat transfer predictions for the three cooling configurations with the new
mesh are shown in figures 5.25 to 5.27. There is a prominent region of enhanced
heat transfer seemingly centred around the sealed dust hole for both the New holes 1
and New holes 2 configurations. This feature is rather unusual, and could easily be
dismissed as an artifice of the geometry or the mesh, for example caused by a wake
from a cover surface that was not quite flush with the cavity floor, as it is centred
around a cooling hole that is effectively not present. However, as can be seen in
figure 5.29, it is not caused by a problem with the CAD geometry, but rather is
coincident with the position of initial attachment of the over-tip leakage flow on to the
floor of the blade tip cavity. This is, therefore, a feature that would always have been
present were it not for the exact placement of the original dust hole. The blowing
from that first dust hole interrupted the impingement of the over-tip leakage flow on

the cavity floor, suppressing the peak in heat transfer coefficient now visible.
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Aside from that unexpected feature, the additional cooling holes and relocated
dust hole cause very little change to the overall adiabatic wall temperature and heat
transfer coefficient distributions. Figure 5.30 shows a detail of the adiabatic wall
temperature distributions around the inner rim in the vicinity of the additional cooling
holes. The new cooling holes in the New Holes 1 configuration (figure 5.30b) have a
very clear effect on the local temperature, blowing directly on to the squealer rim and
resulting in very high film cooling effectiveness on the inner surface. While the new
cooling holes leave a clear footprint in the adiabatic wall temperature distribution, the
relocated dust hole alone (New holes 2 configuration in figure 5.30c) has very little
impact. Although the air from this dust hole appears to be convected to the correct
place (grey pathlines in figure 5.31), its effect on the adiabatic wall temperature is

minimal. It therefore appears that the relocation of the dust hole was unsuccessful,

) Heat transfer coefficient

(b) Adiabatic wall temperature

Tip

Tip

Figure 5.25: “All open” cooling configuration results (purely tetrahedral mesh)
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Figure 5.26: New holes 1 configuration results (purely tetrahedral mesh)
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Figure 5.27: New holes 2 configuration results (purely tetrahedral mesh)
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(a) “All open” ) New holes 1 ) New holes 2

Figure 5.28: Nusselt number (purely tetrahedral mesh)

Figure 5.29: Cavity floor impingement hot spot (New holes 1 configuration)
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(a) “All open” (b) New holes 1 (¢) New holes 2

Figure 5.30: Adiabatic wall temperatures around inner suction side rim

Figure 5.31: Coolant pathlines from the new holes
(grey = relocated dust hole, red/green/blue = new cooling holes)

increasing the heat transfer to the cavity floor (as it no longer disrupts the impinging
flow) while providing little benefit at the blade crown.

The pathlines in figure 5.31 show that cooling air from all three new cooling holes
and the relocated dust hole are bound into a tight recirculation that holds it close it
to the inner suction side rim over the entire crown of the blade tip. As this cooling air
is not convected to the outer surface of the rim, the removal of heat would have to be

achieved by conduction through the metal. Some form of conduction analysis would
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therefore have to be performed in order to ascertain whether or not these measures
would be sufficient to reduce the local metal temperatures enough to prevent damage
to the squealer rim.

Although some of the cooling air from these holes leaves the cavity in the expected
way over the suction side rim to join the over-tip leakage vortex, much of it crosses the
tip gap and reaches the stationary over-tip casing and is dragged back over the pressure
side edge. This could potentially be useful if the casing liner requires additional cooling
as the blade passes over it, but otherwise some changes to the cooling layout could be
made to keep the cooling air close to the blade tip to maximise the efficiency of its
use. However, these observations regarding the path that the cooling air takes must
be taken with some degree of caution. The new cooling holes are located in the region
of the cavity near the leading edge where significant discrepancies between the purely
tetrahedral mesh and the hybrid mesh results were observed, and the attachment of
cooling air to the over-tip casing could feasibly be affected by the build up of the
boundary layer there.

The new cooling holes do provide an interesting possibility to improve cooling
air utilisation. It was noted in the previous section that the air lowing through the
second dust hole, close to which the new cooling holes are located, is lost over the
suction side rim almost immediately and provides little benefit in cooling the blade tip.
Indeed, this dust hole is required to allow the expulsion of debris from the internal
passage rather than specifically being located for thermal protection. It is possible,
therefore, that the second dust hole could be eliminated altogether if the inclined
cooling holes were widened sufficiently to act as dust holes (potentially requiring minor
reshaping of the core as well); by doing this, the overall coolant mass flow rate could
be decreased while simultaneously increasing the flow of cooling air to this critical
and difficult to cool region. Speculating further, if the new cooling holes were formed
by drilling through the squealet rim and if these holes were subsequently left open, it

might even be possible to draw some of the impinging cooling air or the cooling air
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Figure 5.32: Total coolant mass flow rate and total blade tip heat transfer rate

bound up in the vortex located on the inner rim surface through the holes in the rim
and provide some degree of internal cooling for the rim itself.

Overall cooling air mass flow rate requirements and total blade tip heat transfer
rate for the simulations run with the purely tetrahedral mesh are plotted in figure 5.32.
Comparing the New holes 1 and the New holes 2 configurations, it can be seen that
the addition of the three additional cooling holes close to the crown of the blade tip
cause a large increase in the total required coolant mass flow rate of 28%, compared
with the case that merely has the repositioned dust hole. A direct comparison to
figure 5.16 is not possible, as the absence of prism layers in the mesh causes significant
changes to both the coolant mass flow rate and the blade tip heat transfer; for the

All open cooling configuration, there is a 6% increase in predicted coolant mass flow
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(a) “All open” (b) New holes 1 (c) New holes 2
Figure 5.33: Net heat flux reduction

rate and a 6% decrease in total blade tip heat transfer rate when the simulation is run
without prism layers. The New holes 1 and New holes 2 cooling configurations show
increases in total blade tip heat transfer rate of 4.3% and 6.1%, respectively, over the
“All open” cooling configuration, which compares favourably to an increase of 7.3% seen
for the Config 2 cooling configuration when compared to the All open configuration
modelled with a comparable meshing strategy. The corresponding decreases in required
coolant mass flow rates for the New holes 1, New holes 2 and Config 2 configurations
were 14%, 33% and 39%, respectively. Net heat flux reduction distributions are shown
in figure 5.33, although caution is once again advised in interpreting these data, as

the mesh used for these simulations lacks prism layers.

5.6 Chapter summary

In this chapter, an engine-realistic, time-steady CFD investigation into the thermal
performance of various blade tip cooling schemes has been presented. This was
conducted at a single blade tip clearance of 0.5mm (0.89% blade chord) with a
slightly amended version of the revised squealet tip introduced in chapter 4. A
simplified version of the internal core used with the EFE winglet was used as a

base for the cooling configurations, to which as many cooling holes as could be



Cooled Engine Scale CFD Simulations 171

placed without violating manufacturing constraints were added. The cooling holes
were capped at both ends with cover surfaces and a hybrid tetrahedral and prism
layer mesh was generated in ICEM CFD 12 with each cooling hole specified as a
separate fluid volume, allowing them to be left open or sealed as solid regions merely
by changing the boundary condition specification in the solver. Solution was once
again performed with the time-steady, pressure based solver of FLUENT 6.3 with the
SIMPLE algorithm for pressure-velocity coupling, using the realisable k-e turbulence
model and enhanced wall treatment to maintain compatibility with the previous
simulations. Six cooling configurations were tested initially and a significant reduction
of cooling air consumption of 38% was achieved, at the expense of an increase of 7% in
total blade tip heat transfer rate, compared to the intial cooling configuration with all
holes open. The cooling holes exiting on the suction side of the blade did not provide
useful film coverage over the blade tip, as the cooling air was swept away from the
region. It was also found that adequate coverage of the tip shelf and suction side rim
could be achieved with relatively few holes in the tip shelf, despite the relatively small
degree of spreading of the cooling air that was observed. This was, in part, due to the
good film coverage over both the pressure side and suction side squealet rims that was
produced by the pressure side cooling holes. It was also found that the cooling gallery
on the suction side reduced the pressure ratios across the cooling holes located on
the tip shelf towards the rear of the blade. These reduced pressure ratios resulted in
lower momentum cooling flows that improved the coverage of the trailing edge of the
blade tip. Thermal gradients across the blade tip were also reduced by the selective
blocking of cooling holes. A high temperature region remained on the squealet rim at
the blade crown, so a further cooling geometry was tested with three additional holes
(though these are not manufacturable using current techniques and were designed
with future manufacturing techniques in mind) and the relocation of the first of the
dust holes. Due to time constraints, this extra cooling geometry was tested using a

purely tetrahedral mesh without prism layers, which exhibited some mesh sensitivity
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in the forward part of the blade tip. The relocation of the dust hole was found to have
a detrimental effect on thermal performance, providing little effective cooling on the
squealet rim but resulting in a significant increase in heat transfer coefficient where the
dust hole had previously been. This result was somewhat unexpected and highlights
that the placement of the dust hole for the leading edge channel is absolutely critical
because of the sensitivity of the flow in the forward part of the cavity. By contrast, the
additional cooling holes displayed excellent cooling performance and could potentially
be used in place of the second dust hole, to some extent mitigating the extra cooling

air required to feed them.



Chapter 6

High Speed Linear Cascade
Experimental Testing

6.1 Introduction

This chapter covers an experimental study performed using the High Speed Linear
Cascade (HSLC) facility at the Osney Thermofluids Laboratory, Oxford University,
a transonic, 1.9x scale blowdown facility. The squealet design from the CFD study
reported in chapter 5 is transformed for use in the linear cascade environment and
test pieces are manufactured by stereolithography. Aerodynamic loss measurements
are taken at nominal tip gaps of 0.48 mm, 0.95 mm and 1.4mm (0.25mm, 0.5 mm and
0.75mm at engine-equivalent scale, or 0.45%, 0.89% and 1.34% blade chord) with
an uncooled blade tip (with no cooling holes present and clean external geometry)
by a downstream traverse using a three-hole probe and a single-hole probe for the
near-casing region. Heat transfer measurements are taken with the same test blade tip
by a transient, infra-red thermographic method at the 0.89% and 1.34% blade chord
tip gaps. Thermal tests are additionally conducted at the intermediate tip gap (0.89%
blade chord) on a test blade with film cooling with the same cooling hole locations as

in chapter 5.
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6.2 Experimental methodology

6.2.1 HSLC facility

Only a cursory overview of the HSLC facility is presented here. Extensive details
of the experimental setup are available in O’Dowd (2010), which records the initial
commissioning of the experimental rig and details all of its features. The experimental
arrangement is also described in O’Dowd et al. (2011b), Zhang et al. (2011a), O'Dowd
et al. (2010) and Zhang et al. (2011b). The development of the measurement and
analysis techniques used in this chapter and the commissioning of the experimental
facility itself were performed by Dr Devin O’'Dowd and Dr Qiang Zhang and the
present author gratefully acknowledges their contributions.

A schematic of the HSLC facility in overview is shown in figure 6.1, with a detail
of the test section. Photos of the same are shown in figure 6.2. The HSLC test
section is a four passage linear cascade at 1.9x scale, fully enclosed within the outlet
plenum. The aerofoil section for the cascade is taken from the EFE HP turbine
blade at 90% span. The HSLC is a blowdown facility, venting air from two 30 m?
storage tanks through the test section to an exhaust at atmospheric pressure. The
mainstream supply pressure from the tanks is nominally 2750 kPa, which is regulated
to the appropriate inlet pressure for the test section by a Spirax-Sarco ‘C’ series cage
design control valve driven by an SP200 electropneumatic smart positioner, controlled
by an Ascon gammadue series X5 process controller. This process controller allows
for full PID control, fed back from a pitot-static probe located at the inlet to the test
section, allowing the pressure ratio across the test section to be set and maintained
as the storage tanks are depleted and the supply pressure drops. Since the study
of O'Dowd (2010), the exhaust pipes have been connected to a detuner for acoustic
noise control, extending their length by approximately 20 m and hence increasing the
back-pressure in the outlet plenum downstream of the blade row. The regulated total

pressure set at the inlet to the test section has therefore been increased by ~20%
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Figure 6.1: Schematic of the HSLC
(CAD drawings courtesy of Dr Qiang Zhang)

(a) Overview (b) Test section

Figure 6.2: Photos of the HSLC

to match the original pressure ratio and maintain the Mach number distribution,
resulting in a small increase in Reynolds number of approximately 15%. Details of

the nominal flow conditions for the HSLC are given in table 6.2.

6.2.2 Aero-thermal scaling for the HSLC

The dimensional analysis required for correct aero-thermal scaling of the flow through
a turbine stage was presented in section 1.5. This analysis showed that aerodynamic

similarity will approximately be achieved for an experiment using air as the test fluid
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Blade chord 78.5 mm
Axial chord 47.7mm
Blade pitch 68.4 mm
Blade turning angle 110°
Test section passage height 71.8 mm
Scale 1.9

Table 6.1: Summary of HSLC geometry parameters

Inlet total pressure 239kPa
Inlet static pressure 227 kPa
Inlet Mach number 0.28
Inlet velocity 93.9ms™!
Inlet Reynolds number (based on axial chord) 0.69 x 108
Exit static pressure 123 kPa
Isentropic exit Mach number 1.02
Pressure ratio (poi/po) 1.94

Table 6.2: HSLC nominal flow conditions

providing that Reynolds number, Mach number, pressure ratio and specific speed are
all matched. The HSLC flow conditions, summarised in table 6.2, match the first three
dimensionless groups to the nominal (blade-relative) engine conditions; the specific
speed is clearly meaningless in the context of a linear cascade with stationary blades.
Similarity in heat transfer additionally requires gas-to-wall temperature ratio to be
matched—this was not possible in the experimental rig. This discrepancy may be

corrected for using the correlation proposed by Fitt et al. (1986).

N T 0.25
oo <_> (6.1)
NuIncompressible TW

The gas-to-wall temperature ratio for the HP turbine blade in a real engine environment
is typically ~1.5, whereas that achieved in the HSLC was ~1.1. The correlation
therefore indicates that Nusselt numbers measured in the HSLC environment should

be scaled up by approximately 7.5% for engine-representative heat transfer.
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6.2.3 Geometry transformation

The external geometry of the test blade tip for use in the HSLC was a linearised version
of the geometry used in the cooled CFD simulations of chapter 5. The external, 3D
geometry was first trimmed to 90% span and then a coordinate transformation applied,
substituting z-coordinate for radius and y-coordinate for circumferential location to
remove the annularity. A blend was then used to join the resultant profile to the exact
aerofoil shape found on the pre-existing base blades of the test section smoothly.

Due to the relatively small scale of the test section, there was only sufficient room
within the new blade tip for a single coolant plenum. The varying feed pressures
supplied by the various channels of the leading edge channel, leading edge feed
and the multipass (and the cross flow resulting from this variation) could therefore
not be replicated. A simple coolant plenum was inserted into the geometry, with
representative noggins on the upper surface for the two cooling galleries to attach to.
To locate the cooling holes and cooling galleries in the linearised geometry, the points
on the centreline of each hole where it broke the external aerofoil surface and the
internal core surface were taken and put through the same coordinate transformation
that the external surfaces had been. These two transformed points were then joined
by a straight line to form the axis of the cooling hole in the test piece. The results of
the deannularisation process can be seen in figure 6.3.

The test blade tips were manufactured by stereolithography by Gemini Prototyping
Ltd. using DSM Somos WaterShed XC 11122 resin. Two sets of test blade tips were
produced; one uncooled set with only the external geometry present, and one with the
cooling configuration printed directly in the SLA process. The two different blade tips
are shown directly from SLA printing in figure 6.4. These were bolted on to metal
base blades in the cascade (as can be seen in figure 6.2b) to increase the rigidity of the
test blades compared to manufacturing the whole blade out of resin (O’Dowd, 2010).

Three small pins were also used in the thin trailing edge region to hold the blade tip
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) 3D external geometry ) 3D internal geometry
) Linearised external geometry ) Linearised internal geometry

Figure 6.3: Linearisation of the test geometry

(a) Uncooled blade tip (b) Cooled blade tip

Figure 6.4: SLA blade tip models
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to the base blade and prevent the relatively flexible plastic tip from deforming under

aerodynamic load in this weak area.

6.2.4 Aerodynamic loss measurements

Aerodynamic loss measurements were accomplished by the downstream traverse of
a three-hole probe, driven by two stepper motors controlled by LabVIEW 8.6. This
three-hole probe had been calibrated over a yaw angle range of £60° and a Mach
number range of 0.6 to 1.3 (O’Dowd, 2010). Due to the thickness of the three-hole
probe stem, the probe tip could only be traversed to a minimum distance of 4 mm from
the over-tip casing. In order to get closer to the endwall, a much thinner single-hole
probe was traversed with the same system, allowing measurements to be taken down
to 0.5 mm from the casing. Data were recorded with the single-hole probe at yaw
angles of +6°, 0°and —10.5°, taking care to ensure that the probe tip was in the
same position at each alignment, allowing the single-hole probe to act as a pseudo
three-hole probe. An estimate of the total pressure in the near-wall region could
then be obtained by simple interpolation. There is some inherent error in the loss
measurements, however, as only a three-hole probe rather than a four-hole probe was
used, so variations in pitch angle could not be accounted for. However, at a 20° yaw
angle, the centre hole pressure measurement was just 2.8% lower than the true total
pressure (O’Dowd, 2010), so this error is expected to be small. Both the three-hole
probe and the single-hole probe were constructed from stainless steel tubing with an
outer diameter of 0.7 mm supported on a tapered sting with a maximum diameter
of 7mm, so the blockage of the probe is not expected to have a significant effect on
the measurements. The traverse gear with three-hole probe attached is visible in the
background of figure 6.2b.

The probe was traversed at a constant spanwise distance, with the probe pausing to
collect data at 26 pitchwise locations, covering a single blade pitch. To allow sufficient

time for flow settling, data gathering and probe movement at each location, a relatively
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long run time of 59 seconds for each traverse of the probe was needed, during which
time the supply pressure typically dropped from ~2750 kPa to ~2200 kPa. The Spirax-
Sarco pressure regulator was therefore run with full PID control for the aerodynamic
tests, which compensated for the decreasing supply pressure but introduced a small
oscillation of approximately £2.5% in total pressure at the inlet to the test section at
a frequency on the order of 1 Hz. This variation in inlet total pressure results in a
variation in exit isentropic Mach number of £2.0%. To minimise the impact of this
slight variation on the downstream pressure measurements, the pressures measured by
the probe were recorded as differential pressures relative to the inlet total pressure.
Each downstream pressure survey was a composite of probe traverses taken at
11 spanwise heights. Three of these were taken with the single-hole probe, requiring
three traverses per spanwise location for the different orientations of the probe, so

each survey is the composite of 17 separate experimental runs.

6.2.5 Heat transfer measurements

The measurement of both heat transfer coefficient and adiabatic wall temperature
distributions across the test blade tip was performed simultaneously by a transient
infra-red thermographic method. A heater mesh (Ireland et al., 2001) is located
upstream of the test section, which is powered by a Drake Power Systems high power
DC power supply rated at 100V, 1.5kA and can produce a near-instantaneous step
change of approximately 20°C in the mainstream flow temperature. A FLIR Systems,
Inc. A325 infra-red camera was used to measure the surface temperature of the model
blade tip, which was painted black to provide a uniformly high emissivity. The tip
was viewed through a 10 cm diameter, IR-transmissive window made of Zinc-Selenide.
The A325 IR camera measures the surface temperature over the range —20°C-120°C,
digitising it as a 16-bit greyscale value. It provides a 320 x 240 resolution at a 60 Hz
refresh rate. A 10 mm lens was used, giving a 45° x 33.8° field of view. The IR camera

was mounted in an anti-vibration housing vertically above the test blade tip to allow a
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clear and unobstructed view over the entire upper surface. Calibration of the greyscale
signal was performed in situ; the uncooled test blade tip was instrumented with a
0.0254 mm fast-response thermocouple on the cavity floor to facilitate this. There
was insufficient space on the cooled blade tip for a calibration thermocouple, so the
calibration coefficients derived from the uncooled test at the same tip gap were used.

As the thermal conductivity of the SLA resin is low, semi-infinite, one-dimensional
conduction could be assumed, providing the test duration was sufficiently short to
ensure that the thermal pulse did not penetrate the full thickness of the model. The
thermal pulse penetration depth is given by 4y/at (Schultz and Jones, 1973). Water-
Shed XC 11122 has a manufacturer-quoted thermal diffusivity of 1.274 x 10~" m?s~!.
The test duration for the heat transfer tests for the uncooled blade tip was 3.5s
(from heater mesh activation), giving a minimum blade thickness of ~2.7mm to
avoid violating the semi-infinite assumption, which was easily achieved. Due to the
hollow cooling plenum within the cooled blade tip, the thickness of material under the
cavity floor was just 2.3 mm, so the analysis period was restricted to 1.5s, reducing
the penetration depth to ~1.7mm. The semi-infinite conduction assumption is still
violated, however, around the edges of the blade tip and in the vicinity of cooling
holes and other features in the geometry.

The impulse response method of Oldfield (2008) was used to construct the local
heat flux history at each location on the surface given its temperature history, measured
by the IR camera. These instantaneous heat flux and surface temperature pairs are
linked by

q = h(Toa — Ty) (6.2)

The local heat transfer coefficient could thus be obtained from the gradient and
the adiabatic wall temperature from the x-intercept of the ¢~T, plot from a single
transient test. An example g~T;, plot for a single pixel location is shown in figure 6.5.

The measurement uncertainty associated with the heat transfer measurements

taken using this method with the HSLC facility is fully documented in O’Dowd (2010)



High Speed Linear Cascade Experimental Testing 182

16000 T T T T

14000 h

12000

10000

gMWm=K"
o
(=]
[=]
(=]
T

6000

4000

2000

0 | | | | | |
18 20 22 24 26 28 30 32
T./°C

Figure 6.5: g~T, plot for an example pixel location
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and O’Dowd et al. (2011a). The uncertainty in the measurands in this experimental
campaign are essentially identical to those which he considered. These uncertainties
were estimated to be 9.5% in heat transfer coefficient and 1.2 K in adiabatic wall
temperature and these values apply equally well to the measurements conducted in
the present study. This estimate took into account the uncertainties in the material
properties, the measurement of gas and wall temperatures and in the regression

analysis performed.

6.2.5.1 Thermal product measurement

As WaterShed XC 11122 had not been used for heat transfer measurements previously,
its thermal product, v/pck, needed to be measured. This was done by comparison
against another material of known thermal product. The shutter rig used for this

purpose is pictured in figure 6.6. It consists of a hot air gun clamped to point vertically
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Figure 6.6: Photos of the shutter rig

downwards on to a specimen block of the material under test. Between the hot air
gun and the specimen block is a sprung shutter that redirects the hot air flow away
from the test piece. At the start of the test, the shutter is released and rapidly slides
away, allowing the jet of hot air from the hot air gun to impinge upon the specimen
block and heat it up. The surface temperature of the specimen block is recorded by a
surface mount thermocouple, while the gas temperature history is recorded by another
thermocouple suspended just above the test piece.

Under the one-dimensional, semi-infinite conduction assumption, for a step-change
in gas temperature, the solution of the heat equation yields the expression for surface

wall temperature (Schneider, 1955)

T, — T, (@) h/t
frd 1 f— pck f .
T, - T ¢ erc(m) (6.3)

This can be generalised to account for gradual gas temperature changes by the super-

position of incremental step changes in gas temperature, resulting in the expression

T, — T, = Z { (1 - e<h2(;;:n)>erfc (%)) (ATgaS)n} (6.4)
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Performing this test initially with a material of known thermal product, the
effective heat transfer coefficient on the surface of the test piece can be determined by
taking the measured gas temperature history and finding the heat transfer coefficient
that produces the wall temperature history (calculated using equation 6.4) that fits
the measured wall temperature history best. Subsequently substituting the specimen
block for an identical one made from the material of unknown thermal product, the
heat transfer coefficient can be assumed to be unchanged and the thermal product
used as the variable for best-fit.

For the present case, Perspex was used as the material with known thermal
product, equal to 569 £ 29 J sT2m 2K (Ireland, 1987). This yielded a heat transfer
coefficient of 250 & 13 W m 2 K~! and a thermal product for WaterShed XC 11122 of
654+ 34Js 2m 2K L.

6.2.5.2 Film cooling

A 650kPa pressurised air supply line was available for the provision of cooling air.
This was connected directly to an inlet coolant plenum which was located in the
containment formed by the HSLC mainstream outlet plenum. In order to ensure that
the film cooling air was at a lower temperature than the mainstream air, even in the
high Mach number over-tip flow region towards the trailing edge, it had to be cooled
below ambient temperature before being supplied to the test blade. This was achieved
by the use of three vortex tubes, connected to the inlet coolant plenum in parallel.
The output lines from all three vortex tubes were then connected via a solenoid valve
to the bottom of the test blade, feeding the internal blade plenum. The inclusion of
the solenoid valve allowed the cooling system to be set up in advance of each test run
and for the piping to be pre-cooled without pre-cooling the test blade itself. During
each test run, the solenoid valve was triggered fractionally before the heater mesh
activation, redirecting the cold air flow from an overboard exhaust up into the test

blade. The cooling system can be seen in figure 6.7.
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Figure 6.7: Cooling air supply system

By moving the vortex tubes from upstream to downstream of the inlet coolant
plenum, the coolant-to-mainstream total pressure ratio was increased from 1.08
(O’Dowd, 2010) to 1.11. This is an improvement, although the nominal design total
pressure ratio is 1.2 (specified by Rolls-Royce as the best compromise, given the single
coolant chamber within the blade). During the cooled heat transfer tests, the cooling
air was supplied at approximately 10°C to the test blade, giving a mainstream-to-
coolant total temperature ratio of 1.1. This is similar to what had been achieved by
O’Dowd (2010), which also falls short of the target ratio of 1.5 that is typical of real
engine conditions. An additional improvement made to the cooling supply system was
that the two side blades could be fed with uncooled cooling air taken directly from
the inlet coolant plenum to maintain cascade periodicity. This rectifies an omission
that had previously been identified as a significant flaw with earlier heat transfer

measurements on cooled blade tips conducted with this facility.
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6.3 Uncooled blade tip results

6.3.1 Aerodynamic loss

Two loss coefficients are used to quantify the aerodynamic losses downstream of the
blade row: the pressure loss coefficient, Cpg, and the kinetic energy loss coefficient, (.
Cpo measures the drop in total pressure across the blade row and is defined in a similar
way to C'pp; in equation 4.6, but is non-dimensionalised by mass-averaged, mid-span
exit dynamic head.

Cpo = Poi — Po (6.5)

1 2)
(ZPU e,mid—span

( represents the exit kinetic energy of the flow compared with an isentropic expansion

through the same pressure ratio and is defined as

~y—1

. 1—(%)@

1 _ Pe,mid—span v
Poi

Figure 6.8 shows the Cpg pressure loss coefficient distributions for the squealet tip,

(6.6)

which can be compared to those from a flat tip (reproduced from O’Dowd (2010)) in
figure 6.9. The traverse location is one axial chord downstream of the blade trailing
edge, as marked on figure 6.1. The z-axis represents distance from the geometric
passage centreline and is normalised by blade pitch. The y-axis represents spanwise
location, normalised by passage height. Measurements above z/H = 0.97 were taken
using the single hole probe. It should be remembered that the Reynolds number of
the cascade is ~15% different between the two cases. There is also some uncertainty
regarding the tip gap; due to the manufacturing tolerances of the test section, there
was a very significant variation in tip gap which was particularly important at the
smallest tip gap (nominally 0.45% blade chord). The observed variation in tip gap
was considerably smaller (in relative terms) at the nominal 0.89% and 1.34% tip

gaps. The real tip clearances measured using feeler gauges are quantified in table 6.3.
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Figure 6.8: Squealet tip downstream Cpy pressure loss coefficient
(Dashed lines indicate geometric trailing edge locations)

Measurements were taken at the trailing edge and near mid-chord; access to the
leading edge was not possible due to the high turning angle of the aerofoil. Assuming
both the endwall and blade tip surfaces were flat, these measurements have been
extrapolated in table 6.3 to provide an estimate of the tip clearance at the leading
edge.

The measured variations in the actual tip clearance are large and are likely to be a
significant source of error in the experimental data, particularly at the smallest tip
gap tested. At all three tip clearances, the extrapolated “leading edge” tip gap is
close to the nominal tip gap, while the tip clearance closes up towards the trailing
edge. It was observed in chapter 5 that the flow structure within the tip gap region is

most sensitive to the way that the over-tip leakage flow enters the forward part of the
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Figure 6.9: Flat tip downstream Cpy pressure loss coefficient
(Reproduced from O’Dowd (2010))

(Dashed lines indicate geometric trailing edge locations)

cavity, so it is believed to be unlikely that the observed variation in tip clearance will
drastically alter the character of the over-tip leakage flow, as the error in tip gap at
the leading edge is small. However, the large reduction in tip clearance towards the
trailing edge will increase the resistance to the over-tip leakage flow in the aft region,
reducing the total over-tip leakage mass flow rate and the resulting aerodynamic loss
associated with it. Care must therefore be taken in the interpretation of the data, and
the potential limitations on the experimental accuracy caused by the uncertainty in
tip clearance must be appreciated. This effect is likely to be non-linear and will have
greater influence at smaller tip clearances, due to the increased proportional size of

the variation relative to the actual tip clearance.
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Nominal tip gap Measured tip gap / mm Variation

% blade Trailing . “Leading edge” % nominal
chord / mm edge Mid-chord (extrapolated) /mm tip gap
0.45% 0.48 0.24 0.35 0.46 0.22 46%
0.89% 0.95 0.75 0.88 1.01 0.26 29%
1.34% 1.43 1.32 1.38 1.44 0.12 8%

Table 6.3: Measured tip clearances

The over-tip leakage vortex loss core increases in both extent and depth with
increasing tip gap, as expected. The centre of the vortex also shifts further away
from the blade suction side, moving noticeably to the right in figure 6.8 (the over-tip
leakage flow in this figure is left-to-right, with a clockwise over-tip leakage vortex).
Comparing figures 6.8 and 6.9, the predicted loss of the squealet tip is very similar to
that of the flat tip at the nominal 0.89% and 1.34% tip gaps, with marginally smaller
but stronger loss cores visible for the squealet tip. The loss profile is significantly
reduced at the 0.45% tip gap, with the lossy region confined to a small band near the
casing and a very large, almost inviscid region elsewhere. However, the results at the
nominal 0.45% tip gap may be somewhat misleading due to the uncertainty in the
actual tip gap, which was observed to be much smaller than intended.

Downstream Mach number profiles for the region surveyed by the three-hole probe
are plotted in figure 6.10. These are largely the inverse of the pressure loss coefficient
contours; where aerodynamic losses are high, exit Mach numbers are low and vice-versa.
The peak downstream Mach number measured in the freestream away from the tip
leakage vortex is approximately 1.2. With the pressure ratio applied across the linear
cascade, however, the exit Mach number should be 1.0, as reflected in the nominal
flow conditions in table 6.2. This discrepancy reflects a problem with the application
matrix of the three-hole probe for Mach number derived from the calibration of the
probe; a similar discrepancy can be seen in the equivalent data reported in O’Dowd

(2010), which used the same probe and calibration. The three-hole probe application
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Figure 6.10: Squealet tip downstream Mach number
(Dashed lines indicate geometric trailing edge locations)

matrix for total pressure is independent of the matrix for Mach number, so there is
no implication that a similar error exists in the measurements of aerodynamic loss.

The aerodynamic loss of the squealet tip is presented in terms of the ( kinetic
energy loss coefficient in figure 6.11 to allow comparison against the loss data available
for the winglet tip (figure 6.12). This figure is generated from the same raw pressure
data as the C'py profiles of figure 6.8.

The squealet tip shows a significantly reduced over-tip leakage vortex compared
with the winglet at both the 0.89% and 1.34% tip gaps. The loss cores for the squealet
are more discrete, being clearly separated by a low-loss region, whereas the winglet
results show adjacent cores to be much closer together. This reflects the wide wake left

by the winglet tip due to its blunt trailing edge, identified in chapter 4. It is reiterated
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Figure 6.11: Squealet tip downstream ( kinetic energy loss coeflicient
(Dashed lines indicate geometric trailing edge locations)

here that the model used for these tests was an uncooled version of the final design of

the squealet used in the CFD simulations with cooling presented in chapter 5.

6.3.2 Heat transfer

The measured heat transfer coefficient and Nusselt number distributions for the
uncooled squealet tip are presented in figure 6.13. As expected, the heat transfer
coefficient is generally increased at the larger tip gap. There is a strong reattachment
peak on the cavity floor near the leading edge, as had been predicted in the previous
CFD simulations of the 3D blade. The line of reattachment along the pressure side

edge is somewhat more prominent than had been suggested by those simulations, and
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Figure 6.12: Winglet tip downstream ( kinetic energy loss coefficient
(Reproduced from O’Dowd (2010))
(Dashed lines indicate geometric trailing edge locations)

the Nusselt number on the squealet rim is a lot higher relative to the cavity floor and
gutter.

With the higher heat transfer coefficients seen on the rim, there is an obvious
patch of low heat transfer coefficient on the concave portion of the pressure side
rim, just upstream of the pressure side tip extension. This is likely caused by the
over-tip leakage flow separating as it passes over the sharp pressure side edge but not
reattaching on to the upper rim surface, resulting in low heat transfer coefficients.
This patch of low heat transfer coefficient remains, despite the fact that 3D conduction
effects could be expected to result in an overprediction of heat transfer in this thin
portion of the squealet rim. It is also noted that the tip shelf region does not have
noticeably higher measured heat transfer coefficients than the rest of the squealet rim.

There are fine striations visible in the heat transfer coefficient distributions on the
pressure side squealet rim, approximately aligned with the expected over-tip leakage
flow direction. These are believed to have been caused by small peturbations in the

test blade tip surface, either stemming from the SLA printing process or caused by
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Figure 6.13: Uncooled squealet tip heat transfer results

imperfections in the paint layer. If this really is the cause, the sensitivity of the heat
transfer distributions on the blade tip surface to surface roughness may require further
investigation, particularly in the context of the application of abrasive rocks to the

blade tip surfaces for use with abradable over-tip casing liners.

6.4 Cooled blade tip results

Heat transfer coefficients and adiabatic wall temperature measurements taken for
the cooled blade tips are shown in figure 6.14, along with the equivalent Nusselt
number distributions. Only heat transfer data are available; no aerodynamic loss
measurements were attempted for the configurations with film cooling due to time

constraints. Two film cooling configurations were tested; the All open configuration
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Figure 6.14: Cooled squealet tip heat transfer results (1.34% tip gap)

and the Config 2 configuration (shown in figure 5.7). The latter was achieved by using
an epoxy resin to seal the appropriate cooling holes on the test blade permanently.
The inlet pressure to the cooling plenum was then adjusted to maintain the blade

plenum-to-mainstream pressure ratio with the decreased coolant flow area.
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The gaps in the data are in regions of high film cooling effectiveness; the cooling air
supplied to the blade was at ~10°C and the difference between the coolant temperature
and the initial blade temperature was insufficient to produce sufficient heat transfer
to allow heat transfer coefficient to be determined. This was reflected by a failure
in the processing of the transient IR data—where insufficient heat transfer occurred,
the regression analysis of the g~T, plot (performed using the midivide (backslash)
operator in MATLAB) would fail and produce a line of best fit with positive gradient,
indicating a negative heat transfer coefficient. A mask was therefore applied to remove
any negative values in the heat transfer coefficient map and the corresponding adiabatic
wall temperatures.

Comparing the adiabatic wall temperature results from the HSLC (figure 6.14)
to the equivalent cooled CFD simulations (figures 5.8 and 5.13) qualitatively, the
agreement is good. The convection of film cooling flows is largely replicated, with
a heavily over-cooled region found on the suction side squealet rim and a slightly
under-cooled region in the forward part of the pressure side squealet extension. The
hot spot previously seen at the crown of the blade is present. The subtle change
in behaviour of the tip shelf cooling holes before and after the suction side gallery
entrance is also visible, with the characteristic drop and subsequent recovery in film
cooling effectiveness towards the trailing edge of the suction side squealet rim.

The largest difference between the CFD predictions and the experimental data
is found in the leading edge region on the cavity floor. The over-tip leakage flow in
the HSLC impinges on a spot halfway between the first dust hole and the suction
side squealet rim, with a resultant peak in both adiabatic wall temperature and heat
transfer coefficient. By contrast, as had been noted in chapter 5, the CFD simulations
predict the reattachment to occur exactly over the dust hole, so it is deflected by the
coolant flow. As a result, no reattachment peak is observed in the CFD predictions in
this region. This discrepancy is not entirely unexpected; it was seen from the mesh

sensitivity test that the flow in the forward part of the blade tip cavity is highly
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sensitive, with small changes to the incoming over-tip leakage flow greatly affecting the
flow structure within the cavity. The HSLC lacks rotation, relative endwall movement,
inlet pressure and temperature flow profiles and the twisted, fully-3D blade shape
of the real engine, all of which could have a significant effect on the near-tip flow.
Observing the early suction side rim for the two cooling configurations in the HSLC,
there is a region of missing data for the All open configuration (indicating an area of
high cooling effectiveness) but not for the Config 2 configuration. This suggests that
flow from one of the holes near the leading edge that was blocked off for the Config 2
case was being swept over the blade tip to cool the suction side rim. The flow from
these holes was seen to be swept away from the tip region in the CFD simulations,
further implying that the incidence angle in the blade tip region is altered in the linear
cascade environment.

Heat transfer coefficients are increased compared with the uncooled case, as is
expected with the presence of film cooling. Although it is somewhat difficult to see
due to the areas of missing data, regions near the sealed cooling holes in the Config 2
configuration have lower measured heat transfer coefficients than similar regions in the
All open case. Comparing figure 6.14e and 6.14f with 5.14a and 5.14f, generally higher

heat transfer levels are observed in the HSLC compared with the CFD predictions.

6.5 CFD simulation

In order to gain an indication of the reliability of the computational simulations of
chapters 4 and 5, a CFD simulation of the experimental cascade was performed using
an analogous computational strategy to those of the engine-representative simulations
presented previously. A single blade of the HSLC, without film cooling, was simulated
with (translationally) periodic boundaries; this simulation was performed at the
largest tip gap tested experimentally, 1.34% blade chord, so that the uncertainties

regarding the actual tip clearance of the experimental results would be minimised. The
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Figure 6.15: Computational domain for the linear cascade CFD simulations

computational domain runs from the inlet to the HSLC test section to approximately
2.5x blade axial chord downstream of the blade trailing edge, as shown in figure 6.15.

A hybrid unstructured tetrahedral and prism layer mesh was generated using the
Octree mesher of IcEM CFD 12, using the techniques described in section 4.3.1. The
finished mesh was 5.53 million cells large. The mesh refinement on the blade tip surface
is shown in figure 6.16. Once again, due to issues with software license availability, this
CFD simulation was solved using FLUENT 12.0 rather than FLUENT 6.3. In order to
maximise the comparability with the previous CFD studies, the solver settings were
kept the same as far as possible—the realisable k-¢ turbulence model with enhanced
wall treatment was used, along with the time-steady pressure based solver with the
SIMPLE algorithm for pressure-velocity coupling. A constant total pressure boundary
condition at the inlet and a constant static pressure boundary condition at the outlet
were applied, their values being those of the nominal HSLC conditions specified in

table 6.2.
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Figure 6.16: Mesh refinement on the blade tip surface

Figure 6.17 shows the predicted C'pg pressure loss coefficient, ¢ kinetic energy loss
coefficient and Mach number distributions at the downstream aerodynamic probe
traverse plane from the CFD simulation, which can be compared to the equivalent
experimental data plotted in figures 6.8c, 6.11c and 6.10c, respectively. The over-tip
leakage vortex aerodynamic loss core is predicted to be smaller than was measured
experimentally, and is displaced by approximately one third of a blade pitch further
away from the blade suction side. This reduction in the size of the over-tip leakage
vortex results in a significant underprediction in the area-averaged aerodynamic loss
coefficients of 36% in Cpy and 42% in ¢ over the area plotted in figures 6.8¢c, 6.11c
and 6.17.

The downstream Mach number predicted by the CFD simulation is significantly
lower than what was measured in the HSLC—as explained previously in section 6.3.1,
this is caused by a problem with the calibration of the three-hole probe for Mach

number. The pressure loading on the blade at mid-span is presented as isentropic
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Figure 6.17: Uncooled linear cascade CFD downstream aerodynamic results
(1.34% tip gap—Dashed lines indicate geometric trailing edge locations)

Mach number in figure 6.18, with both experimental data and the numerical prediction
from the CFD simulation plotted. The agreement between the experimental and
computational data here provides confidence that the experimental aerodynamic
conditions have been appropriately matched in the simulation. The freestream Mach
number predicted by the CFD simulation is 1.0 and matches the cascade exit Mach
number expected from the pressure ratio across the linear cascade.

The predicted heat transfer coefficient and Nusselt number distributions over the
blade tip surface are shown in figure 6.19, which can be compared to the equivalent
experimental data plotted in figures 6.13b and 6.13d. The predicted magnitudes
of Nusselt number are consistent with those from the engine-representative CFD

simulations presented in chapter 4 and are reduced compared with those measured
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Figure 6.18: Mid-span isentropic Mach number showing blade pressure loading
(Experimental data courtesy of Dr Qiang Zhang)

(a) Heat transfer coefficient (b) Nusselt number

Figure 6.19: Uncooled linear cascade CFD heat transfer results (1.34% tip gap)
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(a) CFD (b) Experimental

Figure 6.20: CFD and experimental Nusselt number normalised
by average blade tip Nusselt number (1.34% tip gap)

experimentally. This confirms the tendancy of the computational strategy used to
underpredict the levels of blade tip heat transfer coefficient; additionally, the size of
the reattachment hotspot on the cavity floor is significantly underpredicted by the
simulation.

Figure 6.20 shows the blade tip Nusselt number distributions from both the CFD
and the experiment, normalised by average blade tip Nusselt number. There is a
significant difference in the shape of the distributions on the pressure side squealet
tip extension, suggesting that the flow separation and reattachment over the pressure
side edge are not well captured by the simulation. Similarly, the separation of over-tip
leakage flow at the leading edge and its subsequent reattachment on to the cavity
floor are not modelled accurately, although the absolute value of Nusselt number
at the reattachment location is approximately correct in this instance. By contrast,
other salient features of the shape of the measured Nusselt number distribution are
reproduced in the computational results. The regions of low heat transfer on the
concave portion of the early pressure side rim and at the extreme trailing edge of the
pressure side extension are present in the predicted distributions. The enhancement

of heat transfer on the surface of the rim at the blade tip leading edge is also captured
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well and the above average heat transfer to the suction side squealet tip extension is
present, although its magnitude is somewhat underpredicted by the simulation.

The comparison between the numerical and experimental data illustrates that
FLUENT struggles to model regions of separated flow accurately and has a general
tendancy to underpredict the magnitudes of heat transfer on the blade tip surface.
These observations should not only be remembered when considering the results from
chapters 3, 4 and 5, but also for any similar studies performed in the future. However,
the same comparison also shows that the CFD methodology applied is still useful as a
design tool; while the limitations of the predictions must be remembered, key flow

features and their effects on heat transfer distributions are appropriately resolved.

6.6 Chapter summary

In this chapter, details of an experimental investigation conducted using the High
Speed Linear Cascade, a transonic, 1.9x scale blowdown facility have been presented.
The squealet tip geometry was transformed for use in a linear cascade environment
and the film cooling holes were repositioned in their equivalent locations with a single
cooling air feed plenum. Test blade tips were manufactured by stereolithography from
WaterShed XC 11122 resin, whose thermal product was measured. Aerodynamic loss
measurements were performed using an uncooled, clean version of the transformed
geometry by traversing a three-hole probe and a single-hole probe one axial chord
downstream of the blade row. This was performed at three nominal tip gaps of
0.45%, 0.89% and 1.34% blade chord. The uncooled squealet tip exhibited a similar
aerodynamic loss at this location to the flat tip blade and a significantly reduced loss
compared to the winglet tip tested by O’Dowd (2010). Heat transfer measurements of
the uncooled blade tip were taken at the 0.89% and 1.34% tip gaps using a transient
infra-red thermographic technique, with the mainstream flow heated by an upstream

heater mesh fed by a high power DC electrical supply. Calibration of the IR camera
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was accomplished in situ, by virtue of a fast-response thermocouple located on the
test blade tip surface. The heat transfer data were processed by the impulse response
method of Oldfield (2008), applying a semi-infinite, 1D conduction assumption to
calculate the heat transfer coefficient maps across the squealet tip surface. Heat
transfer data were taken and processed using the same technique for the film-cooled
test blade tips, with cooled film cooling air supplied by the use of vortex tubes.
This was performed for two cooling configurations, the All open and the Config 2
configurations, at a single tip gap of 0.89% blade chord. Good qualitative agreement
was seen between the adiabatic wall temperature distributions measured in the HSLC
and those predicted in the CFD simulations of the previous chapter, although generally
higher Nusselt numbers were recorded in the HSLC data than were predicted by the
CFD simulations. Additionally, there was some evidence of changes to the flowfield
in the forward part of the blade; this was ascribed to the inherent simplifications of
the linear cascade environment—the stationary frame of reference and the absence of
relative endwall motion. A CFD simulation of the uncooled experimental linear cascade
environment at the 1.34% blade chord tip clearance was performed using a single blade
with translationally periodic boundary conditions. The predicted size of the over-tip
leakage vortex was smaller than had been observed in the experimental results, which
resulted in a large underprediction of the magnitude of the area-averaged aerodynamic
loss. The magnitudes of the blade tip Nusselt number predicted by the linear cascade
simulation were similar to those obtained in the engine-representative CFD simulations
and generally lower than the values measured in the HSLC. Discrepancies in the shape
of the Nusselt number distribution were observed in the vicinity of regions of separated
flow (on the pressure side squealet extension and in the cavity close to the leading
edge) but other salient features of the distribution that were observed experimentally

were reproduced in the simulation data.



Chapter 7

Conclusion

7.1 Summary of work

This thesis documents work performed in the investigation of the thermal performance
of unshrouded blade tip designs for high pressure turbine blades in large civil turbofan
aero-engines, with some consideration also given to aerodynamic loss.

A comprehensive test of turbulence models available through the GUI of the
commercial CFD solver FLUENT 6.3 was performed, using experimental data taken
by Palafox (2006) as the test case and validation dataset. This setup was a large
scale, low speed linear cascade with a flat blade tip, using a low speed version of the
RT-27a HP turbine aerofoil. All computation was performed at a tip gap of 1.5%
blade chord on a single blade in a time-steady, periodic environment. Fully structured,
hexahedral, multiblock meshes were used, generated using ICEM CFD 11. Seven
different turbulence models were tested; Spalart-Allmaras, standard k-¢, realisable k-e,
RNG k-¢, standard k-w, SST k-w and the Reynolds stress model, using the enhanced
wall treatment for all cases. It was found that all of the expected flow phenomena
were captured well by all of the turbulence models. The standard k-w and standard
k-e models gave the closest match to the experimentally measured magnitudes of
blade tip Nusselt number in the aft of the blade tip, but significantly overpredicted
the turbulence levels in the tip gap region and placed the reattachment too close to

the blade tip edge. All of the other turbulence models tested exhibited very similar
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performances to each other and correctly located the line of flow reattachment. No
increase in accuracy was achieved by the use of the RSM compared with the simpler
RANS models; consequently, the SST k-w and realisable k-e models are therefore
recommended as the most suitable turbulence models for use in this type of flow.
Relative endwall motion was also simulated, and good qualitative agreement with the
experimental data was observed. This section of research was published in the Journal
of Turbomachinery as Tang et al. (2010).

A hybrid unshrouded blade tip geometry, the squealet tip, was introduced, drawing
design elements from a double squealer tip and a winglet tip. This was tested
numerically against the two geometries from which it was derived and subsequently
against a later design revision of the squealet tip, using the EFE HP turbine blade
as the test blade geometry. FLUENT 6.3 was once again used as the solver, this
time with unstructured, hybrid tetrahedral and prism layer meshes generated with
Icém CFD 11. Engine-realistic boundary conditions were specified, including radial
pressure and temperature profiles at the inlet and exit to the computational domain.
Computation was again performed with a time-steady formulation, using a single blade
with periodic boundaries. Tip gaps were varied between 0.45% and 1.34% blade chord.
The aerodynamic performance of the four blade tip geometries (without film cooling)
was examined by the calculation of the predicted row efficiencies and inferred stage
efficiencies at a partially mixed-out plane, approximately one axial chord downstream
of the blade row. The revised version of the squealet design was predicted to have a
tip gap efficiency exchange rate equal to that of the double squealer tip and higher
than that of the winglet tip, but with a reduction in aerodynamic losses compared
to both over the majority of the range of tip gaps investigated. Heat flux and heat
transfer coefficient levels across the revised squealet tip geometry were similar to those
predicted for both of the base designs, but with a significant reduction in wetted
surface area compared to the winglet and hence a reduction in total blade tip heat

flux of 14%. Although the total heat flux for the squealet tip still exceeded that of the
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double squealer tip, it was designed to be more amenable to film cooling. The effect
of relative endwall motion was also investigated numerically, using the double squealer
tip as a test bed. The near-tip incidence angle was seen to be reduced by the endwall
movement, which altered the flow structure with the blade tip cavity significantly,
although the resultant effect on the heat transfer coefficient distribution was relatively
small.

A simplified version of the EFE internal cooling core was used to add film cooling
holes to the squealet tip geometry. Numerical simulations of the cooled blade tip
were performed at the 0.89% blade chord tip gap in FLUENT 6.3 on unstructured,
hybrid tetrahedral and prism layer meshes created using ICEM CFD 12. Each cooling
hole was capped at both ends with a cover surface and the fluid volume contained
within specified as a separate computational volume, allowing the cooling holes to be
sealed off or opened up independently. Six different film cooling configurations were
assessed by selectively sealing cooling holes while leaving others open. The intention
was to minimise the cooling air consumption while maintaining an adequate cooling
performance. A reduction of coolant mass flow rate of 38% was achieved compared
with the All open configuration, at the expense of a 7% increase in total blade tip
heat flux. Cooling holes exiting on the blade suction side were found not to contribute
to expedient film cooling of the blade tip, as the cooling air issued from these holes
was swept away from the tip region. The cooling holes exiting on the pressure side, by
contrast, provided good film coverage over the majority of both the pressure side and
suction side squealet rims. This allowed the tip shelf to be adequately cooled with
relatively few holes kept open locally. The suction side cooling gallery reduced the
pressure ratios across the tip shelf cooling holes towards the trailing edge, resulting in
lower momentum cooling flows that improved blade tip trailing edge coverage. The
effect of some additional cooling holes and a relocated dust hole was also investigated
in an attempt to improve cooling of the blade tip crown. This investigation was

performed using a purely tetrahedral mesh. The placement of the dust hole in the
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front of the blade tip cavity was found to be crucial to the local heat transfer levels,
as the cooling air flow could moderate the high heat transfer coefficients caused by
the attachment of over-tip leakage flow on to the cavity floor. This required the dust
hole to be appropriately placed to interrupt the attaching flow, however. The extra
cooling holes were located to blow cooling air directly on to the inner squealet rim
and were effective at reducing local adiabatic wall temperatures, but required large
amounts of cooling air to feed.

The squealet blade tip was tested experimentally in the High Speed Linear Cascade,
a transonic blowdown facility. The tip geometry was straightened to remove its
annularity and the cooling holes repositioned in their equivalent positions, along with
a simple, single cooling plenum within the blade tip. Test pieces were manufactured
by stereolithography from WaterShed XC 11122 resin, whose thermal product was
measured. Aerodynamic loss measurements were taken using uncooled versions of
the linearised blade tip by the downstream traverse of a three-hole and a single-hole
probe at 0.45%, 0.89% and 1.34% blade chord tip gaps. The aerodynamic loss of the
squealet tip was seen to be similar to that of a flat blade tip and lower than that of a
winglet tip, tested by O'Dowd (2010). Heat transfer measurements were taken for the
uncooled blade tip by a transient, infra-red thermographic technique, using an electric
heater mesh upstream of the test section to heat the mainstream flow. Calibration
of the IR camera was performed in situ, using a thermocouple located on the test
blade tip surface. Heat transfer measurements were also performed using the same
technique for the cooled blade tip. Two cooling configurations were tested at the
0.89% blade chord tip gap. Cooled cooling air was supplied from three vortex tubes to
the test blade, with uncooled cooling air supplied to the side blades to maintain the
periodicity of the cascade. The qualitative comparison of the experimental adiabatic
wall temperature maps against the 3D CFD results was good, although generally higher
Nusselt numbers were recorded than were predicted by the engine-representative CFD

simulations. Some differences were noted in the forward part of the blade tip; these
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were attributed to the simplifications to the environment made in the linear cascade,
such as the lack of relative endwall motion. A CFD simulation of the experimental
linear cascade environment without cooling was performed at the 1.34% tip clearance.
This was conducted with a single blade in a translationally periodic environment. The
size of the over-tip leakage vortex was predicted to be smaller than had been observed
experimentally, resulting in a large underprediction of the area-averaged aerodynamic
loss coefficients. The magnitudes of the predicted blade tip Nusselt number distribution
were similar to those of the previous engine-representative CFD simulations and lower
than the magnitudes observed in the experimental data. Differences in the shape of
the Nusselt number distribution were observed in the vicinity of regions of separated
and reattaching flow, but other salient features were replicated in the computational

data.

7.2 Conclusions and research outcomes

Additional insight into the overall understanding of heat transfer to unshrouded
turbine blade tips has been gained over the course of the study presented in the
present thesis. From the low speed, incompressible study of chapter 3, specific details
of the conditions required for high veracity computational simulations of blade tip heat
transfer have been identified; namely that wall functions are inappropriate for use in
such simulations and the boundary layer flows must instead be fully resolved, and that
the standard k-e and realisable k-¢ models overpredict the turbulence levels at the
pressure side entrance to the tip gap region and should be avoided. Additionally, the
Reynolds stress model provided no increase in accuracy, so does not justify the extra
computational cost. These observations will aid any similar computational studies
that may be performed in the future.

The greatest contributions of the present study, however, stem from the development

of the squealet tip. The initial design philosophy of the squealet tip has been validated,
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showing that the approach that was taken to create a hybrid, unshrouded blade tip
design produces a geometry whose aerothermal behaviour lies somewhere in between
those of the two parent designs, the double squealer tip and the winglet tip. In this
way, the most fundamental outcome of the study is the verification that a spectrum
in over-tip flow characteristics and performance that runs from a double squealer tip
to a winglet tip exists and hence that it is feasible to blend the physical geometries
in some way to attempt to harness some of the performance characteristics of each.
This spectrum is illustrated in the results of chapter 4, where the original squealet tip
showed characteristics that more closely resembled the double squealer tip than the
revised squealet, yet both sets of results included some of the character of each parent
design.

Another significant outcome of the present research is the highlighting of the
sensitivity of the over-tip flow field around double squealer-like blade tips to the
forward part of the cavity. The tremendous importance of the detail of the flow near
the leading edge of the cavity had not previously been appreciated. It has been seen
that apparently minor changes in the flow near the leading edge can affect the overall
flow structure and the resultant heat transfer distribution over the entire blade tip.
This observation presents a potentially significant opportunity to condition of the
over-tip leakage flow by applying small changes to the forward part of the blade tip,
harnessing this sensitivity. The need for extremely accurate flow predictions in this
region is made even more critical by the reattachment hotspot located on the cavity
floor near the leading edge; it was observed that if the location can be predicted
accurately, the appropriate positioning of a dust hole can suppress the impingement
of the flow onto the cavity floor and eliminate the hotspot entirely.

The understanding required for the effective application of film cooling flows to
the squealet tip design specifically, and more generally to double squealer-like blade
tips, has been expanded significantly. Film cooling air delivered from cooling holes

exiting the near-tip pressure side surfaces provides excellent coverage over almost all
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of the blade tip and can provide the bulk of the required film cooling coverage for
the blade tip. Cooling air delivered to holes exiting the near-tip suction side surfaces,
by contrast, is swept away from the blade tip region and such holes are ineffective
for film cooling provision. The tip shelf was introduced and demonstrated to be an
effective device for the local cooling of a high heat load region that is prone to thermal
damage. The combination of the tip shelf and the cooling gallery used to supply
the cooling holes located on it has shown significant potential for the fine control of
cooling air delivery in the region, allowing the distribution of coolant to be improved
and vulnerable areas that had previously been extremely difficult to cool, such as the

trailing edge of the blade tip, to be better protected.

7.3 Recommendations for future work

The primary achievement of the work presented in this thesis has been the introduction
of a new unshrouded blade tip design and the demonstration of its viability, both
computationally and experimentally. This new blade tip geometry, the squealet tip,
shows the potential for improved blade tip life compared with the double squealer tip,
while offering a significant reduction in both weight and wetted surface area compared
with the winglet tip. This will become more and more important if the current trends
of increasing TET and rotor speed continue. It is therefore suggested that future
work would best focus on the development of this promising potential new tip design
into a true contender for use in a real engine. A formal optimisation on the cooling
configuration would be a significant step forward towards this goal, although this
should perhaps be preceded by some form of optimisation on the external geometry.
The hot spot on the crown of the blade, identified in chapter 5 should be investigated
in more detail, as there is every possibility that it could be eliminated by reshaping
the forward section of the blade tip. The flow field for the whole of the cavity and

gutter has been seen to be very sensitive to minor details of the flow near the leading
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edge of the tip; there is therefore potential for this to be harnessed and for minor
alterations to be made here to condition the cavity and gutter flow better. It has
already been shown by Mischo et al. (2008) that relatively small changes to the profile
of a double squealer tip can dramatically alter the structure of the flow within its
cavity; the character of the flow in the forward portion of the squealet tip originates
from the double squealer-like geometry at the front of the blade, so similar reprofiling
could be expected to yield comparable results.

The observation that the pressure ratios across the tip shelf cooling holes are
reduced by the cooling gallery presents a significant opportunity for improvements in
blade tip cooling design. The trailing edge region of the blade tip is difficult to cool;
the cooling gallery provides a potential way in which the momentum flux of cooling air
supplied nearby could be tuned to bathe this problematic region in coolant. Further
investigation into this possibility is needed before it can be employed in a real engine,
however.

The data from the High Speed Linear Cascade provides an excellent dataset for
use in CFD validation. Its unique combination of high spatial resolution blade tip heat
transfer measurements with film cooling in the transonic flow regime offers a valuable
opportunity for the development of CFD codes and the improvement of turbulence
models. The benefits of this would run in both directions as well; by running validated
CFD simulations on the HSLC test section, further understanding of the flow within
the cascade could be obtained. There has been some work performed in this regard
already, linked with the development of Rolls-Royce’s CEFD suite, HYDRA, but it has
largely been restricted to the flat blade tip geometry. This work should be extended
to encompass the squealet, double squealer and winglet tips as well.

This programme of research has considered only the over-tip leakage flow and blade
tip heat transfer in steady flow. This assumption was a significant, but necessary,
simplification of a highly complex environment. Unsteady effects, such as combustor

hot streak or NGV wake passing, could affect even the time-mean flow and heat transfer;
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this was observed in Atkins et al. (2008), where unsteady interactions between the
NGV and the rotor blade potential fields resulted in a significant increase in the
time-averaged heat load. There are few such studies that have considered the effects of
unsteadiness on unshrouded blade tip performance and heat transfer specifically and
hence these effects are relatively poorly understood. Further research into unsteady
interactions in the HP turbine stage environment and specifically their effects on

unshrouded blade tips would be very beneficial.
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