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Predicting the Temperature and Flow Distribution in a Direct
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Abstract — This paper presents a computationally efficient
thermo-fluid model to predict the temperature and flow
distribution in an oil-cooled electrical machine with a segmented
stator. The Yokeless and Segmented Armature axial flux
machine was used as a case study in which a numerical model
was set up and validated to within 6% of experimental results.
The model was adapted to predict the temperature distribution
of the segmented stator of a machine, identifying the hotspot
temperatures and their location. Changes to the flow geometry on
the stator temperature distribution were investigated. It was
shown how by carefully controlling the flow distribution in the
stator, the temperature distribution is improved and the hot spot
temperature is reduced by 13 K. This benefits the machine by
doubling the insulation lifetime or by increasing the current
density by approx. 7%.

Index Terms — Electric machines, thermal analysis, thermal
modeling, fluid dynamics, numerical simulation, thermal
resistance, temperature control, fluid flow control, predictive
model

NOMENCLATURE

A¢  Flow area [m?]

c Specific heat capacity [J/kgK]
Dy, Hydraulic diameter [m]
dQ; Incremental flow correction

A;  Head-flow ratio

Eg  Total heat loss generated [W]

f Friction factor

fapp Apparent friction factor

g Acceleration due to gravity [m/s?]
h¢ Head loss [m]

1 Current [A]

k Thermal conductivity [W/kgK]
K Head loss coefficient

1 Pipe length [m]

L. Entry length [m]

u Dynamic viscosity [kg/mK]
v Kinematic viscosity [m?/s]

p Wetted perimeter [m?]

P Electrical Power [W]

Pr  Prandtl number

Q  Flow rate [m*/s]

Re Reynolds number
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Riyn  Thermal resistance [K/W]

p Density [kg/m3]
T  Temperature [K]

u  Uncertainty

U Overall heat transfer coefficient [W/m’K]
vg  Fluid velocity [m/s]

v Volume [m?]

V  Voltage [V]

I. INTRODUCTION

ECENT developments in axial flux permanent magnet

machines enable higher torque densities and higher
efficiencies making them suitable for applications such as road
transportation or wind energy generation [1]-[3]. The quest to
improve torque density requires that both the electromagnetic
and thermal aspects of the machine are optimized. While there
are numerous papers demonstrating improvement in
electromagnetics, studies demonstrating improvements in the
thermo-fluids aspects of electrical machines are fewer [4]. The
losses in electrical machines generate heat which if not
removed raises the temperature of its components. In the
stator, the copper I°R losses increase the temperature of the
windings resulting in an increase in resistance. The iron
suffers from eddy and hysteresis losses. These reduce the
efficiency of the machine. As the winding insulation is rated to
a maximum operating temperature, it degrades by the
Arrhenius chemical reaction [5]. Therefore the hottest spot in
the stator limits the machine life and rating.

Accurate thermal modeling of electrical machines allows
proper choice of materials, avoids unnecessary de-rating and
reduces safety factors thus achieving higher torque densities.
Thermal modeling is performed either through analytical
methods such as lumped parameter (LP) models [6],[7], or
numerical techniques such as finite element analysis [9]-[12]
and computational fluid dynamics (CFD) [13]-[17]. LP
models simplify spatial temperature distribution in solids.
Although they require an initial effort to setup, they are fast to
solve. Their application may sometimes be insufficient as they
fail to provide an accurate temperature distribution of the
machine [18], [19]. Moreover a number of input parameters
such as the heat transfer coefficient (HTC) are required. This
is difficult to determine and is obtained from experiments
[17], [20], [21], empirical correlations of ideal geometries
[22], [23], or CFD simulations [15]-[17]. CFD models provide
detailed information and insight into the fluid behavior but are
time consuming [24]. Therefore CFD models are often limited
to specific components to extract the HTC values while the
overall machine thermal simulation is performed by LP
models [24]. The dependence of LP models on HTC input
values often imply that improvements to the flow geometry
and the thermal path of the machine requires a series of
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alternating simulations between CFD and LP models.
Therefore alterations during the design procedure is time
consuming and costly. This is especially true for direct cooling
methods in which the heat transfer in the stator is a function of
the flow distribution.

This paper addresses this problem by coupling together two
conventional techniques - the flow network model and the
lumped parameter model. The flow network model is used to
determine the flow distribution in the stator from which the
HTC values are estimated. These are inputted into the lumped
parameter model, which solves the temperature distribution in
the stator. The novelty of coupling a flow network model and
a lumped parameter thermal model results in a fast but
accurate simulation tool that identifies which of the segmented
pole pieces will be at the highest temperature. During the early
design stages of the machine the thermal designer can change
the flow geometry to alter the temperature distribution in the
stator pole pieces, therefore investigate a number of ‘what if’
scenarios in a very short time. The paper uses the Yokeless
And Segmented Armature (YASA) electrical machine [1] as a
case study and is therefore organized in the following manner.
Section II presents a description of the machine and the
cooling arrangement, thus setting the boundary conditions to
which the model is applied. Section IIl presents the flow
network model, the lumped parameter thermal model and the
coupling between the two. Section IV describes the
experimental quarter-motor test rig. The numerical model is
validated with experimental results in Section V. The model is
adapted to simulate a full machine stator in Section VI, in
which improvements to the motor design are suggested.
Finally Section VII provides a discussion of the work
presented in this paper, showing that by reducing the hot spot
temperature the lifetime of the machine can be improved or
the current density increased.

II. THE YASA MACHINE: A TEST CASE STUDY

The YASA machine, shown in Fig. 1, is derived from the NS
Torus-S topology. By removing the stator yoke, enlarging the
pitch of the teeth and wrapping a high fill factor short end
winding coils around each of the individual stator poles, the
iron in the stator is reduced by around 50%. This increases the
torque density by around 20% when compared to other axial
flux machines. The peak efficiency can be maintained at over
95% [1].

Rotor magnets
Stator pole pieces
Rotor iron

Fig. 1. Schematic of the YASA topology developed in [1]

The segmented stator design allows each pole piece to be
wound separately. The stator is therefore easily assembled in
its housing. This simplifies the manufacturing process,
reducing the production costs of the machine, [25].
Furthermore, the ability to repair winding faults in such
designs is improved, as highlighted in [26]. Segmented stators
also offer the benefits of undertaking thermal analysis on a
single pole piece [27], speeding up the thermal design of the
machine. This architecture has recently received increasing
attention and several variants can be found in the literature [2],
[28]-[30]. Throughout this work, the direct drive motor
YASA-750 motor [31] is considered. The specifications of the
motor are listed in Table I.

TABLEI
MACHINE SPECIFICATIONS

Machine name YASA750
Peak power 100 kW
Peak torque 750 N-m
Continuous power 55 kW
Continuous torque 400 N'm
Peak efficiency 94%

Each stator pole piece of the YASA machine is made from
concentrated windings of square cross section wire. Epoxy is
typically injected in the windings to fill the air gaps, which
also leaves the surfaces of the pole pieces smooth. In this
machine, the stator is enclosed in a glass fiber casing allowing
liquid coolant to be injected into the stator in direct contact
with the windings. Flow stoppers are used to avoid the flow
bypassing around the periphery, dividing the machine into
four similar sections as shown in Fig. 2. In this respect the
liquid flow distribution in the stator is similar to that of a
parallel flow liquid cooled heat sink used for cooling high
power density electronics. The stator’s lack of a physical back
plate gives the individual pole pieces a relatively low thermal
mass and makes them very sensitive to the liquid flow
distribution within the stator.

Flowoutﬁ @F\owin
IR -y

Flow stoppers —»
Inner flow
distribution ~
ring '
Pole piece

Fig. 2. Schematic of the YASA direct liquid cooled stator. Highlighted:
Quadrant replicated for testing in Section IV

Outer flow
distribution
ring

Coolant

III. The Thermo-Fluid Numerical Model
A. The iterative flow network model
The head loss across a pipe h¢ varies with flow rate O as



IEEE TRANSACTIONS ON INDUSTRIAL ELECTRONICS

described by:
_ flv? _ flQ? (1)
/" 29Dy, 2gD,A?

For a known flow rate, the pressure drop across a single pipe
can be calculated directly. The application of (2) to determine
the pressure losses in through flow electrical machine was
demonstrated in [23], [32], [33]. However in a closed circuit
flow network, the total head loss of the system is equivalent to
the sum of the pressure drops along any path connecting the
inlet and the outlet, and is the same irrespective of the path.
The head loss is therefore dependent on the flow distribution
within the system and can only be solved through an iterative
procedure. The iterative technique to determine the flow
distribution in fluid networks is described in [34].

Flow distribution in pipe networks is analyzed by following
simple rules based on Kirchoff’s laws and following the
continuity equation:
*  The algebraic sum of the flows at any junction is zero
* The algebraic sum of the pressure drop around any
closed loop is zero.

After the network is divided into flow loops, a conventional
flow direction in each loop and an initial flow distribution is
decided. Positive and negative head losses are computed
depending on the direction of the flows. The total head loss in
each loop is algebraically determined from which an
incremental correction in the flow is calculated. The following
section describes how the iterative fluid network model was
applied to liquid cooled stator of the YASA machine.

The flow network in the stator is converted into a pipe
network as shown in Fig. 3.

Flow into 1%
quadrant

a b e g i k p o r t v X
Flow into 3¢
quadrant
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TFIowoutof
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z ac ae ag i al am ap ar at av
Flow in
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3| q4f a5|ae | 17| a8 d9 [eo| ev|22 | @3 |24
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Flow into
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Assumed loop flow direction { )
Loop numberj

Fig. 3. Schematic of a simplified flow network for the machine.

Consider the first quadrant as an example; using an anti-
clockwise flow convention, the flow in each network loop Q;
is made from the flows of each pipe making the loop. Thus:
M )
Qj=2
Q =|Qj=3

Qj=¢

The flows in each loop can be describes as vectors:

Qj=1=[_Qab —Qbc Qca  Qual 3)
Qj:zz[_Qbe —Qef Qtc Q]

Qj=¢ = [Q5 —CQu Qy 0]

In the first iteration a uniform flow distribution through the
number of channels N is assumed such that:
Qi 4
QdaszczQefzﬁ @)
The flow in the peripheral rings is estimated by observing the

conservation of mass and therefore can be found by:

Qap = Qin — Qaq (5)
Qve = Qab — Qbe
Qfc = Qap + Quc
Qix = Qgi — @y
Qj1 = Qij + O;

In the following iterations an incremental correction in the
flow for each loop dQ; is calculated using:

_ "l (6)
40, = 24
hg is head loss in any single loop and is estimated from the
vector summation of the head loss in the individual pipes hg:

hej = z hg (7

hg is dependent on the pipe or component geometry. Details
of the values of hy; are given in the following section.

4; is head-flow ratio for any loop and is calculated using:

N Rl (8)
5= 2100

When pipes are common to more than one loop, an algebraic
correction based on the flow convention for each loop is made.
The model was solved using MATLAB. Special attention was
taken to preserve the flow and head loss vector based on the
flow convention taken in each loop. The iterative process set
to continue until the maximum change in the branches’ flow
varied less than 0.1%. The iterative procedure to solve the
flow distribution in each sector is shown in Fig. 4. The head
loss in each pipe is heavily influenced by the loss coefficients.
Thus applying the correct loss coefficients is key to obtaining
accurate flow distribution and pressure drops in the stator. The
flow circuit can be broken down to a series of short pipes, T-
junctions and bends. The following sub-sections investigate
the theory behind the loss coefficients for these components
and give the contribution of each to flow mal-distribution.
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START

Define pipe network l
I

Define individual pipe geometry l
T

l
l
l Define inlet flow rate and flow convention l
l
l

Define component resistances
T

Set even flow distribution
T

l

l

—>| Compose flow in Loops Matrix (2) and (3) ‘
l l

Calculate pipe flow properties
T

Determine head losses in loops (5)
I

Determine head-flow ration (6) and (7)
T

l |
l l
l Determine incremental flow correction (4) l
’ Determine new flow ‘

T
l Determine Error ‘

>

Y

l Determine Flow ratio ‘

Fig. 4. Flow chart showing the process to solve the iterative 1D flow model
for each sector

1) The friction factor

At the entry of a fluid into a pipe, the no slip condition at the
wall dictates that the fluid velocity at the wall is zero. Thus the
fluid at the center of the flow accelerates to preserve the
continuity of mass. This is referred to as the developing flow
and occurs along an entry length L, until the velocity profile
becomes parabolic. In laminar flow, the entry length is
approximately 20 diameters long and is defined in [35] by:

Lo, = 0.05Re. Dy, 9)

Re is the Reynolds number defined as:

D
Re = VrDy (10)
v
Dy, is the hydraulic diameter defined as:
4A
D, =22 (11)
p

Kays [28] shows that the head loss in the entry region of a
laminar flow can be evaluated using:

_ (4fapp)Le- vy
29Dy
fapp incorporates the combined effects of shear stress at the
wall surface and changes in momentum flux associated with
changes in velocity profile. A correlation for f,, has been

developed in [36] such that:
L 0.6189
e

Dy
e

12
hes (12)

(13)

4o (“/p, ) = 29.979

A comparison between the developed and developing friction
factors shown in [36], [37] show that the pressure losses in
developing flows can be up to 10 times larger than those in
developed flows.

2) Losses from T-junctions and bends
Combining and dividing manifolds are typically considered as
a minor source of head loss however in small systems their
contribution may become significant. This phenomenon is
governed by flow separation from the walls and becomes more
pronounced with decreasing velocity. The variation of the loss
coefficients with flow and area ratio for each of the branches
in a T-junction has been investigated in [38]. A table ‘look up
and interpolate’ function was developed for each of the
dividing and combining branches respectively. This selects the
correct loss coefficient at each iterative step. The head losses
across each of the combining and dividing branches in T-
junctions was determined using:

vy 2
hf,i = Kzf—‘lg (14)

In which the loss coefficient K takes a different value
depending on the direction of the flow [38].

B. The lumped parameter thermal model

Assuming that the pole pieces are made of a single
homogenous material, the lumped parameter model was used
to determine the average steady-state temperature for each
pole piece, and thus the temperature distribution of the stator.
The lumped parameter technique is based on the assumption
of a spatially uniform temperature distribution and solves the
heat equation:

dT, 1 T-T, .
T_ (). aT=1 Eg]
dt pvc Rin

where dT}, /dt is the rate of change of pole piece temperature,

(15)

pvc is the thermal capacitance of each pole piece while Ry, is
the convective thermal resistance. Eg is the total heat losses
generated in each of the segmented pole pieces. The fluid
temperature T; was taken as the temperature at the inlet of
each quadrant where each pole piece was located. The fluid
properties were also adjusted with quadrant inlet temperature.
Table II shows the variation of the fluid properties with
temperatures. The 4™ order Runge-Kutta method was used to
solve the differential equation.
TABLE II
VARIATION OF COOLANT PROPERTIES WITH TEMPERATURE T [°C]
Density, p [kg/m’] p = —0.0052T2% + 0.2667T + 786.76  (11)

Dyn. visc. u [Pa.s] u = 0.0079¢~0-02T (12)
Heat Capacity, ¢ ¢ =—0.028T2 + 6.9105T + 2044.9 (13)
[/keK]
Thermal conductivity, k. k = 1e”’T? — 8¢~5T + 0.1376 14)
[W/mK]

C. Coupling the flow and thermal models
The thermal resistance Ry, is heavily dependent on the flow
properties and was used to couple the fluid model and thermal
model. With the flow properties and flow distribution
determined, the empirical equation for the Nusselt number Nu
for a fluid with Prandtl number > 5 and a developing thermal
and fluid boundary layer was applied as suggested in [39]:
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0.0668. Pr. Re;. (%) (16)
Nu =K;|3.66 + D 5667
1+ 0.04. (Pr.Re;. (Th)l)

The factor K, ; is a corrective factor to take the variation of the
coolant properties with temperature. Yang [40] defines the
corrective factor as:

<#S>—o.14
K, = (-2
Mg

In which pg is the viscosity at the surface temperature and pg¢
is the reference fluid viscosity at its local temperature. Due to
the flow distribution problem, defining the local fluid
temperature is difficult. Therefore in this work the temperature
at each quadrant inlet is considered as a reference. This is
easier to calculate as all the flow passes through this location.
The corrective factor K, was defined for each flow channel.
As during the LP analysis, the solid temperature increases
with time, a new K|, for each channel is calculated at each time
step. The heat transfer coefficient for each side of the pole
piece HTC; is determined from:

Nu. k
Dy
The overall heat transfer coefficient U for each pole piece was
determined using:

A; is the area for each side of the pole piece. The average
thermal resistance for each pole piece is determined as:

1 (20)
U

Fig. 5 shows the process flow chart for the thermal model. It
can be seen how the model considers each of the segmented
pole pieces as a lump and is designed to provide an overall
temperature distribution of the segmented stator. The thermal
resistance is therefore independent of the thermal conductivity
of the stator. Hence this has no effect on the simulated results.

(17

HTC; = (18)

Ry, =

IV. EXPERIMENTAL WORK

A.  Experimental setup and temperature measurements

A representative experiment of a quadrant of the stator
highlighted in Fig. 2 was set up. The test rig is shown in Fig.
6. To eliminate potential errors related to temperature
measurement and distribution within each pole piece,
aluminum pieces were machined with the correct geometry to
replace the segmented stator pole pieces. As the flow regime is
very laminar at a Reynolds number of approx. 200, small
differences in the surface finish between actual pole pieces
with epoxy and the machined aluminum pieces do not produce
significant differences to the HTC. Each aluminum piece was
fitted with a 230 V, 150 W cartridge heater to simulate the
total internal heat generation. This setup satisfies the scope of
this work: to produce a means of validating a numerical model
that produces a fast and accurate general temperature
overview of the stator.

START

Define pole piece geometry

T
Define pole piece materials
T

Introduce flow distribution

T
Introduce pipe flow properties

Estimate HTC for different areas (24)

Determine the overall HTC (25)

l
l
l
l
Estimate Nusselt Numbers (22) l
l
|
l

Determine thermal resistance (26)

T
Set the number of pole piece P ]
|
L |

Set a time domain t l
>

|
Lumped Parameter model (15) and (16) ]

Correct the HTC for change in coolant
properties (23)

’ Output steady state temperatures for all ‘

pole pieces

END
Fig. 5. Flow chart showing the process to solve the iterative LP thermal model

Silicone based thermal interface material was applied to
improve the heat transfer between the heater and the pole
pieces. Each pole piece was drilled with two 1mm holes and
fitted with two temperature sensors. The pole pieces were
assembled on a plastic base in a test box, recreating the flow
channels between them. The plastic base ensured that heat
transfer to the test box was limited. The pole piece heaters
were connected to a variable transformer, which was used to
regulate the heat input. Current meters and a differential
voltage probe were used to measure the current and voltage
supplied to the heaters using a PicoScope 3000 series
oscilloscope recording at 1 Hz. The heat input P was
calculated as:

P=1LV (21)

I and V are the d.c. measured current and voltage supplied to
the heaters. Pico data loggers were used to record pole piece
temperatures at 1 Hz.

The coolant was re-circulated from a reservoir into the test rig
and then pumped through a heat exchanger, expelling heat to
ambient. The reservoir was also fitted with a heating element
to control the inlet temperature of the fluid into the test
section. The power input to the coolant heater was also
regulated through a transformer. The flow rate was regulated
using a globe valve and measured using a variable area flow
meter, as shown in Fig. 7. Each experiment was run for
approximately 3 hours to achieve steady state conditions. The
steady state values across the final hour were then averaged to
determine the temperature distribution of the pole pieces. The
experiment was repeated for various coolant flow rates, inlet
temperatures and pole piece heat losses, shown in Table III.
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TABLE III
EXPERIMENT DETAILS
Test No. Coolant inlet Flow rate Pole piece heat
temperature [Ipm] input [W]
[°C]
1 24.58 0.96 81.06
2 22.96 0.96 148.14
3 23.57 1.67 81.14
4 24.85 1.77 152.27
5 40.47 1.00 82.02
6 40.83 1.16 148.36
7 40.06 1.76 82.11
8 41.52 1.99 148.89
S WA
Temperature
Inactive L~ sensors in all
pole piece pole pieces
Heating ~ Stator outer
elements diameter
within active
pole pieces Flow stopper

Stator inner
diameter

. Hydraulic circuit
====Electric circuit

Fig. 7. Test setup with 1) oil reservoir, 2) temperature sensors, 3) test box, 4)
pump, 5) heat exchanger, 6) variable area flow meter, 7) globe valve, 8) ac
power supply, 9) variable transformer to power fluid heater, 10) variable
transformer to power pole piece heaters.

To the authors’ knowledge, no previous similar experimental
work investigating direct oil cooled electrical machines has
been presented.

B. Calibration of the temperature sensors

A calibration procedure for the T-type thermocouples was
performed in which the test setup was mounted with
thermocouples and inserted into a Carbolite oven. The
thermocouples and data acquisition system were calibrated
against a reference PT100 temperature sensor with an
accuracy of +0.05 K, for a range of temperatures from 20 °C
to 180 °C. The oven hysteresis was measured at 0.1 K, while
the thermocouple offset was measured at 0.33 K.

C. Calibration of the flow meter

Variable area flow meters are calibrated for water. Therefore a
recalibration process to account for the density and viscosity
of the cooling oil was required. The calibration by weight
method was used [41], [42] using the setup shown in Fig. 8.
With the position of the flow meter noted, the mass of fluid
collected was measured and timed. The calibration process
was repeated for a number of inlet temperatures. A
relationship for the flow rate with float position at different
temperatures was derived.

¢ Lo M iy

Fig. 8. Schematic showing flow meter calibration by mass using 1) gate valve,
2) pump, 3) heat exchanger, 4) thermometer, 5) flow meter, 6) 3-way valve, 7)
reservoir, 8) collecting beaker, 9) scales, 10) video camera

D. Uncertainty Analysis
The temperature sensor uncertainty u(T) was calculated using:
u(T) = [w(Tro)l? + [u(Trr)]? + [u(To)]? (22)
In which the u(Tp¢) is the thermocouple offset, u(Tgry) is the
reference temperature accuracy and u(Tpy) is the oven
hysteresis. The temperature uncertainty was calculated to be
0.35 K. The uncertainty in the voltage meter u(V) was +0.2 V
while the uncertainty in the current meter u(I) was +£0.01 mA.
The uncertainty of the heat load u(P) was calculated as:

u(P) = /[uW).112 + [u(1).v]?

The uncertainty of heat input was found to be 4 mW at low
heat flux and 33 mW at the high heat flux. The uncertainty of
the calibration scales was 1mg with a reading error of 0.01g.
The stopwatch used in the flow calibration has an uncertainty
u(t) of £0.1 s. The uncertainty in the flow meter u(Qyy,) was
0.1 Ipm. Hence the uncertainty in flow rate measurement u(Q)
was calculated at:

(23)

u(Q = J[u(Q). t12 + [u(®). Q1 + [u(Qfm)]z (24)

The uncertainty of the measured flow rate is £0.114 lpm.

V. MODEL VALIDATION

To validate the numerical model, the flow and temperature
distribution within a quarter motor were simulated using the
inlet conditions shown in Table III. The measured and
predicted pole piece temperatures are compared in Table IV
and Table V. The simulated pole piece temperatures are within
6% of the measured pole piece temperatures.
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TABLE IV
MEASURED AND PREDICTED POLE PIECE TEMPERATURES FOR A COOLANT INLET TEMPERATURE OF 24 °C
Test No. Pole piece No. 1 2 3 4 5 6
1 Measured temp. [°C] 90.37 94.51 97.34 96.96 99.91 105.92
Predicted temp. [°C] 91.93 101.31 102.28 102.52 101.95 104.36
2 Measured temp. [°C] 124.08 133.92 138.62 142.40 150.25 155.06
Predicted temp. [°C] 124.18 138.68 141.22 142.22 143.59 147.06
3 Measured temp. [°C] 80.28 87.21 90.04 87.37 86.37 90.10
Predicted temp. [°C] 76.28 85.24 86.47 87.02 86.96 89.39
4 Measured temp. [°C] 111.90 124.82 132.07 127.14 132.49 131.21
Predicted temp. [°C] 112.24 125.90 127.68 128.39 128.11 131.77
TABLE V
MEASURED AND PREDICTED POLE PIECE TEMPERATURES FOR A COOLANT INLET TEMPERATURE OF 40 °C
Test No. Pole piece No. 1 2 3 4 5 6
5 Measured temp. [°C] 103.52 113.71 112.50 112.03 114.40 116.77
Predicted temp. [°C] 101.85 112.17 113.77 114.68 113.98 116.07
6 Measured temp. [°C] 136.88 151.77 152.11 151.81 157.66 159.79
Predicted temp. [°C] 136.52 151.31 153.29 154.2 154.13 157.66
7 Measured temp. [°C] 93.42 107.25 104.77 101.43 101.85 99.57
Predicted temp. [°C] 91.93 101.31 102.28 102.52 101.95 104.36
8 Measured temp. [°C] 123.60 143.06 141.21 138.09 140.56 138.80
Predicted temp. [°C] 124.30 138.49 139.87 140.23 138.00 141.08
VI. SIMULATION OF THE MOTOR AND IMPROVEMENTS
220
A.  Simulation of the motor
Following the validation of the model, this was adapted to a0l e
reflect the geometry of a full machine stator as shown in Figs. 5 .
2 and 3. The motor was simulated with an inlet coolant flow ¢ . .
rate of 6 Ipm and a coolant inlet temperature of 80 °C. The §2°°’ . .. T eo o |
. . L] L]
manufacturer’s efficiency chart [31] was used to derive the £ . . .
. . . . . [ ] L o =
stator heat losses associated with a nominal operating point of g 1%r - oo ]
.. 2
1500 rpm and 400 N-m. The stator temperature for the original & . e .
S A ° : o ® s
motor design is shown in Fig. 9. < 10f ~ ¢ . .
L e o © o
& o
B. Improvements to the temperature distribution 17 |
The changes in flow geometry are found to affect the _
. . . = Original Stator Flow Geometry
temperature distribution as follows: | o improved Stator Flow Geometry

* Decreasing the width of the outer and inner fluid paths
increases the head loss from the paths, forcing a larger
portion of the flow through the pole piece channels. This
increasing the flow velocity and the HTC, reducing the
pole piece temperatures.

* The flow distribution is determined by the relative head
losses of the pipes. By increasing the head losses in the
rings, an uneven flow distribution (and temperature
distribution) occurs, creating hot spots in the segmented
stator pole pieces.

* The flow distribution in the stator can be altered by
introducing flow-restricting components at specific
locations within the inner and outer rings.

The inner and outer rings of the original YASA flow
geometry shown in Fig. 2 was reduced to 8 mm. Flow—
restricting components were introduced along these rings. As
a result of these changes, the temperatures of the segmented
stator were reduced as shown in Fig 9. The maximum hotspot
temperature was reduced by approximately 13 K. The
improved stator flow geometry is shown in Fig. 10.

VII. DISCUSSION AND CONCLUSION
This paper develops a fast and accurate numerical simulation
tool to predict the overall temperature distribution of a
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Pole piece number

Fig. 9. Predicted stator pole piece temperatures for a coolant flow rate of 6
Ipm, coolant inlet temperature of 80 °C, motor operating conditions at constant
1500 rpm and 400 N-m
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Fig. 10. The resulting stator flow geometry achieving an improved
temperature distribution.

segmented stator. The model was validated with experimental
measurements on a quarter-model of the stator. The developed
model provides the thermal designer with an overview of the
thermal distribution of the segmented stator at a very early
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design stage of the machine. The model allows the thermal
designer to investigate the effects that different geometrical,
boundary and operational conditions have on the temperature
distribution of the stator. It is shown how by controlling the
flow distribution in the stator, the temperature distribution is
improved and the hotspot temperature reduced. This can be
used to benefit the motor in one of two ways:

1. Increase the lifetime of winding insulation.

The insulation varnish on the copper windings is located
directly at the hotspots of the segmented pole pieces and is
therefore situated at the most demanding location [43].
Thermal ageing of insulation is commonly estimated by the
Arrhenius reaction rate equation [5] with practical insulator
experiments showing that a temperature rise of approximately
10 K reduces the life expectancy by half [43]. The model was
used to improve the stator flow geometry and reduce the hot
spot temperature by 13 K, roughly doubling the lifetime of the
stator insulation.

2. Increase the current density of the machine

Conversely, the new stator geometry could be used at a higher
current density. By improving the stator flow geometry, it was
found that the pole piece heat losses in the new stator design
could be increased by 13% before the same hotspot
temperature as the old geometry is reached. Assuming that in a
low speed machine the ratio of rotor and iron losses remains
constant with a small increase in current, a simultaneous
equation in terms of the I’R losses is formed.

Since the resistance will be at the same hotspot temperature,
the current in the new stator geometry can be described as a
factor of the current in the old stator geometry:

Lnew = 1.066154 (24)

Therefore with the new stator design the current density is
increased by about 7%.
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