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Abstract

In this study, a thermomechanical model is developed to predict the melt-pool dimensions
and residual stresses for laser powder bed fusion process. Inherent strain method is also used
to predict residual stresses by using only the thermal solution that is free the complexities
involved with the mechanical solution. A unique approach is developed to define the surface
heat losses as volumetric heat losses in order to avoid the definition of traction-free surfaces
and their re-definition after layer deposition. The thermal process simulations predicts melt-
pool dimensions of experimental cross-sections of single tracks within approximately 10%
agreement. The thermomechanical process model is used to forecast the effect of process
parameters on the melt-pool dimensions and residual stresses. The inherent strain method
reproduces the residual stresses within 15% accuracy, approximately six times faster in com-
parison to the thermomechanical model, and free of any convergence issues related with the
displacement field solution.

Keywords:
powder bed fusion, thermomechanical process model, FEM, inherent strain method

Nomenclature

« thermal expansion coefficient

I5; rigidity constraint in ISM

€, Ae total strain and increment

€, elastic strain

€,, A€, plastic strain and increment
€7, Aer thermal strain and increment

o stress
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! . . .
o™ trial deviatoric stress

tr trial stress

o
Ad  hatch spacing

Ah  layer thickness

AH; effective enthalpy of metal vapor

Ap  plastic strain increment

Atlyecoqr time step at the recoating time interval
Atgeqn time step at the scan time interval

Q heat input of the moving heat source

Geonw convective heat loss from surfaces

Gessr effective surface heat loss

Geva  €vaporative heat loss from surfaces

Graq ~ radiative heat loss from surfaces

€rg  scalar inherent strain

n efficiency factor / absorptivity

’i‘t nodal temperatures at former time increment
T nodal temperatures

u node displacements

B strain-displacement mapping

C elasticity matrix

E inherent strain

k conductivity matrix

n area normal of a surface

N, N volume and surface interpolation functions
n, plastic flow direction

q, qs volumetric and surface heat flux

R rotation matrix
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S inherent stress

u displacements
Xg surface position vector
X position vector

VN interpolation function derivatives

w material state indicator, solid volume fraction at mushy state
(0 yield function

P mass density

oy yield stress

ovm equivalent Von Mises stress

0 scan direction with respect to sample x-axis
€ emissivity

% solid volume fraction of powder state

o node values of stress

A, A, C' constants used in inherent strain & stress calculation

a, fo scaling factors to find powder conductivity

AW areal fraction of voids in powder state

C,  specific heat

dg, dy, d. distances from the heat source along x, y, and z directions
E Young’s modulus

h convection coefficient

k) A | conductivity of solid, Argon gas, and powder, respectively.
Kp Boltzmann constant

kz, ky, k. thermal conductivity constants x, y, and z directions

L characteristic element size along scan direction

M molar mass of metal vapor

P laser power



84

85

86

87

88

89

90

91

92

93

04

95

96

97

98

99

101

102

103

104

105

106

107

108

109

110

111

112

113

114

115

116

117

=) ambient pressure
R Universal gas constant
r effective radius of the heat source

Tz, Ty, T» heat source radii

S surface of the domain
T temperature

t time

To ambient temperature

T,, T7 upper and lower limit temperature for ISM

T, boiling temperature
T surface temperature
V volume of the domain
v scan speed

1. Introduction

Additive manufacturing (AM) has been referred to as the manufacturing method of the
future. AM has become a great alternative to conventional manufacturing processes in
various industries because of its numerous advantages, such as process automation, reduc-
tion of multi-stage manufacturing processes, elimination of tooling, consumables, and waste
products [1]. In addition, AM makes it possible to produce highly complex geometries and
lightweight structures to significantly improve the design performance. Currently, AM has
found wide use in high-end applications in aerospace and biomedical industries. However,
still the applications of AM in critical industries require a better understanding of the effect
of process parameters on the product quality.

The laser powder bed fusion (LPBF) process is an AM process for manufacturing parts
with fine precision. In the LPBF process, a laser is used as the heat source to melt the metal
powder particles selectively and to solidify them by cooling in a layer-by-layer manufacturing
[2]. After selective melting of each layer over a powder substrate, a new layer of powder
material is added on top of the former layer, and the same procedure continues until the
part geometry is complete. Although this process has great advantages, AM suffers from the
formation of defects, residual stresses during deposition, and distortions that cause deviations
from the desired geometry [3]. High thermal gradients during the LPBF process lead to the
formation of tensile stresses that adversely affect the mechanical performance by promoting
crack initiation or formation. Residual stresses also cause loss of dimensional accuracy owing
to the distortions. Accordingly, the process parameters need to be optimized to ascertain
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the penetration of melt zones with each other and integration of each layers for different
materials [4].

Experimental trial-error methods to correlate the process parameters with the quality of
product for LPBF process is a tedious and costly task because of the high machine costs
involved with the AM process [5]. Therefore, researchers have turned their attention on
developing efficient numerical methods to simulate the PBF process instead [6], which is
consistent with the current research trends related to the digitization and digital twinning of
AM processes. Process simulations have been used to unravel: the link between process pa-
rameters and the structural properties [7], anisotropic microstructure evolution [8], melt-pool
kinetics [9], defect formation mechanisms [10], phase transformations [11], and solidification
microstructure [12].

Thermomechanical finite element (FE) process simulations have been extensively used
to determine the temperatures and displacements and to compute the melt-pool size and
residual stresses after the AM process [13, 14]. Beuth et al. investigated the prediction
of distortion after deposition as a pioneering study in this field [15]. The modeling of AM
processes includes specific FE procedures such as element birth/death methods [16], ghost
elements [17], and hybrid element activation methods [18, 19]. All of these process models
were utilized in conjunction with temperature-dependent material properties [20, 21].

Melt-pool characteristics such as dimensions and geometry have a considerable effect on
the overall part quality, hence it has been the subject of many studies [22]. Andreotta et al.
developed a thermal model to predict melt-pool dimensions for various process parameter
combinations and they validated their model with an experimental study. According to their
results, melt-pool width and depth increases with laser power and decreases with scan speed
[20]. A similar result was found in the experimental studies that were performed by Scime
et al. in which the effect of process parameters on the formation of defects such as keyhole
and balling were emphasized [23].

The process parameters significantly influence the formation of residual stresses and dis-
tortion of the deposited part [24, 25]. Accordingly, Mukherjee et al. concluded that thermal
strains being directly proportional to the laser power and inversely proportional to the scan
speed. Similarly, Simsons et al. studied the influence of energy density on the residual stresses
which depended on the process parameters of laser power, scan speed, layer thickness, and
hatch spacing [26]. They reported an increase in the residual stresses with increasing energy
density. However, according to Bartlett et al., generic energy density expression was not
a precise formulation for the actual energy density applied, and each parameter should be
considered individually, because each parameter had a different effect on the residual stress
[27]. Shiomi et al. reported a slight decrease in residual stresses with increasing scan speed
[28]. The layer thickness is another important process parameter for the residual stresses of
the deposited part. Mukherjee et al. concluded that using thin layers reduces the build-up
of residual stresses while increasing distortions [24]. Anderson et al. reported that to reduce
the residual stress and its gradients, the layer thickness shall be increased based on their
experimental measurements, which were performed on LPBF manufactured specimens by
using neutron diffraction [29]. The influence of process parameters on the residual stresses
still not well understood that requires further research.
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The scan strategy has an impact on the residual stresses after AM [30]. In practice,
the scan direction rotates after completion of each layer with a default angular rotation of
90° or 67° about the build direction [31]. Parry et al. performed process simulations using
a commercial software and its user subroutines to conclude that the scan pattern affects
the residual stress distribution but not its magnitude [32]. Similarly, Bagg et al. conducted
experiments to relate different scan strategies, such as continuous, island, and chess patterns,
to compare the part distortion and residual stresses [33]. In that study, the largest distortions
were found with the chess scan strategy, and the largest tensile stresses appeared with the
continuous scan strategy. There is still a demand for a better understanding of the effect of
the scan strategy on distortions and residual stresses.

Part-scale distortion and residual predictions require numerically efficient process models.
For this reason, layer-by-layer simulation methods have been used for distortion predictions
[34]. In addition, semi-quiet element method activation methods have been used [35]. Patil et
al. developed an FE method that used two separate mesh refinement levels in one model [36].
Some models divide the part into sub-domains and apply a heat source simultaneously over
the domain to simulate the process efficiently [37, 38]. Similar methods, such as simultaneous
activation of multiple layers [18], adaptive meshing [39] and domain decomposition [40], have
been developed to perform simulations in a computationally efficient manner.

The inherent strain method has been used to predict the residual deformations after
the welding process efficiently [41, 42]. Similarly, eigenstrain construction methods have
been developed to find stresses for processes involving thermal gradients [43, 44]. Ding et
al. used the inherent strain method to determine the residual stresses after the wire and
arc AM process approximately a hundred times faster than with thermomechanical process
simulations [45]. The method was used with multi-scale models to compute the distortions
and residual stresses at the part scale using inherent strains that were computed from meso
and micro-scale simulations [46, 47]. The limitations of the inherent strain method have also
been investigated [48], and different modified versions of this method have been presented
[49].

In this study, a thermomechanical simulation model is developed at first, and it is imple-
mented in a FE environment considering the temperature dependent properties of powder,
solid, and liquid states. The inherent strain method (ISM) is also implemented to predict
residual stresses from the thermal LPBF process simulations. The ISM and thermomechan-
ical model results are compared to show the deliverables of the proposed LPBF process
simulation model. In addition, a new method is used to represent surface heat losses as
volumetric heat fluxes to eliminate the definition of surface fluxes after deposition of a layer.
The thermomechanical model was used to predict the melt-pool dimensions, states, and
residual stresses for different process parameters.

The paper is structured as follows. Sections 2 and 3 explain the thermomechanical and
inherent strain modeling approaches in detail, respectively. Section 4 shows the experimental
methods that were used provide comparison to the simulation findings. Sections 5 and 6
include the discussion of the results and conclusions, respectively.
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2. Thermomechanical Model

2.1. Thermal Model

The thermal model includes a solution of the transient energy balance relation. In Eq.
(1), p, Cp, T, q, and Q) represent the mass density, specific heat, temperature, heat flux
vector, and heat input, respectively. The heat flux vector and heat input are computed
at position x and at time t. Geonv, Grad, and Gepq represent the surface heat losses due to
convection, radiation, and evaporation, respectively.

T
pCa

vy = VoAt Q) — deons — drat — deua (1)

Goldak’s double ellipsoid model is used as the heat input, as shown in Eq. (2). @ is the
heat input per unit volume, P is the laser beam power, and 7 is the lumped efficiency factor.
Tz, Ty, and 7, represent the laser spot radii in the d,, d,, and d, directions, respectively.

: 61mv3P 3d? 3d? 3d?
Q(X,t) = m eXp(— T§> eXp(_’r_gy) eXp(— 7“2) (2)

The heat flux vector, q, is computed using the temperature gradients as given in Eq. (3).

q(x,t) = =k VT (3)

Conductivity is assumed for homogeneous media with only the diagonal terms along the
longitudinal, lateral, and depth directions that are represented by k,, k,, and k, in Eq. (4).

ke 0 0
0 k, 0 (4)
0 0 ke

k:

Convection is considered in the model. The corresponding heat loss from the surfaces,
Geonv(Xs, t), is computed using an effective convection coefficient, h, and ambient temperature,
To, as given in Eq. (5). x4 denotes the surface-position vector.

q.conv(x&t) = h(T - TO) (5)

The radiative heat loss from the exposed surfaces, ¢ q4(Xs,t), is computed using Eq. (6),
where € and Kpg are the emissivity and Boltzmann constant, respectively.

CJTad(XS?t) = eKB (T4 - T(;l) (6)

The evaporative heat 1oss, ¢eva(Xs, t), is calculated using Eq. (7) in accordance with [50].
AH!, M, R, T,, T,, and Py are the effective enthalpy of the metal vapor, molar mass of the
metal vapor, universal gas constant, temperature of the surface, boiling temperature, and
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atmospheric pressure, respectively.

() 0.82 AH
eva\Xs) = T ex
4 V2rMRT, ° P

2.2. Mechanical Model

AH: (Ts - TV)
RT,T,

( ) (7)

The local form of equilibrium is expressed with Eq. (8) for a static case without any
body force.
V.o =0 (8)

The total strain, €, can be decomposed into its elastic, €., plastic, €,, and thermal er
strain components, as expressed by Eq. (9).

€ =€ + € + €r (9)

The numerical solution is based on incremental form of strain, hence incremental form of
Eq. (9) becomes as in Eq. (10) in which A€ represents the given increment of total strain.

Ae = Ae. + Ag, + Aep (10)

Thermal strain increment is computed by multiplying the thermal expansion coefficient,
a(T'), which is a function of temperature, with the temperature increment, AT, as in Eq.
(11).

Aer = o(T) AT (11)

Trial stress, o', is calculated assuming all of the strain increment is elastic using elas-
ticity, as in Eq. (12).
o = C : Ae (12)

Deviatoric part of trial stress, o', is calculated using Eq. (13).
tr’ tr I tr
o =o0" — (" 1) (13)

Von Mises trial stress, o, is the scalar measure for the driving stress for plasticity that

is computed from the deviatoric part of the trial stress, o], , as in Eq. (14).

3
oy = 50”/ s ot (14)

The plastic flow direction, ny, is computed from the trial deviatoric stress using Eq. (15)
based on normality principle.
3 ot

o _tr
2 0vn

(15)

n, =

The plastic strain increment is computed using the flow direction, ny, based on normality



242

243

244

245

246

247

248

249

250

251

252

253

254

255

256

257

258

259

260

261

262

264

265

266

267

rule with plastic strain increment, Ap, as shown in Eq. (16).
A€, = n, Ap (16)

The plastic strain increment is coupled with the stresses through a flow rule or yield
function, v, that is a function of temperature. Consistency requires Eq. (17) to hold during
plasticity.

Y(o,Ap) = oyy — oy(Ap,T) = 0 (17)

Once the thermal and plastic strain increments are calculated, the elastic strain incre-
ment and the corresponding stress are computed using Eqgs. (10) and (12), respectively.
The solution for the plastic strain increment (or stress) is obtained by iteratively until the
increment is less than a convergence tolerance. In this study, an isotropic elastic-perfectly
plastic model is employed. The same model is applied to the baseplate and build material
considering different material properties. In case the material state of active element is either
powder or liquid, a low value of elastic modulus (0.1 GPa) is used to compute the material
tangent and the stresses are assumed to vanish.

2.3. Finite Element Model

The local problem is converted into an FE problem by discretization of temperatures, as
in Eq. (18) [51].
T(x) = N(x)T (18)

The weak form of the energy balance is obtained by discretizing the temperatures and
multiplying the energy balance with a weight function followed by integration. The solution
of Eq. (19) gives nodal temperatures T, for boundary conditions [52].

T-T,
At

[/ N'pC,NdV] +[/ VNTkVNAV]T = /NTQdV—/NSTqS-ndS (19)
v |4 Vv S

ey represents effective surface heat losses due to convection, radiation, and evaporation
through the top surface of the topmost elements (Eq. (20)).

Qeff = QConv + erad + Qeva (20)

In the FE model, after the addition of a new layer of material, the traction-free surfaces
must be defined to identify heat losses.

Figure 1(a) shows the surface losses of @* and q** from two surfaces dS* and dS** with the

corresponding surface normals of n* and n**, respectively. The total loss can be expressed
as in Eq. (21) [53].

/(q* ‘n* + g7 - n)dS = /v . qdV (21)
S \%4

Figure 1(b) shows the surface losses on a single finite element during the AM process in
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Figure 1: Conversion of surface fluxes to volumetric heat loss term (a) general surface losses from a body,
(b) a finite element with surface flux from its top surface.

which the effective heat loss is in the form of a surface flux which is applied only on the top
surface. Therefore, the surface integral is converted into volume integrals by dividing the
flux by the thickness of the element, as in Eq. (22). In this study, one element per thickness
direction is used for each layer; hence, the surface heat flux, qg, is obtained by division of the
effective surface flux to the layer thickness, Ah. This term is applied to the model together
with the volumetric heat input.

/qs-ndS — /V-qst — /q@ffdv (22)
S 1% VAh

The energy balance is solved at each time step until the temperature update for an
iteration cycle becomes smaller than a tolerance; in this study, 100 K was used as the
tolerance value.

The mechanical equilibrium invokes a solution for the displacements; hence, the displace-
ments are discretized, as in Eq. (23).

u(x) = N(x) (23)
Strains are obtained through strain-displacement coupling, B, as in Eq. (24).

e = Bu (24)
The weak form of equilibrium is obtained by multiplying the local form in Eq. (8) with

the weight function and integrating the result over the volume of the domain. Eq. (25)
shows the discrete form of mechanical equilibrium.

/BTadV =0 (25)
|4

MATLAB® is used to generate the inputs for the FE model, mesh file, input file for
analysis (i.e., process parameters, material constants), and parameters for path generation
at the initialization stage for efficient and consistent generation of the model. MSC MARC®

10
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UACTIVE

i FLUX
FE MODEL » - HYPELA2
GENERATION - USPCHT
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- UTIMESTEP
SCAN PATH ‘ i

» A fixed baseplate

fixed displacements temperature

Figure 2: (a) Finite element model generation including the inputs, constants, and a list of the user-
subroutines that are utilized in the thermomechanical finite element analysis. (b) Mesh and boundary
conditions of finite element model.

is used as the FE environment with its available user subroutines that are in Fortran®
language, as shown in Figure 2(a).

Figure 2(b) shows the FE model and boundary conditions. Fixed displacements and a
fixed temperature of 323 K (50°C) are applied to the bottom surface of the baseplate as the
boundary conditions.

Several subroutines are used together in the simulations. Finite element solver visits
the subroutines UACTIVE, USPCHT, ANKOND, FLUX, and HYPELAZ2 for every element,
integration point, during every increment, and iteration cycle. Detailed description of the
user-defined subroutines is as follows:

e UBINC sets up the initial values of global variables and updates the state variables
used in the thermal and mechanical field solvers at the beginning of each increment.
The first call and corresponding initialization of the software is performed within this
subroutine.

e UTIMESTERP is used to set the minimum and maximum limits for the time increment
based on the position of the heat source which is determined by the absolute time. The
time stepping is determined based on the convergence criteria. During the recoating
or cooling stages larger initial time steps are enforced.

e UACTIVE activates the elements at the powder state after recoating cycle before the
deposition of a layer. The build elements are deactivated initially only and baseplate
elements are active all the time during the process simulations. The activation criteria
is based on the absolute time of the simulation depending on the position of the heat
source along build direction.

e INTCRDS gives the integration point coordinates of each element which is used only
once at the beginning of the calculations.

e USPCHT is used to enter the specific heat that depends on the material type (baseplate
or build layer), state (powder/liquid/solid), and temperature.

11
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e ANKOND is used to enter the anisotropic conductivity constants along x, y, and z
directions that depends on the material type (baseplate or build layer), state (pow-
der/liquid/solid), and temperature. This subroutine is used to incorporate Maragoni
effect by increasing conductivity along longitudinal direction with a factor at liquid
state, k.

e FLUX is used enter the coordinates and magnitude of the volumetric moving heat flux.
Surface heat losses are also entered as negative heat sources for the topmost elements in
the layer only. This subroutine is defined for only the build elements for time efficiency.
Thermal solver visits this subroutine only for the active elements in the mesh.

e HYPELA2 is used for the mechanical user-defined solver for different states of the
material. This subroutine has access to the temperatures and hence it is used to
enter temperature dependent mechanical constitutive models for powder/liquid/solid
phases. Different mechanical properties for the baseplate and build elements are used.
Similarly, zero stress values with low stiffness properties are used to define mechanical
response of powder and liquid states. Mechanical solver enters HYPELA?2 only for the
active elements.

2.4. Mesh sensitivity

A mesh sensitivity study is conducted to select a proper mesh size for the FE model in
the scanned region. The mesh convergence study is performed for single layer deposition
using the process parameters shown in Table 1. The reference mesh size value of 50 um
is used which is equal to the radius of the laser beam. Figure 3(a) shows the maximum
and minimum temperatures with respect to the mesh refinement level. A higher percentage
indicates a finer mesh. Mesh refinement level significantly effects the magnitude of the
minimum and maximum temperatures. The minimum temperature takes values below the
baseplate temperature (323 K) for mesh refinement levels less than 60%. Similarly, minimum
temperatures reach almost absolute zero for mesh refinements coarser than 30%, the revealed
highly inaccurate results. This observation is attributed to the intense heat source input,
causing a very sharp temperature gradient near the melt-pool. Both the minimum and
maximum temperatures have convergent behavior for mesh refinement levels that are finer

than 60%.

The mesh refinement does not impact the equivalent Von Mises stresses significantly
because the stresses are approximately equal to the yield strength as shown in Figure 3(b). In
contrast, the longitudinal stress component reached a steady value at 50% mesh refinement,
as shown in Figure 3(b). Considering the computational time, a mesh refinement of 60%
is selected as the minimum refinement necessary to obtain temperatures and the stresses
accurately. The converged solution consists of a mesh with 113409 number of nodes and
99200 elements in total.

2.5. Material Properties

Two types of material models are used in the model: baseplate and build material.
Table A.1 show the constant properties of baseplate (SS316). Figures A.1 and A.2 show

12
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Figure 3: Mesh sensitivity study for a. temperature, b. longitudinal stress and Von Mises stress. Percentage
mesh refinements were computed using a reference mesh size of 50 pm

the temperature-depedent build material (IN718) properties. The following definitions for
material properties are implemented in the user-defined subroutines of the finite element
solver.

The build material consists of three different states: powder, liquid, and solid. w is used
as an indicator to account for these different material states!.

e powder (w=—1)

e liquid (w = 0)

e solid (w=1)

Any property in the liquid-solid state transformation regime, that is also referred as the
mushy regime, is computed by the rule of mixtures. Eq. (26) shows the application of the

rule of mixtures method to find the property at the corresponding state by using the solid,
ps, and liquid, p;, phases to determine the mass density in the mushy regime, p [54].

p=wp® + (1 —-wp? (26)

The powder material properties are computed using the properties of solid and the poros-
ity of the powder bed, y. Direct proportionality is used to calculate the density, p®, and
specific heat, C'ng ), of the powder from the corresponding solid properties, p(®) and Cl(f), as
in Equations (27) and (28). A powder porosity, ¢, of 0.4 was used in the calculations [16].

PP = (1= ) p® (27)

W = (1-p)C (28)

Specific heat or heat capacitance shall be modified to take into account the latent heat

!The state of the properties are represented by the superscripts ’(p)’, ’(s)’, and ’(1)’ for the powder, solid,
and liquid states, respectively. That is, C’;(,S) is the specific heat of the solid

13
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effects [55]. In this study, the latent heat effects were not considered. The latent effect would
help reduce the number of iteration cycles of thermal solution by reducing the maximum
temperatures thereby decreasing the number of cycles required for a temperature increment.

The thermal conductivity of the powder material properties is computed using the solid
material properties and the powder porosity in the powder bed, ¢, in accordance with the
reference [56]. In Eq. (29), k47 ’s the conductivity of argon gas surrounding the powder
particles and k) is the conductivity of the solid metal.

k()
ofo+ 51— v fo)
E@) — p(An) [(1 —q) J(Ar) e 4
1 — o= fo) + WSO(l — fo)
2 (29)
k() E(s)
2 (W) =)+ 0+2¢) 5y
“ X0
(2 + SD)W +1—-9
fo is a function between 0-1 for scaling conductivity, which is given by Eq. (30).
fo =08 + 0.1¢ (30)

The scaling factor, a, is a function of the powder bed porosity (Eq. (2.5)).

—4.898¢, 0 < ¢ < 0.0827
log(a) = { —0.405 — 3.154 (p — 0.0827), 0.0827 < ¢ < 0.298
—1.084 — 6.778 (p — 0.298),  0.298 < ¢ < 0.580

The conductivity of the liquid state along the scan direction (k,) is assumed to be 1.5
times higher than its actual magnitude to account for the enhanced heat transfer inside the
melt-pool due to the Marangoni effect. Table A.1 shows the values of temperature-dependent
conductivity for IN718.

The emissivity of the powder particles, e, is computed from the emissivity of the same
material in the solid phase, £, considering the radiation between the powder particles, Eq.
(31).

e®) = AE ) (1 — AE)) ) (31)

The area fraction of the surface, A refers to the areal fraction of the voids in a porous
medium (Eq. (32)).
0.908 ¢

AH) —
1.908p — @2 + 1

(32)
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H) 'in porous media is calculated using Eq. (33).

1 o 2
2 + 3.082 ( 90)
©

1 _ 2
1 + 3.082 (—90>
©

The emissivity, &

8(5)

g(s) +1

2.6. Time stepping procedure

Two different time intervals are used in the model: single scan vector time (scan time),
and re-coating time. The single scan vector time is divided by time increments of Ats.q,.
After the completion of a layer, the recoating time, At,..oqt, is applied to account for the
cooling during spreading of new powder with a recoating blade, as in the actual process.
Although the recoating is usually complete within seconds in a real LPBF process, the re-
coating time in the simulations is selected to be much less, that is sufficient enough for the
model to cool down to the baseplate temperature completely considering due to the high
cooling rates ( 10* K/s).

The time step during the deposition, Ats.q,, is determined automatically by setting the
tolerance value for temperature increment to 50 K. The solution algorithm reduces the time
step, if necessary, starting from a predefined magnitude down to a prescribed minimum value.
The maximum time step was selected such that the position change of the heat source during
the time step lies within the effective radius of the laser beam, r, in accordance with Eq.
(34), which is similar to that in [32].

,
Atsean < — 34
: (34

The effective size of the region, r, is calculated from the beam size using Eq. (35).

o= \/r:+ i+ 12 (35)

The time step must be selected considering the thermal shock effects; otherwise, negative
temperatures can be observed in the simulations. To avoid this, the restriction in Eq. (36)
is used in the time step during scanning, At,..,, in which L is the characteristic element size
along the scan direction, k, is the conductivity along the scan direction, p is the density, and
C, is the specific heat of the material [57].

LQPCP

Atscan > ]{/‘x

(36)
2.7. Process Parameters

Table 1 lists the process parameters for selective laser melting, which include laser power,
scan speed, beam radii, hatch spacing, and layer thickness.
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Table 1: Default process parameters for selective laser melting of EOS-M209 LPBF system [31].

laser power scan speed  beam radii  hatch spacing layer thickness efficiency

r v Ty, Ty, Tz Ad Ah n
W] [mm/s] [p1m] [p1m] (1] -
285 960 50 / 50 / 125 110 40 0.3

The efficiency factor, 7, is different for the powder and solid states. A larger efficiency is
used for the powder state, n?) = 0.6, than for the solid state, n®) = 0.3.

3. Inherent Strain Method

The inherent strain method (ISM) is used to calculate stresses instead of strains from
temperature distributions in the current study. Inherent strains, €;g, are computed based on
the maximum temperatures [41]. ISM computes the strains based on the certain temperature
limiting values. Eq. (37) shows the criteria based on the temperature limits 77 and T,. 3
represents the magnitude of rigidity constraints along each direction, and it takes a value
between 0 and 1.

0, Tmaa: < Tl
€rs = § —Tae + 0y/E/B T < Thaw < T (37)
_O-y/E/B T2 < Tmam

The temperature limits are related to the material properties and rigidity constraints

with Egs. (38) and (39).

Ty = oy/E/a/B + Ty (38)
T, = 2T} (39)

In the original inherent strain formulation [41], the longitudinal direction (x-direction)
was aligned with the weld or velocity vector. Therefore, in the previous studies, welding
directions were always along the longitudinal direction, which did not require any transfor-
mation [45, 58] which is the same in the current study. However, to keep generality for AM
processes rotation, R, has to be defined to transform the stresses, S, at the reference frame
defined with scan direction to the sample reference, Eq. (40).

o = RSR’ (40)

Transformation involves rotations, R, in which 6 is the rotation angle about the build
direction (z-axis of the sample reference), as in Eq. (41). The direction of the scan in the
plane, #, needs to be known or entered for each layer in this case. In the current study the
scan direction is the same as x-direction of the sample giving 6§ =0°.
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Figure 4: Schematic sketch of tress-strain diagram during cooling of a single material point.

In the case of inherent strain method, only the thermal problem was solved, and the
maximum temperature values are stored for each integration point of each finite element.
The stresses are then computed by subsequent addition of a layer with inherent strains and
quasi-static mechanical solutions for the displacement field [41, 42, 45, 58].

Figure 4 illustrates the thermal cycle of a material during deposition schematically. Eq.
42 and Eq. 43 relate temperatures to inherent strains. As the material heats up, the dis-
placement constraint prevents thermal expansion of the build layer that leads to compressive
strains. If the stresses exceed the yield stress, plastic straining starts which results in the for-
mation of residual compressive strains and tensile stresses after the cooling down. Therefore,
the amount of plastic straining occurs in both heating and cooling stages depending on a
critical temperature, 7),,.=T>. Temperature limits 77 and 75 are also dependent on rigidity
constraints that are similar to spring stiffness. Because the constraint in the longitudinal
direction is greater than that of the transverse direction, T, is larger than 75,. Hence, even
though the maximum temperature within the material exceeds Ti,, only the compressive
plastic strain occurs in the longitudinal direction up to T;,4.=7T5;, and it is a function of
Tnaz- In case Tpa, exceeds Ty, further plastic strain at both the heating (compressive)
and cooling (tensile) stages, the residual stresses will retain their magnitude, the same as
the yield stress along the longitudinal direction. In this regime, the plastic strain becomes
proportional to T},.., as shown in Eq. 43 along the transverse direction. C' is a constant
that is computed as C' = Ty, from the continuity condition of Equations 43 and 45. A is
an unknown constant that needs to be determined by calibration. This mechanism was also
discussed in previous studies [28].
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O, Tmam < Tla:

€xz = —« Tmaa: + O-y/E/ﬂ:L’ le* < Tma:c < T2x (42)
_O_y/E/BSL‘ T2x < Tmax
0 Tnaz < Tox

€y =14 ? (43)
_Aa(Tmaa: - C) T2x < Tma:t

ISM predicts stresses by using only the thermal solution, more precisely the maximum
temperatures, T},,,. The maximum stress in the longitudinal direction is assumed to be
equal to the yield stress if T},,, exceeds T,. On the other hand, the transverse component
of stress is assumed to be a function of 7},,., as shown in Figure 4.

The constant A, needs to be calibrated using the results of thermomechanical simulations
as a function of the maximum temperatures, T,,,,. Note that calibration can also be done
experimentally. The calibration was performed using only for a set of process parameters.
The magnitudes of 7,,,,, and o, were collected from thermomechanical simulations for three
different laser power levels which allowed to investigate the effect of different 7,,,,, values.

o _ 07 Tmax < TZ:(: (44)
v O'y, T2x < Tmam
o _ O, Tmaa; < TQm (45)
vy ASEa(Tmax - 0)7 TZCE < Tma:c

In this study, the stress components along longitudinal and transverse directions were
obtained using Equations (44) and (45). Finally, the magnitudes and distributions of these
stresses were predicted using only the T),,, value at each integration point of every element,
which were determined from the thermal simulations for any given process parameters.

4. Experimental

Experimental studies include analysis of cross-sections of deposited specimens that were
manufactured with different levels of laser power. The manufacturing of the samples were
performed using EOS-M290 LPBF system. Single tracks of IN718 material were deposited
on SS316 base plate. Three different laser power values were used as 160 W, 190 W, and 220
W with the default scan speed of 960 mm/s. 40 mm length was used in the tracks and each
track was transversely positioned 3 mm away from each other to prevent any interaction
between the build single tracks. Cross-section of build layers of single track samples were
investigated to find the dimensions of the melt-pool size to validate the proposed thermal
model.

The samples were cut in the middle using abrasive water-jet cutting process. Next, epoxy
resin and hardener used to apply cold mounting. Then, wet polishing was applied using SiC
grinding papers to the cross-sectioned surfaces. After that, surfaces were etched with a
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Figure 5: Melt-pool images obtained for laser power magnitudes of (a) 160 W, (b) 190 W, and (c) 220 W at
a scan speed of 960 mm/s.

equal mixture of HCl, CH3COOH and HNO3. Finally, melt-pool images were obtained by
Nikon LV1000ND optical microscope as shown in Figure 5. Dimensions of melt-pools were
measured using a raster graphics editor. Each optical measurement was performed ten times
to quantify measurement uncertainties. Depth of the melt-pools were measured with respect
to the baseplate level using a similar method as in the reference [59].

max = 22.868

Figure 6: Experimental characterization of a test sample with multi layer builds that was manufactured with
the default process parameters of 285 W, 960 mm/s, 80 um of laser power, scan speed, and layer thickness,
respectively. (a) SEM images with different magnification, (b) EBSD map, (c) texture pole figures (RD is
along the build direction.).

Another large cube sample was prepared with 10 mm edge length using the standard
manufacturing parameters of EOS-M290 LPBF system. The process parameters were 285 W,
960 mm/s, 80 pum for laser power, scan speed, and layer thickness, respectively. Sample was
wet ground and polished with a final solution of colloidal silica. The analysis was performed
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using ZEISS-Cross beam scanning electron microscopy (SEM) and electron backscattered
diffraction (EBSD) system. Figure 6 shows results of the micro scale characterization of a
test sample. SEM images shows a uniform fusion of the melt zones with each other. The
melt zone structures consisted of needle-like dendritic structures, Figure 6(a). High resolution
EBSD analysis of the cross-section shows large grains with growth along the build direction,
Figure 6(b). In addition, the texture pole figures reveals the presence of a cube texture in
the material, Figure 6(c). Therefore, the build material had proper fusion of deposited layers
having both crystallographic and morphological texture. Although a less sharper texture is
expected in case lower laser power levels were used for IN718 [60]. The presence of significant
amount of texture challenges the isotropic assumption used in the model and suggest the
use of a texture-based calculation of thermal and mechanical properties of the material such
as thermal conductivity, elastic modulus, and yield stress.

5. Results and Discussion

T [K]
1.609+003
1.408e-+003

solid
liquid
powder

1.207e+003

1.006e+003

8.045e+002

6,034e+002

4.023e+002

Z.011e+002

(a) (b)

Figure 7: (a) Temperature distribution and (b) state of the material phase during deposition of first layer at
t=0.00899 s. Process parameters: P = 160 W, v = 1000 mm/s, Ad = 90 um, Ah = 40 pm, and unidirectional
scan pattern.

Figure 7 shows the instantaneous distributions of temperatures and material states during
the deposition of the first layer of the thermomechanical model. The laser power, scan speed,
hatch spacing, and layer thickness were 160 W, 1000 mm/s, 90 um, 40 pm, respectively and
a uni-directional scan pattern was used in the simulations. The melt region is indicated
with a gray colored contour in Figure 7(a). The conductivity of the material in the powder
phase is much lower than that of the solid or liquid phases that leads to the asymmetric
temperature distribution. Therefore, higher temperatures were computed on the solidified
region in comparison to powder region with much lower thermal conductivity. Figure 7(b)
shows the instantaneous states of powder, solid and liquid during deposition.

Table 2 shows the values of the process parameters that were used in the simulations;
laser power, scan speed, hatch spacing, layer thickness, and scan pattern.

Table 3 shows the melt-pool dimensions with respect to different process parameters that
were obtained from the thermomechanical simulations. The simulation results were collected
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Table 2: Process parameters that were used in the simulations.

laser power scan speed hatch spacing layer thickness scan pattern

P v Ad Ah -
(W] [mm/s] [pm] [pm] -
160 600 75 30 unidirectional
190 1000 90 40 zigzag
220 1200 100 50 -

at the instant when the laser was in the middle of the fifth scan vector, after the deposition
of one half of the hatch, or at the center of the printed layer. As the laser power increases,
the melt-pool expands in all directions at approximately at the same rate. Increasing the
scan speed decreases the amount of heat energy input per unit volume of material and
consequently, both the depth and width of the melt-pool become smaller. Similarly, the
melt-pool slightly shortens along the scan direction; however, at the same time, increasing
speed tends to stretch the melt zone longitudinally. As a result, the length of the melt-pool
barely decreases and does not become influenced by the scan speed as much as the other
directions. Variations in layer thickness and hatch spacing do not have a significant effect
on the melt-pool size.

Table 3: Melt-pool dimensions for altering process parameters

laser power scan speed hatch spacing layer thickness width depth length
[W] [mm/s] [pm] [pum] [pm]  [pm]  [pm]

160 1000 90 40 124 7 276
190 1000 90 40 130 86 333
220 1000 90 40 149 93 402
160 600 90 40 160 95 284
160 1200 90 40 121 68 272
160 1000 5 40 122 81 274
160 1000 100 40 127 78 281
160 1000 90 30 121 72 265
160 1000 90 50 123 76 283

Figure 8 shows the temperature distribution within the melt-pool for the following process
parameters: laser power of 160 W, scan speed of 1000 mm/s, hatch spacing of 90 pum, and
layer thickness of 40 pm. The melt-pool dimensions were calculated based on the width and
depth dimension indicated in Figure 8(a) and (b), respectively.

Melt-pool dimensions from the cross-sections were also obtained from single track simula-
tions and compared to the experimental findings to identify the simulation accuracy. Figure
9 shows the image of the melt-pool obtained from the experimental study and from the
simulations for the same process parameters (P = 190 W, v = 960 mm/s, and Ah = 40
pum.). The track lengths were 1 mm long, the same as in the simulations which was selected
for simulation efficiency.

In Table 4 melt dimensions that were measured from experimental cross-sections are
compared with the values obtained from the simulations. The difference in the experiments
and simulations (error) was less than 10% in both width and depth directions for three
different laser power values. This clearly shows accurate predictive capacity of the melt-pool
dimensions with the proposed model.
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Figure 8: Melt-pool during deposition (a)top view and (b) cross-sectional view. P = 160 W, v = 1000 mm/s,
Ad = 90 pum, Ah = 40 pm, and uni-directional scan pattern.
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Figure 9: Melt-pool cross sections from (a) experimental study and (b) simulation from a single track
deposition. P = 190 W, v = 960 mm/s, and Ah = 40 pm.
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Figure 10: Effect of laser power, scan speed and layer thickness on the maximum temperature.

541 Figure 10 shows the variation of the maximum temperature with respect to process
si2  parameters. As expected, the maximum temperature was directly proportional to the laser
a3 power and inversely proportional to the scan speed similar to literature findings [61]. Increas-
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Table 4: Comparison between melt-pool dimensions gathered from experiments and simulation results.

laser scan  layer  width  width depth  depth
power speed thick. exp. sim. " exp. sim.
(W] [fom/s] [pm]  [pm]  [pm]  [%]  [pm]  [um] [%]
160 960 40 116 £2 122 452 68£2 74 488
190 960 40 125 +£4 128 +24 88 +£4 81 -7.9
220 960 40 138 +£3 144 443 95+£2 &9 -6.3

err.

ing the layer thickness increases the unit powder volume that absorbs the energy, thereby
slightly decreasing the maximum temperatures, that is in agreement with the previous stud-
ies [62]. In addition, increasing the hatch spacing from 75 pm to 100 gm had a negligible
effect on the maximum temperatures. All four process parameters had different effect on the
maximum temperatures. Laser power and scan speed had the most dominant effect on the
maximum temperature.
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160 190 220 0.6 1 1.2 30 40 50
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Figure 11: Effect of laser power, scan speed and layer thickness on average longitudinal, average transverse
and average Von-Mises stresses after cooling down to ambient temperature.

Figure 11 shows the effect of process parameters on the average longitudinal and trans-
verse normal stresses in the build layer after cooling down. The maximum value of the
longitudinal stress was not affected by any of the process parameters and it was slightly
above the yield strength of the material. Both the average longitudinal and transverse
stresses were directly proportional to the layer thickness. This is attributed to the con-
stant thermal load applied over a larger thickness, and thereby lowering the stresses with
increasing layer thicknesses which has been also concluded in several studies [63, 29]. In
addition, the average transverse stresses was directly proportional to the laser power and an
inverse proportionality with the scan speed that is consistent with previous articles [64, 26].
However, the influence of scan speed on transverse stresses was not significant, which has
been also confirmed by Shiomi et al. [28]. The hatch spacing did not have a considerable
effect on stress. Residual stresses along the longitudinal direction were approximately 150%
greater than the stresses along the transverse direction for all of the parameters which is in
agreement with the similar experimental findings in literature [65, 30].

Figure 12 shows the effect of unidirectional and zigzag scan patterns on the resultant stress
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Figure 12: Thermomechanical simulation results for different scan patterns: a. o, [MPa] for unidirectional,
(a) 04 [MPa] for unidirectional, (b) 0., [MPa] for zigzag, (c) oy, [MPa] for unidirectional, and (d) oy,
[MPa] for zigzag. P = 160 W, v = 1000 mm/s, Ad = 90 pum, Ah = 40 pm.

field using thermomechanical simulations. Both the average and maximum stresses for the
two components were almost the same in terms of magnitude, while the stress solutions are
slightly different. The temperature difference at the starting point of a track was much higher
in comparison to the unidirectional pattern and hence causing higher thermal gradients and
higher stresses. In contrast, each scan track starts near the end of the previously scanned
track, thus causing less temperature differences between the two consecutive tracks for the
zig-zag pattern. However, there is a longer distance travelled between the two starting
points of consecutive tracks that led to a higher temperature gradient. Consequently, the
stress distribution of zigzag showed a relatively higher alternating behavior with as can be
observed in Figure 12(b). This result is in agreement with the findings of Parry et al. [32].

Figure 13 shows all six stress components at the end of the thermomechanical simulation
after cooling down to baseplate temperature. Longitudinal and transverse stress components
were dominant in terms of magnitudes in comparison to the others. The maximum of the
normal stress along the build direction and shear stresses were at least and order of magnitude
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Figure 13: Stress distributions after cooling down of the a single layer. (a) 0., [MPal, (b) o,y [MPa], (c)
0., [MPal, (d) 75y [MPal, () 7y, [MPa], (f) 75, [MPa]. P =160 W, v = 1000 mm/s, Ad = 90 pm, Ah =
40 pm, and unidirectional scan pattern.

lower than the in-plane stresses. The corners at the boundaries of the deposition area act as
stress concentrations, hence local stresses were greater in those regions. The powder region,
on the other hand, had relatively low stresses. Since the powder had a very low elastic
modulus (approximately 0.1 GPa), elements at powder state experiences large deformations
with a relatively lower stresses.

Figure 14 shows distributions of longitudinal and transverse stresses of the thermome-
chanical and ISM solutions. These figures show the stresses after the cool down of build
layer to a steady-state base-plate temperature completely. The process parameters were 160
W, 1000 mm/s, 90um, and 40um for laser power, scan speed, hatch spacing, and layer thick-
ness, respectively. The distributions of both longitudinal and transverse stresses of the ISM
results were consistent with those of the thermomechanical solution. The region that had
the largest longitudinal stresses for the ISM results were slightly greater than that for the
thermomechanical solution. Besides, the maximum magnitude of the transverse stresses was
slightly over-predicted for the ISM method in comparison to that for the thermomechanical
solution. The computational time was reduced by approximately six times in comparison to
the thermomechanical solution.

Table 5 presents a comparison of the simulation results of the ISM and thermomechanical
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Figure 14: Results of stress components for different methods: (a) 0., [MPa] of ISM, (b) o0,, [MPa] of
thermomechanical solution, (c¢) oy, [MPa] of ISM, and (d) oy, [MPa] of thermomechanical solution. P =
160 W, v = 1000 mm/s, Ad = 90 pm, Ah = 40 pm.

solution for different process parameters. The stress values were obtained by taking the aver-
age values over the surface of the deposited region/area. The resulting distributions showed
the negligible effect of the process parameters on the average of longitudinal stress compo-
nent. On the contrary, the ISM successfully predicts longitudinal stress distributions with
a reasonable accuracy. ISM predicted stresses within approximately 15% variation with re-
spect to the thermomechanical results by using only the maximum temperature information.
The only exceptional parameter was the layer thickness, which had the largest mismatch be-
tween longitudinal and transverse stresses of 13.2% and 15.1%, respectively. This is actually
an expected result since ISM does not take into account the layer thickness. The volume of
the domain changes with varying layer thickness. But the thermal loads remain the same
for the same power and scan speed. Stress as being force over a unit area becomes inversely
proportional to the layer thickness which was consistent with the findings in the literature
(63, 29]. The ISM shall further be improved by using a correction factor to account for the
layer thickness.

Figure 15 shows the comparison of the current numerical to simulation and experimental
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Table 5: Comparison between average stresses computed by thermomechanical solution and ISM results.

laser scan hatch  layer Thermo IS - Thermo, IS
power speed spacing thick. mechanical method T nechanical method
W] [mm/s]  [pm]  [m]  ou[MPa] 0. MPa] [%]  0,[MPa] o, MPa] [%

CIT.

160 1000 90 40 1085 1100 +1.4 661 654 -1.1
190 1000 90 40 1082 1100 +1.7 703 704 +0.1
220 1000 90 40 1066 1100 +3.2 736 733 -0.4
160 600 90 40 1082 1100 +1.7 669 717 +7.2
160 1200 90 40 1060 1100 +3.8 658 632 -4.0
160 1000 75 40 1082 1100 +1.7 660 671 +1.7
160 1000 100 40 1080 1100 +1.9 689 635 -7.8
160 1000 90 30 1174 1100 -6.3 763 651 -14.7
160 1000 90 50 972 1100 +13.2 578 665 +15.1
260 1500 90 40 1103 1100 -0.3 788 718 -8.9
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Figure 15: Comparison of residual stress result with various simulation (sim.) and experimental (exp.)
findings from literature for IN718.

findings in the literature for IN718. The average stresses were compared only to be able com-
pare to the simulation findings in the literature. However, the stresses are over predicted by
the simulations in comparison the experiments. The model needs further improvement such
as incorporation of latent heat effect to reduce the maximum temperatures hence stresses.

Simulation findings of Cheng et al. [66] for line scan pattern reveals average longitu-
dinal stress magnitude that was close to the current study. Similary, the numerical study
of Denlinger et al. captured approximately the same trends as in the current study for the
average of the longitudinal stress component [17]. However, in both references the transverse
stresses were over predicted in comparison the current study. On the other hand, Chen et al.
predicted a lower average for the transverse stress component [67]. The experimental works
were obtained using an average over a large build region that was necessary to carry out ex-
perimental stress measurements. For this reason, the experimental stresses were significantly
lower than the theoretically predicted stresses. In references [68] and [69], the direction of
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the measured stress component were not indicated besides, the stresses were obtained by
averaging over the build region for comparison. In the reference [67], although the effect of
overlap was investigated, it is possible to conclude from the unidirectional patterns where the
stresses reach to a steady-state magnitude. Accordingly the experimental stress results for
the long line builds that were obtained by contouring method were provided for comparison
[30]. In general, the averaging of the experimental results revealed lower stress magnitudes
than the numerical predictions although the simulations were consistent with the similar
studies in the literature.

Thermomechanical process simulations have numerical challenges due to the existence
of high temperature gradients leading to large thermal strains and translations between the
very soft powder and the other states. Therefore, the ISM provides an easy alternative to
find the stresses directly from a thermal solution. However, ISM method fails to correlate to
layer thickness. In addition, further studies are necessary to check its effectiveness in multiple
layer simulations, and its predictive capability at part scale through part scale experimental
measurements.

6. Conclusions

In this study, a numerical methodology was developed in a commercial FE environment
with user-subroutines to simulate thermomechanical LPBF process with temperature-and
state-dependent properties. In addition, an inherent strain method was implemented and its
comparison to the thermomechanical model reveals the following important conclusions:

e The thermomechanical model predicts experimental melt-pool dimensions accurately,
by considering the temperature and state-dependent material properties.

e Expression of surface heat losses in terms of a volumetric heat loss terms simplifies the
need for a definition of free surfaces and their update after deposition of each layer.

e The process parameters do not significantly change the residual stresses along the
scanning direction which are close to the yield stress.

e The ISM revealed nearly six times faster solution than that of the thermomechanical
approach within approximately 10% accuracy.

e Thermomechanical model reveals residual stresses that are inversely proportional to
layer thickness. The ISM procedure needs further improvement to consider the effect
of layer thickness.

e In this study latent heat effect is not considered that has led to the over prediction
of temperatures and stresses. It is essential to incorporate latent heat effect for more
accurate temperature and stress predictions.

The proposed ISM method will be further improved to perform multi-layer simulations,
to consider of stress relaxation effects in order to predict distortions and residual stresses at
part scale accurately and precisely.
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Appendix A. Material properties

Table A.1: Constant properties of stainless steel (SS316) baseplate material (SS316) [70].

p Cp ks e! E oy v
kg/m?] [J/K/kg] [W/m/kg] [K™°] [GPa] [MPa]
7700 450 14 1.17 1985 282 0.3

Table A.2: Evaporation heat loss constants in Eq. (7).

AH? M R T, 2

[J/g]  [g/mol] [J/mol/K] [K]  [Pa]
6.4x10° 59.75 8314 3188 101325

Note that the latent heat effect, that causes a jump in the heat capacitance at the solid

to liquid transition state, can be incorporated to the heat capacitance as in the references

[55].
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