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Abstract

In the present thesis the link between aerodynamics and heat transfer in high
pressure turbines is investigated through steady numerical calculations. The investi-
gations include the effect of wall temperature on the Heat Transfer coefficient (HTC),
aiming to understand whether the conventional assumption of HTC being invariant
with the thermal boundary condition does hold in a typical compressible flow, where
the aerodynamic and thermal fields are strongly coupled. A novel non-linear three
point method is proposed to scale wall heat transfer accounting for the dependence
of HTC on wall temperature and local flow history.

The effect of wall boundary condition on external aerodynamics and heat transfer
calls for the need of Conjugate Heat Transfer (CHT) methods as design tools. For this
reason CHT capabilities have been developed and integrated in Rolls-Royce Hydra
CFD solver. The implemented CHT solver is fully-coupled, allowing for simultaneous
solution of the solid and fluid domains. The implemented CHT coupling has been
shown to be numerically stable with a good convergence rate for all cases tested.
The implemented code has been successfully validated against both experimental,
analytical and numerical data.

Conjugate analysis of a double-wall trailing edge cooling design has been per-
formed under matched external Biot conditions. Aim of the investigation has been to
quantify the effect of CHT on the cooling discharge characteristics and external aero-
dynamics in a cooling configuration where coolant and external flow are separated
by a lower thermal resistance than in a traditional internal cooling configuration.
Detailed CHT results for this case are presented and discussed.
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Chapter 1

Introduction

In this first chapter the background for the present research effort will be introduced.
In the first sections a general introduction to the state of the art of gas turbines
development trends, and challenges will be discussed. This will lead to introduce the
importance of convective heat transfer modeling in high pressure turbines and the
motivation for the Conjugate Heat Transfer (CHT) approach.

The motivations of the present work will then be summarized in Sec. 1.2. The
chapter will be concluded with an overview for the present thesis in Sec. 1.3.

The contents of the first sections of this chapter do serve as a brief introduction
to the issues that constitute the motivations of the present work but the discussion
presented in this chapter is far from being fully exhaustive. A detailed review of the
available literature for the topics that constitute the basis of this research work is

presented in Ch. 2.

1.1 Background

1.1.1 Trends and challenges in gas turbine development

Gas turbines are one of the most commonly used systems for power generation both as
propulsors in aircrafts as well as generators of mechanical work in land-based turbines

for electrical power generation. Figure 1.1 shows a cut view of a typical high bypass



Figure 1.1: Cut view of a high bypass ratio turbofan engine from Rolls-Royce (2015).
Republished with permission of John Wiley and Sons.
ratio turbofan engine, commonly used in modern commercial airliners.

The conversion of thermal energy from the burning fuel to mechanical energy of
the rotating shaft is realized in gas turbine engines through a Brayton cycle. The
thermodynamic transformations constituting such cycle are shown in Fig. 1.2 in a T-s
diagram. Air is compressed through a compressor (1-2), fuel combustion increases
the temperature of the working fluid (2-3), the hot gases are then expanded in a
turbine (3-4). The represented cycle considers irreversible transformations in both
compression and expansion and is commonly referred to as real Brayton cycle, as
opposed to the ideal Brayton cycle, considering isentropic expansion and compression.
The efficiency and power output of a real Brayton cycle do depend on the compressor
pressure ratio ps/p; and on the temperature ratio 73/77, together with the turbine
and compressor efficiencies (see Boyce (2012)). Particularly to an increase in T3/T;
(with constant pe/p;) corresponds an increase in both cycle efficiency and specific
work output. Also, while increasing 73/7; the pressure ratio required to maximize
work output or efficiency tends to increase. The development trends of gas turbines
reflect these considerations, with constantly increasing pressure ratios (see Fig. 1.3)
and turbine entry temperatures T3 (see Fig. 1.4. Despite the continuous improvement

in turbine materials technology, the allowable blade metal temperature has increased
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Figure 1.2: Real Brayton cycle represented in a temperature (T) entropy (s) chart. 1-2:
compression, 2-3: combustion, 3-4: expansion.
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Figure 1.3: Development of engine pressure ratio over the years. Republished from Boyce
(2012) with permission of Elsevier.
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by a mere 150 K in the past 50 years, while the turbine entry temperatures increased
by 600 K in the same time (see Fig. 1.5). As a result of this unbalance between
the material limits and the increase of hot gas temperatures current high pressure
turbines run at temperatures far above the melting temperatures of the metal. The
importance of turbine cooling has thus grown over the years and with it the necessity

of correctly estimating the convective heat loads that turbine blades are subject to.
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Figure 1.5: Firing temperature increase with blade material improvement. Republished from
Boyce (2012) with permission of Elsevier.

1.1.2 Convective heat transfer in high pressure turbines

Figure 1.6 shows a typical cooling scheme for an aero-engine nozzle guide vane. The
vane is cooled using air bled from the compressor. The design of internal cooling
passages tries to maximize the amount of heat extracted by the cooling flow using a
combination of cooling techniques (impingement, turbulators, pedestal banks). The
cooling flow is then expelled through film cooling and showerhead holes, shielding
the metal from the higher temperature external gas. Further protection of the metal
from external gas is ensuredy by thermal barrier coating.

The blade metal temperature during service will depend on the energy balance

between the internal cooling and external flow. A correct prediction of the convective
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Figure 1.6: Typical cooling arrangement for a modern aero-engine Nozzle Guide Vane from
Rolls-Royce (2015). Republished with permission of John Wiley and Sons.

phenomena involved is then of paramount importance for the correct design of the
hot engine components. The issue of correctly modeling the convective heat flux in
high pressure turbines becomes particularly important if one considers that 10 K
difference in wall temperature can halve the life of a blade as reported by Han et al.
(2012).

Convective heat transfer is described by Newton’s law of cooling:

0= h(Ty—Tpy) (L1)

where h is the convective Heat Transfer Coefficient (HTC) and 7. is an appropriate
reference temperature. In the same way as Fourier’s law of heat conduction expresses
a linear relation between the heat flux and the driving temperature gradient, Newton’s
law of cooling introduces a linear relation between the driving temperature difference
and the wall heat flux.

If the temperature field in the solid is of interest, one can imagine to predict it by
applying a convective boundary condition (i.e. specifying h and T,.s) on the solid-
fluid boundary and solving for the temperature field in the solid. This would result in

the correct solid temperature if, and only if, the convective heat transfer descriptors



h and T,.; are not influenced by the wall temperature itself.

However, correct modeling of convective heat transfer is complicated by the fact
that, differently from the thermal conductivity in Fourier’s law, that is a physical
property of the material, the convective heat transfer coefficient h is a flow property:
it is closely connected with the aero-thermal field and its value does depend on the
local flow conditions. Furthermore it is not always the case that the relation between
convective heat flux and driving temperature is linear, as pointed out by Eckert &
Drake (1971).

In the presence of compressible flows with high temperature gradients, typical
of turbomachinery flows, the aerodynamic and thermal fields are closely coupled.
Under those conditions the velocity field is influenced by the imposed heat transfer
condition as highlighted also by Eckert & Drake (1971) and Kays & Crawford (1980).
We should then expect the complications arising from modeling convective heat flux
through h, that is flow-dependent, and on which the thermal field itself depends, in
such conditions where it can be expected that a feedback of the thermal field on the
aerodynamics may exist.

One can then expect that the thermal boundary condition would impact the flow
field and, subsequently the convective heat transfer descriptors A and T,.s. In such
a case the correct calculation of the solid temperature should pass by coupling the
solid and fluid domains to account for the mutual interactions between the two: this
approach is known as Conjugate Heat Transfer (CHT) and finds his full justification
from the variability of the convective heat transfer descriptors with the thermal field

itself. This is the fundamental aim of the first part of this thesis.

1.1.3 Conjugate heat transfer

A possible strategy to achieve a coupling between the two domains is to manually

iterate from a CFD solver to a FEM structural solver, exchanging thermal boundary



conditions between the two. When solved in such an loosely coupled fashion, the solid
and fluid regions may need to be solved several times until satisfying convergency is
reached. Using Conjugate Heat Transfer the fluid and solid domains are considered
in a simultaneously coupled fashion, rather than decoupled, enforcing continuity of
heat flux and temperature at the interface between the two boundaries.

Using this approach the temperature distribution in the solid and at the fluid-solid
interface is obtained as part of a single numerical solution. This allows to account
for all the effects of the thermal field on the aerodynamics and on convective heat
transfer, reflecting the physical interaction between the two domains.

The main advantage of using CHT is that it allows to obtain the thermal field in
the solid domain, that is the final aim of the design process, allowing to bypass the
uncertainties deriving from describing the convective heat transfer using HTC and

allowing to eliminate costly manual iterations between a CFD code and a FEM code.

1.2 Aims of the present work

Given the discussed background the present work tries to address, through numerical

studies, the following questions:

e In a typical compressible flow in a HP turbine, characterized by a strong cou-

pling between aero-thermal fields, is the dependence of HTC on T, negligible?
e Does the wall temperature have an impact on the aerodynamics?

e How does the thermal boundary condition and local flow history influence the

HTC on the blade surface?

e How can one account for the dependency of HTC with wall temperature?

These questions are addressed in the first part of this thesis. The results do

highlight the existing link between aerodynamics and heat transfer and underline the



need for CHT as a design tool. The second part of the thesis is focused on:

e Description of the implemented CHT capabilities in Rolls Royce Hydra CFD

solver,
e Validation of the implemented solver,

e Using the developed CHT code to analyze a cooled NGV, with particular at-

tention to the effects of CHT compared to adiabatic conditions.

1.3 Thesis outline

In chapter 2 the relevant literature is discussed. Particular attention is given to
the current understanding regarding the variability of HTC with wall temperature
and the effects of heat transfer on aerodynamics. The state of the art on CHT, its
applications and the numerical implementations are discussed.

Chapter 3 presents the computational domains, numerical methods and sensitivity
studies for the simulations performed in the first part of the thesis.

In chapter 4 the effect of wall temperature on HT'C and aerodynamics on a 2D and
3D NGV configurations are discussed. The effects of wall temperature on secondary
flows, shocks, passage mass flow are analyzed. A further discussion is given concerning
the effect of wall temperature on transition and its implications on the definition and
working of HTC.

Chapter 5 presents an alternative working method to scale the wall heat flux
accounting for the dependency of HTC with wall temperature and local flow history.

The second part of the thesis begins with chapter 6, describing the numerical
schemes implemented in the original Hydra flow solver.

In chapter 7 the implemented solver is described, including the fluid-solid cou-

pling strategy. The stability of the coupling is discussed together with the additional



boundary conditions implemented in the code and an implemented tripped transition
model.

Chapter 8 contains the results of the validation tests performed on the imple-
mented CHT solver, together with the test cases performed to validate the solution
of the solid conduction.

In chapter 9 the application of the developed solver to a cooled NGV is discussed.

The last chapter offers a summary of the work carried out and the corresponding
conclusions.

In the appendix A the implemented CHT grid prepocessor is illustrated.

10



Chapter 2

Literature Review

A review of the available open literature relevant to the topics that will be covered in
the following chapters is presented. This review serves to introduce the motivations
of the present research effort, presented in Sec. 2.4.

A discussion concerning the effects of wall thermal boundary condition on HTC
opens this chapter. In Sec. 2.2 a review of the relevant CHT studies in turbomachinery
are presented followed by a survey of the current numerical options related to CHT
numerical implementation.

A brief introduction to the limitations and active research areas in steady RANS
modelling for turbomachinery will conclude the review.

In favour of clarity and organization of the contents, the part of the review con-
cerning the effects of wall temperature on HTC and the CHT applications to tur-
bomachinery has been split into two different sections. The author would like to
emphasize, however, that the topics covered are deeply interconnected and, as such,

this division is purely conceptual.
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2.1 Effect of wall temperature on the heat transfer
coefficient

A key quantity for the analysis of convective heat transfer is represented by the ratio
between the conductive and the convective thermal resistances. The Nusselt number
Nu quantifies this ratio and is defined as:

_h(x)L L or

From Eqn. (2.1) it is easy to see how Nu is equivalent to the non-dimensional value

of the temperature gradient at the wall (Lakshminarayana (1995)):

_ (o(T/ATy)
N“‘( 009 > (22

Dimensional analysis of the energy equation (see Lakshminarayana (1995), Schlicht-

ing (1978)) brings to the following relation:
Nu = f(Re, Pr,Ec)! (2.3)

It can be shown (Lakshminarayana (1995), Schlichting (1978)) that the Eckert number
Ec=UZ2/(C,AT) can be expressed as:

1
TR -1

Ec= (y— l)MQ% = (y —1)M? (2.4)

Equations (2.3) and (2.4) show how the dependence of the Nusselt number on the
wall TR can be inferred from simple dimensional analysis arguments.

In conditions where the dependence of HT'C on the wall thermal boundary con-

!The dependence on the Grashof number Gr in Eqn. (2.3) has been intentionally dropped as it
is relevant only in natural convection flows.
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dition is relevant, it introduces two inter-related problems for a reliable use of h as a

heat transfer descriptor:

1. the heat transfer does not vary linearly with the driving temperature difference

as expected,

2. using h as a heat transfer descriptor in the design phases can lead to non-optimal

designs as the final heat load is dependent on the final wall temperature.

Different strategies have been developed to account or compensate for this de-
pendence. The relevant literature for each of those will be discussed in the following

sections.

2.1.1 Definition of an heat transfer descriptor invariant of T,

Part of the scientific effort on the dependence of h on the wall thermal boundary con-
dition has been dedicated to the quest for a definition that would make it insensitive
to T, or to a complete bypass of the concept of HTC resorting to a different heat
transfer descriptor?.

Eckert & Drake (1971) proposed to define h based on an enthalpy difference,
rather than a temperature difference showing analytically that it would be invariant
with wall temperature. This argument however holds only under the assumption of
laminar flow on a flat plate with pp = const. and constant C,,, which is verified only
where temperature differences between wall and mainstream are limited.

Moffat (1998) shows how the definition of HTC can be made independent from
the thermal boundary condition using the adiabatic temperature 7;g;4patic as driving
temperature. This, however, holds strictly only if no effect of the wall temperature

on aerodynamics is observed. Furthermore T, 4;qpatic 18 now dependent on the thermal

2Here the author refers to the use of Discrete Green’s Functions (DGS) (see Moffat (1998)).
The concept of DGS is mentioned for completeness but will not be deepened in the context of
this literature review as it is of limited use in the turbomachinery community and shares the same
limitations that will be clarified later regarding the hggiapatic-
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boundary condition and calculation of heat loads under a different wall temperature
is quite cumbersome (see Moffat (1998), Anderson & Moffat (1992), Rhee & Moffat
(2006)). Finally, the procedures established to calculate and use a HTC defined in
such way rely on linear superposition theory, assuming that the energy equation is
linear (Anderson & Moffat (1992), Moffat (1998)). The temperature levels often en-
countered in external turbine flows are such that non-linear effects are not negligible.
As such hggiapatic is mostly used in internal flows.

To the author’s best knowledge, Gomes & Niehuis (2013) is the only relevant
publication relative to the use of hggiaparic in external turbine flows and is only limited
to a 2D case. The authors use the same methodology described in Moffat (1998)
to obtain hggigpatic On a 2D cascade using CFD. From hggigparic they then establish
a procedure to obtain a conventionally defined HTC (Eqn. (1.1)) under arbitrary
thermal boundary conditions. The paper clearly shows the complexity and limitations
of such process and the authors final predictions of h show local differences up to 50%
in HTC values when compared with experimental data. The same authors conclude
that further investigation is needed to understand the sources of those discrepancies.

The previously discussed literature highlights how the definition of a heat trans-
fer descriptor invariant with the wall thermal boundary condition is not universally
established (though in some particular cases it can be found), and the use of hqgiapatic
has been of limited application so far in external turbine flows.

Typically for external high-speed heat transfer either the inlet temperature or
the recovery temperature are used to define HTC: that makes h dependent on the
thermal boundary condition. Typical approaches used to account for this dependency
are the use of emipirical correlations to correct Nu based on the wall to free-stream
temperature ratio or the definition of a suitable reference temperature to evaluate

flow properties. Both approaches are described in the next sections.
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2.1.2 Use of empirical correlations to correct Nusselt number

A commonly used strategy to account for the variability of HTC with wall temperature
is to consider a uniform scaling of the Nusselt number Nu of the form (Kays &
Crawford (1980)):

Nu = Nuyg(TR)" (2.5)

where TR = T, /Ty is the ratio between wall and freestream temperatures and Nug
is the Nusselt number obtained with TR = 1.

Correlations of this form are typically used to scale experimental data available
from low temperature conditions to engine-representative temperature ratios. The
value of the exponent n does depend on the type of correlation used and the particular
range of conditions the correlation has been obtained for.

Humble et al. (1951) proposes n = 0 for TR < 1 and n = —0.55 for TR > 1.

Barnes (1960) presents the results of an experimental survey on the variability of HTC
with wall temperature in internal flows for different gases, concluding that a value
of n = —0.4 correlates best with the experimental data. Similarly Kays & Crawford
(1980) suggest the use of n =0 for TR < 1 and n = —0.4 for TR > 1. Eckert (1955)
uses n = —0.19 for 0.6 < TR < 1.3. Fitt et al. (1986) perform an analytical and
experimental analysis on a compressible flat plate flow, correlating their data using
n = —0.25 for 0.6 < TR < 1.3. All the previously mentioned studies are confined to
flat plate boundary layers or internal flows in pipes.
Hubbartt (1950) surveyed a set of cascade experimental data on a turbine reaction
blade by Andrews & Bradley (1957). The blades were cooled to wall to free-stream
temperature ratios ranging from 0.9 to 0.5. The authors tried to correlate the effect
of TR on Nu and proposed the use of n = —0.33.

The use of correlations in the form of Eqn. (2.5) is the most commonly found in

literature, but is not the only one. A conceptually similar approach is proposed by
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Ziugzda & Zukauskas (1989). The authors, however, do not lump all variations of
thermodynamic properties with wall temperature in a single exponent n but considers

each parameter involved to be scaled to a single power law using:

N Ao
fw )\ K Pw/) \Cp,

A more comprehensive review of available power-law correlations and their range
of validity is presented by Brown & Donoughe (1950), Petukhov (1970) and, more
recently, by Talib (2003). Correction methods in the form of Eqn. (2.5) are still object
of research as the recent publication by Greiner et al. (2014) suggests. The authors
proposed the use of a variable value of n, depending on the TR.

The scattering of the correction exponent n in the above mentioned correlations
is emblematic of the empiricism involved in such correction methods. Moreover the
amount of correction is strongly dependent on flow conditions. Kays & Nicoll (1963)
and Fitt et al. (1986) note, for example, how laminar boundary layers seem to be less

sensitive to TR compared to turbulent ones.

2.1.3 Use of a reference temperature to evaluate flow prop-

erties

Eckert (1955) introduced the possibility of evaluating the flow properties at a reference
temperature Ty (Eqn. (2.7)) to obtain a value of Nu invariant of the wall thermal
boundary condition. This approach has certainly proved to correlate effectively with
a range of analytical or experimental data (Eckert (1955), VanFossen (1982), Kercher
et al. (1982)) but does not seem to hold with a general validity. As an example
Rued & Wittig (1986) concludes that Eckert method cannot account for the observed
dependence of HTC on T, for laminar flow on accelerating flat plate case, concluding

that effect of wall temperature on flow properties is not the only cause of Nu variations
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but effects on the aerodynamics should be accounted for.

Ty = Too + 0.5(Ty — T ) + 0.22(T;, — Th,)

(2.7)
T, =T (1 + \S/PNT—IM;>

To account for the fact that different flow conditions may need a different definition
of reference temperature Barnes (1960) proposed to use a reference temperature 7%
defined as in Eqn. (2.8), where z is a factor to be tuned depending on flow conditions.
This approach is analogous to what seen for the Nu correction correlations and just
shifts the empirical effort from finding the value of the exponent n to finding x given

a particular flow configuration.

T; = Too + 2(T)y — Tso) (2.8)

2.2 Conjugate Heat Transfer

The concept of Conjugate Heat Transfer is due to Perelman (1961), who first defined
it, higlighted its motivations and provided the analytical solution of the conjugate
problem for a set of simple incompressible flow cases.

Luikov et al. (1971) reported an analytical solution method for both steady and
unsteady CHT in internal pipe flows and external flat plate. The proposed solution
method considers both laminar and turbulent conditions as well as compressible flows.
The same author introduces, in a following publication (Luikov (1974)) the concept
of the Brun number?® as a conjugation parameter, concluding that where Br > 0.1
CHT effects should be acounted for. More recently Mosaad (1999) quantified the

errors resulting from ignoring CHT effects on a laminar boundary layer flow. The

3The author defines the Brun number Br o (kyt)/(ksz)Nu, as a conjugation number. It can be
easily seen how Br is proportional to the more commonly used Biot number Bi.
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author concluded that errors in Nu exceeding 5% can be observed for Br > 0.15. It
is expected that this error level would be higher in turbulent flows as Luikov (1974)
points out.

Since its first definition and those first theoretical works, interest in CHT expanded
continuously and its applications spread to different fields. Dorfman & Renner (2009)
provided a thorough review of the available analytical CHT solutions to date and their
relevant application fields.

In the following sections a review of the relevant literature regarding the applica-
tions of CHT to turbomachinery flows is presented. The review given here does not
mean to be a fully exhaustive list of CHT applications in turbomachinery: particular
attention will be given to the papers discussing the effects of CHT on aero/thermal
flow conditions and typically held assumptions. The review will be followed by a

survey of the typical numerical implementation strategies.

2.2.1 Effects of CHT in turbomachinery flows

One of the first conjugate studies related to turbomachinery external flows is the
experimental and numerical campaign performed by Hylton et al. (1983). The authors
analyzed the midspan heat transfer data of the C3X NGV and the Mark II rotor blade
under varying external flow conditions and temperature ratios. The experimental
database provided by the study is commonly used as a validation test for CHT codes.
The results of the experimental campaign seem to suggest an increase of the local
HTC with the decrease of the wall temperature but the observed effect falls in the
experimental uncertainty for most of the blade surface. The reported data suggest
also that a cooler wall seem to cause an earlier suction side transition on the C3X
vane, though the observed effect may be a result of the experimental uncertainty.
Nirmalan & Hylton (1990) extended the work by Hylton et al. (1983), perform-

ing cascade experimental CHT analysis on the C3X vane equipped with film and
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internal cooling. They investigated also the effects of the coolant to mainstream tem-
perature ratio on film cooling HT'C'. The authors identified two aero/thermal key
aspects responsible of the evolution of the film HTC on the blade surface: the T./T,
temperature ratio itself and its effect on the blowing ratio and on film turbulence.
The authors showed that both aspects have opposite effects on local HTC levels and
their relative magnitude depends on external flow conditions but, in a typical case,
the effect of the coolant to mainstream temperature ratio is far from negligible. The
appreciation of such effects is particularly relevant when compared with the common
film cooling experimental practice of density ratio matching through the use of foreign
gases (Jones (1999), Day et al. (2000)).

Na et al. (2007) performed a computational CHT analysis of the effect of TBC
on the thermal gradients in the solid domain for a flat plate with internal cooling
and film ejection. The authors showed that CHT effects should be accounted for
in order to correctly understand the protection offered by the film. They showed
that, without TBC, the metal conduction decreases the effect of hot gas entrainment
after the cooling hole. The inclusion of TBC reduces the metal temperature but
alters its thermal stresses introducing higher temperature gradients. The authors
also observe changes in the 3D film velocity field when altering the thermal boundary
condition. Non negligible changes in the film secondary flows between adiabatic and
CHT solution have been reported also by Bohn et al. (2003).

Williams et al. (2014) performed an experimental evaluation of the overall effec-
tiveness considering both internal impingement cooling and suction side film coverage.
The experimental analysis was carried out on a Biot matching model. The authors
showed that for high blowing ratios, despite the low effectiveness due to film de-
tachment from the wall the overall effectiveness was still high due to the internal
convection. The consequence of the coupling between internal cooling and external

film ejection was that the optimal flow rate resulting in the lowest wall temperatures

19



(both peak and average) and temperature gradients was shown to be much higher
than would be expected considering only the adiabatic effectiveness as a performance
parameter. Also worth mentioning is the observation by the authors that a difference
in overall effectiveness as little as 0.02 equates to a change in engine temperatures
on the order of 30 K: enough to halve part life for temperature driven failure modes
Han et al. (2012). In this view the importance of accounting for CHT effects in a
realistic way becomes crucial.

Harrison & Bogard (2008b) performed a computational analysis of a film cooled
flat plate. Mimicking typical experimental practice, the authors obtained the values
of film HTC imposing a constant heat flux at the fluid-solid interface. Adiabatic wall
temperature distribution was then obtained through an adiabatic simulation. The
authors then used HTC and T,,, to calculate the corresponding wall heat flux. An
uncoupled thermal simulation of the solid domain was also performed to obtain the
temperature distribution. Both the so-obtained heat flux and temperature distribu-
tions were compared to the ones resulting from a fully coupled CHT analysis. The
authors reported discrepancies in overall film effectiveness up to 10%. Furthermore
they have shown that agreement between heat flux predictions from the uncoupled
analysis and the CHT one correlated well with how closely the adiabatic wall tem-
perature approximated the over-riding gas driving temperature for heat transfer into
the wall.

Authors from the same research group (Dobrowolski et al. (2010)) extended the
work carried out by Harrison & Bogard (2008b) to investigate the validity of conven-
tionally defined heat transfer augmentation factors and adiabatic wall temperature
on a film cooled turbine leading edge, finding differences in wall heat flux up to 30%
between CHT and conventional uncoupled calculations. The authors do not report
the corresponding differences in overall effectiveness.

Dyson et al. (2014) present an experimental and computational CHT analysis of
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a film cooled vane. The authors concluded, similarly to previous studies that the
spatial variations of the temperature field in a conjugate case are much lower than
the film effectiveness contours would suggest. Furthermore the thermal interaction
between the film flow and the walls is such that the overlying gas temperature is
always cooler than the adiabatic wall temperature for detached film. This situation
was reversed for attached films under lower blowing ratios due to the increased heat
pickup of the film flow. The issue of the use of T}, as driving temperature has been
examined also by Dees et al. (2011) and later by Stewart & Bogard (2015).

In Dees et al. (2011), the authors seem also to note an earlier reattachment of a
detached film on the adiabatic case with respect to CHT and attribute this to differ-
ences in momentum flux ratio between the two cases. The authors do not investigate
the issue further.

Nathan et al. (2014) analyzed the results of an experimental campaign on an
NGV leading edge with internal impingement cooling and showerhead. Their results
highlight that, in the showerhead region, the adiabatic effectiveness seems to be a
reliable indicator of the presence of hot spots in the conjugate model. Earlier results
by Heidmann et al. (2000), however, suggest that this observation depends on the
particular local aero/thermal conditions. In Heidmann et al. (2000) a computational
analysis of a fully cooled NGV with showherhead and film ejection on pressure side and
suction side is carried out. The analysis of the showerhead region heat transfer data
reveals that there are regions where, despite the high values of adiabatic effectiveness,
the turbulent interaction between film jets is such that the increase in local HTC
reveals high levels of wall heat flux.

Attention to CHT is not limited to turbine external flows. Conjugate analysis of
internal cooling configuration is also an active research field.

Fedrizzi & Arts (2004) and Agostini & Arts (2005) performed experiments on an

internal channel with inclined and straight ribs respectively. Both analyses revealed
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considerable differences in the inter-rib Nu distributions with Agostini & Arts (2005)
reporting a 35% increase in the mean enhancement factor between a pure convective
and a conjugate experiment.

Coletti et al. (2010) performed experimental analysis on a ribbed trailing edge
cooling slot. The author reported differences in average Nu up to 25% between the
uncoupled and CHT case, resulting in a mismatch of predicted wall temperature up
to 30 K. Similar conclusions have been drawn by Cukurel et al. (2012) and Cukurel
& Arts (2013). The authors in Cukurel & Arts (2013) document also an earlier
reattachment (half of the rib height) of the coolant flow past the rib in the purely
convective case with respect to CHT conditions. A key conclusion from those studies
is that the general redistribution of the heat in the rib surface is influencing the local
conditions in a way that is inherently dependent on flow history and, as such, hardly
possible to account for without recurring to CHT analysis.

The bottom line aim of a turbine thermal analysis would be to evaluate a design
and predict its life expectancy given the external heat load and cooling design. A few
authors discussed the implications of the dependence of Nu on the thermal boundary
condition with respect to life prediction.

Ramachandran & Shih (2015) discussed the importance of the Biot number (Bi)
analogy in design of experiments showing that Bi is a dominant factor when mean-
ingful wall temperature distributions are of interest. The importance of matching B
becomes fundamental when thermal stresses in the solid and life expectancy predic-
tions are of interest. Recently CHT has been used to perform thermal stress analysis
and life expectancy predictions of turbine blades by Mazur et al. (2006), Amaral
et al. (2010), Verstraete et al. (2010) and Dawes et al. (2010). The benefit of the
use of more conductive materials to decrease thermal stresses in the metal has been
discussed by Montomoli et al. (2012).

Starke et al. (2008), and more recently Caloni & Shahpar (2015) analyzed the
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errors in the wall temperature prediction on a turbine blade, comparing a CHT anal-
ysis and a more classical uncoupled analysis. In the uncoupled analysis, the HTC
and driving temperature data from aerodynamic computations are used to predict
the temperature distribution in the metal through FEM analysis. In both cases the
authors showed that the differences in temperature predictions are far from negli-
gible. Interestingly Caloni & Shahpar (2015) adopted the novel non-linear method
that that was proposed and developed in this thesis work (see Ch. 5), showing that
its application dramatically improves the temperature prediction in the solid in an

uncoupled approach.

2.2.2 Implementation strategies

Numerical implementation strategies are normally classified into two categories, de-
pending on whether the simulation is carried out using a single solver or two: one
for the fluid and the other for the solid domains. In the following discussion the
methods belonging to the first category will be referred to as fully coupled while the
term loosely coupled will be used for the second.

In loosely coupled methods two different solvers are used in the solid and fluid
domains and a continuous exchange of boundary conditions at the solid-fluid interface
is performed throughout the simulation until convergence. Conversely fully coupled
methods use a single solver, removing the need for a constant exchange of interface
boundary conditions.

Heselhaus (1998) discusses the advantages/disadvantages of both approaches. Loosely
coupled methods allow for a greater flexibility and can exploit the strengths of two
different solvers in the two different domains. As an example Heidmann et al. (2003)
performed a CHT analysis of a film cooled turbine vane using a BEM solver to cal-
culate the thermal field in the solid domain. This allowed to obtain a CHT solution

without meshing the interior of the solid domain as BEM methods only require the

23



boundaries to be meshed. More commonly a coupling between a FV fluid solver and a
FEM solver in the solid is realized (see Amaral et al. (2010), Illingworth et al. (2005)
and Wlassow et al. (2010)).

The interfacing of two solvers requires, however, costly iterations. The different
mesh requirements in the solid and fluid domains require to interpolate the nodal
values from one domain to another (Verstraete (2008)) introducing an approximation
that does not guarantee energy conservation at the interface. Finally, the presence
of aero/thermal features showing high sensitivity to wall temperature variations (e.g.
transition), can have a negative impact on the convergence history of loosely coupled
methods.

Several strategies are commonly used in loosely coupled methods, depending on
the type of boundary condition (temperature, heat flux, HTC and driving tempera-
ture) exchanged from one domain to the other and viceversa. Verstraete & Van den
Braembussche (2009) describe the stability criteria for loosely coupled methods based
on the type of boundary conditions passed at the interface, showing that none of the
methods is unconditionally stable. Stability for loosely coupled methods depends
on the Biot number of the conjugate case analyzed and the number of iterations
performed in the fluid domain per each coupling step.

In fully coupled methods a single solver is used to solve both fluid and solid
domains. Despite requiring modifications to the original fluid solver, this approach
allows for an implicit conservation of energy at the fluid-solid interface. Furthermore
it can be shown (Giles (1997)) that fully coupled methods are unconditionally stable.
Examples of fully coupled CHT implementations can be found in Rigby & Lepicovsky
(2001) and Montomoli et al. (2004).

A fundamental problem of CHT modeling is related to the time scales mismatch
between the solid and fluid domains. He & Oldfield (2011) show that the thermal

response in the solid domain can be estimated being four orders of magniture slower
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than the one in the fluid side for a typical turbomachinery application. This brings
to a considerable problem when unsteady CHT simulations are of interest as a time-
marching based on the solid time scale would be unpractical in most situations.

Conventional approach used to model unsteady CHT is to use a loosely coupled
method assuming a steady state for the fluid domain (Illingworth et al. (2005), Sun
et al. (2008)).

He & Oldfield (2011) proposed an unsteady CHT methodology in which the fluid
domain is solved in the time domain, while the solid is in the frequency domain,

allowing to solve the unsteady problem keeping the time consistency.

2.3 Issues with CFD modeling of heat flux

Steady RANS is nowadays a commonly used tool in turbomachinery design. Despite
the considerable improvements, the accuracy of heat transfer predictions obtainable
by computational analysis is still lagging with respect to the accuracy obtainable
when aerodynamic data are of interest (Dunn (2001), Tallman et al. (2009)).

A key aspect related to a reliable heat flux modelling is the choice of the wall
refinement. Heat transfer problems require a considerably finer grid at the wall due
to the need to fully resolve the thermal boundary layer and the wall temperature
gradient (Dunn (2001)). The numerical study by Huang et al. (1997) on flat plate
boundary layer predictions showed that different turbulence models seem to have
different sensitivities with respect to the loss in accuracy deriving from the use of wall
functions, with the Spalart-Allmaras turbulence model being the most tolerant among
the investigated ones. Chi & Shih (2012) showed that non-negligible differences in
wall Nu can arise if wall-functions are used even for a simple case of laminar flow in a
pipe. In Tolpadi et al. (2005) the authors present CFD results on a NGV, showing that

the use of wall functions for heat transfer calculations can considerably alter the HT'C
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distribution (differences up to 50% with respect to experimental data were observed).
Despite there seems to be a high consensus regarding the use of a low-Reynolds
approach when heat transfer problems are of interest, recent research by Mazzoni
et al. (2015) suggests however that reasonably good predictions in turbomachinery
flows can be obtained also with the use of wall functions.

Recent reviews by Denton (2010) and Horlock & Denton (2005) discussed the limi-
tations and strengths of CFD. Both authors highlighted how turbulence and transition
models are key factors contributing to the uncertainties of CFD results. This is true
for both aerodynamic as well as heat transfer predictions.

The main limitations of current state of the art of turbulence and transition mod-
elling capabilities will be discussed in the following sections. The discussion will be

restricted to the turbulence models based on the Boussinnesq hypothesis.

2.3.1 Turbulence modeling

Typical turbulence models used in turbomachinery applications are: Spalart-Allmaras
(Spalart & Allmaras (1992)), k — € in its various forms (standard Launder & Spalding
(1974), RNG Yakhot & Orszag (1986) and realizable Shih et al. (1994)) and k — w
(standard Wilcox et al. (1998) and SST Menter (1994)).

One of the main issues related to the use of two-equations turbulence models is
the excessive production of turbulent kinetic energy k in presence of large strain rates.
This is usually referred to as the leading edge anomaly. The overproduction of turbu-
lent kinetic energy does not only impact the solution in regions of high strain rate: the
effects of the leading edge anomaly can be seen in other parts of the computational
domain due to the transport of k. Medic & Durbin (2002) showed, how commonly
used two-equations turbulence models can result in markedly wrong heat transfer
predictions on the whole blade surface due to an excessive production of turbulent

kinetic energy at the leading edge. The author shows that the use of appropriate
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limiters can damp the unrealistic production of k.

A second, typically known, limitation related to the use of classical turbulence
models based on Bussinnesq hypothesis is the poor accuracy shown by these models
in predicting the lateral spreading of jets in crossflow (see Walters & Leylek (1997)
and more recently Harrison & Bogard (2008a) and Dyson et al. (2014)). This is
particularly relevant where film cooling coverage predictions are of interest. Walters
& Leylek (1997) attributed the lack of diffusion of the film flow to the inherent
assumption of isotropy of turbulence in classical turbulence models. Mangani &
Andreini (2008) showed that modification of the turbulence model to include a non-
isotropic value for j,, as proposed by Bergeles et al. (1978), can dramatically improve
the predictions of film diffusion.

Another key aspect relative to the jet diffusion is the turbulent Prandtl number as
its value directly affects the local values of thermal turbulent diffusivity. Traditional
turbulence modelling approach considers Pr; to be constant, but this assumption
has been shown to be inadequate both in simple boundary layer flows (Kays (1994))
and in film cooling flows (Kohli & Bogard (2005)). The use of turbulence models
that could include a spatial variation of Pr; has shown to improve the predictive

performances of the lateral spreading of jets (see Liu et al. (2008)).

2.3.2 Transition modeling

Bypass transition is the most common mechanism of transition in turbomachinery
(Mayle (1991)). Bypass transition owes its name to the fact that it is typically
present in flow conditions where external disturbances to the boundary layer (e.g.
turbulence levels) are so high that transition is promoted bypassing the classical
instability mechanisms present in natural transition.

The mechanism of bypass transition has been very clearly described by Walters

& Cokljat (2008). When freestream turbulence intensities are low, typically less than
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1%, the development of velocity fluctuations that are precursor of transition is domi-
nated by self-sustained instability mechanisms: the Tollmien-Schlichting instabilities
(Schlichting (1978)). In presence of considerable external turbulence, however, the
mean velocity in the boundary layer becomes increasingly distorted, with a higher
momentum in the inner region and a decrease of momentum in the outer Matsubara
& Alfredsson (2001). To the change in velocity in the boundary layer in the pre-
transitional region corresponds the appearance of streamwise fluctuations, due to the
presence of low frequency streamwise vortices in the boundary layer. These bring ul-
timately to transition and are initiated by the work of external pressure disturbances
in the boundary layer flow (Mayle & Schulz (1996)).

Accurate prediction of transition (both in terms of transition onset point and end)
is fundamental both for aerodynamic performance (this is particularly true for low
pressure turbine stages) and heat transfer predictions (this is fundamental for high
pressure turbine blades). It is in fact well known that the wall Nu is a strong function
of the boundary layer status (Kays & Crawford (1980)).

Despite the progressive improvements in transition modelling, still one of the
most commonly used approaches in industrial and research practice (Denton (2010),
He & Oldfield (2011)) is to fix the transition point a priori and artificially tripping the
boundary layer transition in that point. This approach has the advantage of simplicity
and does not need additional transport equations to be solved on top of the turbulence
model used. The drawback of such approach is that it models transition through a
non-physical sharp jump from a laminar to a turbulent state and that the transition
point is not determined as part of the solution but imposed at the beginning in a way
that relies completely on the user.

More sophisticated models are commonly used to model transition, the most pop-
ular of them are the k — k; — w (Walters & Cokljat (2008)) and the v — Rey, also

called transitional SST model (Menter et al. (2006)).
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The k — k; — w transition model is based on the observation that bypass transition
is promoted by streamwise flow oscillations having a different behaviour than turbu-
lent fluctuations. Mayle & Schulz (1996) first proposed to model these fluctuations
through the definition of a laminar kinetic energy k;. In the k — k; — w model a
transport equation for k; is solved together with equations for k£ and w. Conceptu-
ally the model marks the onset of transition when the ratio between the turbulent
production time-scale and the molecular diffusion time-scale exceeds a defined value.
Transition is modelled through a transfer of laminar kinetic energy to turbulent ki-
netic energy. The advantage of this method is that the turbulence closure is based
purely on physical considerations and does not need much empirical input.

The v — Rey model is, differently from the k — k; — w, a correlation based model.
The model is based on the SST formulation of k —w turbulence model, but solves two
extra equations: one for the intermittency () and the second for the Reynolds number
based on the transition onset momentum thickness (Rey). The intermittency is used
to trigger the production of turbulent kinetic energy in the boundary layer, while
Rey is needed to mark the start of the transition. The model uses a correlation that
provides the value of the transition Rey, outside of the boundary layer, as function of
the external flow conditions (T'u, pressure gradients). This value is then diffused in
the boundary layer using a transport equation for Rey,. In the intermittency equation,
the ratio between local values of momentum thickness Repand the transition Rey, is

used to mark the inception of transition.

2.4 Issues of interest to the present work

The discussion regarding the current understanding on the effects of wall temperature
on HTC has showed that considerable scientific effort has been lavished in the effort

of accounting for such dependence. It is however true that, despite the convenience
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of adopting simple corrections of the kind of the ones shown in Sec. 2.1, no simple
correction scheme can be adequate in case of high wall/flow temperature differences
and a numerical solution should be sought (Kays & Crawford (1980)).

The core of engineering knowledge on the topic has been built on flat plate or pipe
flows, and a lack of appreciation of the magnitude of this effect on NGV flows seems to
exist. The available experimental data on the topic are very limited. Those available
are restricted to 2D midspan results and of limited accuracy to draw any significant
conclusions Dunn et al. (1984) performed an experimental analysis on the effect of
T, on HTC for a turbine blade. Their results suggest an effect of TR on Nu but, due
to experimental configuration, they have different external Re for the three different
TR and one of the three analysed cases has different freestream turbulence intensity
levels than the other two. The experimental survey by Andrews & Bradley (1957)
only contains midspan average Nu from cascade tests but no detailed local data are
available. Finally also Hylton et al. (1983) discussed the issue of HTC dependence
on T'R using the C3X vane and report a general trend of increase of HT'C levels with
the reduction of the temperature ratio. However the experimental uncertainties were
so high, over 20% at the trailing edge, that the reported effect of T, was within the
experimental uncertainty for most of the blade.

This brings to a few interrelated questions that are going to be addressed in the

first part of this thesis:
1. What is the effect of wall temperature on HTC for a typical NGV flow?
2. Is there an observable feedback of the thermal field in the aerodynamics?

3. Are there regions, both in 2D and 3D flow conditions, where the effect of wall

temperature is higher?

4. Can a traditional power-law scaling of Nu account for this dependence?
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5. If not, is it possible to develop a new heat transfer scaling method that could

account for it?

Given the answers to these questions, and the impact that CHT effects have in
turbomachinery flows, as discussed in Sec. 2.2, it becomes fundamental to include
Conjugate Heat Transfer in the design process. For this reason in the remaining part

of this thesis the following arguments will be discussed:

1. Implementation of CHT capabilities in Rolls Royce CFD solver Hydra,

2. Validation of the implemented solver,

3. Conjugate investigation of a double-wall trailing edge cooling system.
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Part 11

Investigation of the interaction
between heat transfer and

aerodynamics
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Chapter 3

Methods and validations

Investigation of the connection between aerodynamics and heat transfer in high pres-
sure turbines has been carried out using ANSY'S Fluent second order coupled pressure-
based solver (Chorin (1968)).The MT1 nozzle guide vane (Chana et al. (2001)) ge-
ometry has been taken as test case.

The opening section of the chapter introduces the issue of heat flux non linearity
with T, and its implication on HTC definition. The baseline methodology for HT'C
calculation is presented and the relative numerical sensitivities are discussed.

The rest of the chapter is dedicated to illustrate the numerical modeling and the
necessary validation and numerical consistency checks performed.

During the course of this thesis work, numerical simulations have been carried out
first on a 2D geometry, to be later extended to the full 3D MT1 NGV. Though very
simple in content and conclusions, both 2D and 3D validation and mesh dependency
will be discussed hereafter for the sake of completeness. This is necessary as results

from both 2D and 3D simulations will be discussed in the following chapters.
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3.1 Baseline two-point HTC calculation procedure

Scaling of the wall convective heat flux to obtain HTC can be achieved through
different ways. The absence of a unique definition for the heat transfer coefficient is
itself source of uncertainties in turbine heat transfer predictions. Typically the use of
a reference temperature allows to scale wall heat flux using:

q

HTC = —————
(Trey = Tw)

(3.1)

Using Eqn. (3.1) it is possible to calculate HTC using a single CFD solution for a
specified wall temperature. The reference temperature 7,.¢ is often taken as T;,.

Despite its wide use, this definition for HTC can result in inconsistent results,
particularly non-physical values for HTC. For instance, we might need to work out
HTC at a near adiabatic condition. This need can be due to experimental constraints
or can also be caused by large local variations in fluid driving temperatures either at
a high speed flow with an appreciable recovery effect, or due to a non-uniform inlet
temperature traverse. Equation (3.1) may then return a zero (or even negative) HTC,
as the temperature difference in the denominator does not reflect the true local driving
temperature difference. Given that HTC is the reciprocal of the equivalent thermal
resistance, a zero or negative HT'C would be physically meaningless. This scenario
would also violate the basic physical consideration that heat transfer is driven by a
temperature difference, thus a zero heat flux can only result from a zero temperature
difference and HTC cannot be zero. Even from a practical perspective, a zero HTC
would make the scaling in Eqn. (3.1) non-workable.

It is also frequent to use the adiabatic wall temperature T, to calculate the local
heat transfer coefficient. The use of T,, as driving temperature is certainly more
'sound’ than using a constant T.; as described above. The temperature difference

driving the heat transfer is calculated based on the adiabatic conditions, where one
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would expect the heat flux to be zero.

The described approaches both suffer, from the preconception that heat transfer
descriptors should be invariant with the wall temperature. That is, more generally,
the main inconsistency behind Eqn. (3.1): the implicit assumption that both HTC
and T,.s are aerodynamically-determined and, as such, are not dependent on heat
transfer phenomena. This becomes questionable in compressible flows (including low
speed flows in presence of considerable temperature gradients).

Since the issue of the dependence of HT'C with the wall temperature is the main
purpose of this investigation the HT'C definition as given in Eqn. (3.1) is not pursued
here. A two-temperature method as a finite difference approximation of the local
tangent of a ¢ — T, curve has been used instead.

The approach is better explained with the help of Fig. 3.1. Consider a heat
transfer problem, in which we need to work out HTC for a range of wall temper-
atures between T,, and T,,. Assuming that heat transfer descriptors are uniquely
aerodynamically-determined, there should then be, for a given blade configuration
and flow conditions, two unknowns (h, T;.f) in Eqn. (3.1) both invariant with ther-
mal boundary conditions. It then follows that these two unknowns are independent
of the wall temperature. This scenario corresponds to the widely held conventional
wisdom that the heat flux varies linearly with the wall temperature (Fig. 3.1(a)). As
such, the slope (h) can be easily worked by taking a two-point method. Two CFD
calculations at two specified wall temperatures are carried out. Defining T',, and T,,_
as the two wall temperatures chosen and ¢, and ¢_ the corresponding heat transfer

distributions over the blade surface h is then obtained by means of Eqn. (3.2).

i A

T, —T, AT (3.2)

+

When ¢ is a linear function of T,,, as commonly assumed, (Fig. 3.1(a)) the slope of the
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(a) Linear ¢ = f(Ty,): slope (h) is inde- (b) Non-linear ¢ = f(T,): slope (h) is
pendent on T),, and AT dependent on T),, and on AT

Figure 3.1: Schematics of the differences between linear and non-linear ¢ = f(T,,) relation
when the h value is of interest.
curve (i.e. the HTC) is the same for any 7),. In this condition the calculated h does
not depend on either T, or AT. Also the local driving temperature, independent of T,
as well, would be the conventionally used T,,. In this respect it is worth highlighting
how the two-point method of Eqn. (3.2) should be seen as a generalization of the
classical heat flux scaling of Eqn. (3.1), rather than an alternative definition.

In the case of a non-linear heat flux relation, the working mode for HT'C calculation
needs to be local to T,,. Noting that Eqn. (3.2) can be interpreted as a finite difference
approximation of the differential ddT;quﬂ the local HT'C for a given wall temperature 7,
can be worked out by a local finite difference approximation of the local tangent to the
heat flux curve at T,,. The key point here is that, for this non-linear case, the validity
range of the two points method shrinks at the limit to a point: only an infinitesimal

AT is correctly representing the local slope of the curve, which is now depending on

Ty.
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3.2 Numerical method

3.2.1 Solution method

Fluent uses a Finite Volume, cell-centered discretization. The solver used for Fluent
calculations has been the steady pressure-based coupled solver. In pressure based
solvers a pressure equation is derived from the continuity and momentum equations,
allowing to obtain a velocity field that is satisfying the conservation of mass. In the
coupled solver the equations are solved simultaneously.

Second order upwind spatial discretization has been used, where values of flow
variables at cell faces are reconstructed through a Taylor series expansion of the cell-
centered solution. Gradients have been calculated using the Least Squares Cell-Based
method.

The discretized equations result in a linear system of equations. This system is
solved using a Gauss-Seidel method. Acceleration of the solver is achieved through
the use of an Algebraic Multi Grid (AMG) method. Stabilization of the solver is
obtained through variable relaxation.

For more information on the details of the numerical implementation of the used

schemes the reader is referred to Ansys (2011).

3.2.2 Fluid model

For all the calculations performed with Fluent, air has been used, considered as a
perfect gas (R = 287.2 [J/(kg K)]). Viscosity has been modeled with Sutherlands’
law and the variation of thermal conductivity with temperature has been accounted
for by using a piecewise linear relation. The isobaric specific heat was taken constant
(C, = 1005.2 [J/(kg K)]). The specified fluid properties resulted in a Prandtl num-
ber, based on inlet conditions, Pr ~ 0.7 for the flat plate cases and Pr ~ 0.9 for the

MT1 cases. A value of the turbulent Prandtl number Pr;, = 0.85 has been assumed
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Figure 3.2: Domain used for flat plate calculation with type of boundaries used.

Poin @ Re =5 x 104 101326.5 [Pa]
Poin @ Re =1 x 10° 101906.2  [Pa]
PsOut 101325.0 [Pa]
Toin 300 [K]
T 310  [K]
Turbulence intensity 1% -]
Turbulence length scale 1x107*  [m]

Table 3.1: Summary of the CFD boundary conditions used for flat plate validation.

for all simulations, except where explicitly indicated otherwise.

3.2.3 Computational domains and boundary conditions

3.2.3.1 Flat plate studies

The flat plate calculations have been performed on the computational domain of
Fig. 3.2. Both top and right boundaries of the domain were specified as pressure
outlets. This allowed to reduce the disturbances to the boundary layer evolution due
to the truncation of the domain.

The boundary conditions used are summarized in Tab. 3.1.

3.2.3.2 MT1 studies

Both 2D and 3D computational domains used for the MT1 calculations are showed
in Fig. 3.3. The 3D computations use the same kind of boundaries as the 2D domain,
with the addition of the hub and shroud endwalls, both treated as viscous walls.

Boundary conditions used, matching experimental conditions, are summarized in
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Figure 3.3: Domains used for MT1 calculations with type of boundaries used.

Doin 460000.0 [Pa]
Misout 098 [
Ty 4440 [K]
T, 288.0  [K]
Turbulence intensity 5% at leading edge ]
Turbulence length scale 5.0x 1072 [m]

Table 3.2: Summary of the CFD boundary conditions used for 2D MT1 validation.

Tab. 3.2 for the 2D calculations and in Tab. 3.3 for 3D calculations. The blade wall
and endwalls (for the 3D case) have been modeled as isothermal at ambient temper-
ature being the test rig a short duration facility. For three-dimensional calculations a
radial distribution of static pressure at the NGV outlet has been prescribed, based on

spanwise-averaged mixing-plane calculations on the same geometry by Rahim et al.

(2013).

3.3 Flat plate heat transfer validation

Heat transfer validations checks have been performed first on simple incompressible

boundary layer flow, taken as a reference case because of the wide amount of well
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Poin 460000.0 [Pa

]
Mot 1.05 hub — 0.91tip [
Ty 440 [K]
T, 288.0 K]
Turbulence intensity 6% at leading edge ]
Turbulence length scale 5.0 x 1073 [m]

Table 3.3: Summary of the CFD boundary conditions used for validation tests.

established correlations and analytical solutions to compare with. Both laminar and
turbulent regimes have been considered.

Reynolds numbers analyzed are 5 x 103, 5 x 10%, 1 x 10° for the laminar cases and
5x 10° and 1 x 10° for the turbulent ones. The difference between the temperature of
the external flow and the plate temperature was of 10 K for all the cases. Maximum
free-stream Mach number was about 0.1 for the highest Reynolds number case. The
domain (Fig.3.2) has been discretized with around 1 x 10° nodes. Wall y™ was less
than unity for the whole length of the plate and for all the Reynolds numbers covered.
Both Spalart-Allmaras (Spalart & Allmaras (1992)) and £ —w SST (Menter (1994))
turbulence models have been compared. Laminar CFD results have been compared

with the analytical solution obtained by Kays & Crawford (1980) of Eqn. (3.3).
Nu, = 0.332Pr'Re,'? (3.3)

The turbulent CFD predictions have been compared with the correlation by Reynolds
et al. (1958), shown in Eqn. (3.4)

Tw —0.4
Nu, = 0.0296 Pr’°® Re2® <T—) (3.4)
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Figure 3.4: Calculations on laminar and turbulent boundary layer for constant 7T, boundary
condition: Nu comparison between Fluent and the reference correlation.

Nusselt number for flat plate calculations has been calculated as from Eqn. (3.5)

qx

Nu, = — 17
Y = T — Tk

(3.5)

consistent with the way it is defined in the correlations used as a benchmark.

For the sake of brevity only the results for Reynolds numbers 5 x 10? (laminar)
1 x 10° (turbulent) are shown in Fig. 3.4. The other analyzed cases show similar
accuracy. Good agreement for all cases, either laminar or turbulent, has been found.
No marked differences between the two turbulence models has been observed. A
mesh dependency study has been also performed on the flat plate validations by
changing the number of nodes in the direction normal to the plate in the boundary
layer blocks (extending for 1/10 of the total height H of the domain). The mesh used
in the preceding calculations had 50 nodes; it has been compared with a refined mesh
having 70 nodes but the same wall . The study, the results of which are not shown

here for brevity, confirmed the mesh independence of the results of Fig. 3.4.
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3.4 MT1 Validation

In this section the results of solver validation against MT1 NGV experimental data
obtained by Qineti() Chana et al. (2001) will be illustrated. As mentioned at the
beginning of the chapter, both 2D (at midspan) and 3D computations have been
carried out on the MT1 nozzle guide vane. For this reason the validation tests on
both 2D and 3D domains will be illustrated in the following paragraphs.

Either the 2D and the 3D domains (Fig. 3.3) have been discretized using only
quadrilateral /hexahedral elements. Boundary layer resolution has been achieved us-
ing a O-grid next to the blade wall. A low Reynolds approach has been used for the
laminar sublayer resolution: no wall functions have been used throughout the work.

The transitional behavior of the boundary layer on the blade suction side, showing
frontal laminar region followed by a transition to turbulent boundary layer, has been
captured by turning off the turbulence production terms in a defined near-wall region.
Such region is highlighted in red in Fig. 3.5 and Fig. 3.8(a). This is equivalent to a
forced trip transition at the end of this region. The transition point and the extension
of the laminar region have been adjusted to match the experimental results. This
approach to model transition is still widely used as noted by Denton (2010), and
allowed not to consider, at first, the influence of wall temperature on transition point.
This issue, and its implications, are analyzed separately and will be discussed in Ch. 4.

Turbulence modeling on the both geometries has been accomplished by using both
Spalart-Allmaras (Spalart & Allmaras (1992)) and k£ — w SST (Menter (1994)). In
this section only the results obtained using Spalart-Allmaras turbulence model will
be discussed. The results of the turbulence model sensitivity study will be presented
in Sec. 3.5.3.

Aerodynamic validation has been performed by comparing the predicted M;, with
midspan data available from experiments. For the thermal validation experimental

data of non-dimensional wall heat flux ¢/g,.; at midspan have been used. The defini-
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Figure 3.5: Grid used for the 2D calculations. Highlighted in red is the forced laminar flow
region.
tion of the non-dimensional wall heat flux is given in Eqn. (3.6) where C' is the blade

chord and k is the thermal conductivity of air evaluated at the inlet temperature.

(3.6)

3.4.1 2D MT1 validation

The profile used for the 2D validation is the midspan section of the MT1 NGV. The
mesh used had around 5 x 10% nodes. Wall distance of the first row of nodes has been
chosen so to have y™ < 1 on the whole blade surface. A detail of the grid used can is
shown in Fig. 3.5.

Comparison of the isentropic Mach number M;, between CFD and experiments
is shown in Fig. 3.6. The rear part of the profile shows bigger discrepancies with ex-
periments compared to the front part. This is however not due to modeling problems
but rather to the fact that the full 3D geometry has a converging meridional channel

(shown in Fig.3.3(b)) that a 2D domain cannot account for. In fact the results of the
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Figure 3.6: Aerodynamic validation for the 3D MT1 domain

aerodynamic validation on the midspan section of the full 3D geometry (Fig. 3.9) do
show a much better accuracy on the rear part of the profile using the same solver and
boundary conditions.

Figure 3.7 shows the results of the thermal validation. As was the case for the
aerodynamic validation some discrepancies can be observed between experimental
data to CFD results. Those differences are comparable to the ones found in other
CFD studies on the same geometry (Khanal et al. (2013), Lad et al. (2012)), and are
reasonably good in the context of the case considered.

The discrepancies observed may be caused by experimental uncertainties and un-
certainties in the experimental boundary conditions. Particularly no mention is given
in Chana et al. (2001) about the former. It also worth pointing out that the exper-

imental data are obtained in a from a 3D, transient, 1.5 stage experimental facility.
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Figure 3.7: Heat transfer validation for the 2D MT1 domain

3.4.2 3D MT1 validation

Three-dimensional calculations have been performed on the domain shown in Fig. 3.3(b).
The final mesh used counts approximately 4 million nodes. A global view of the mesh
and a close up of the trailing edge at the hub are shown in Fig. 3.8 . In Fig. 3.8(a)
is highlighted in red the laminar region used for tripping boundary layer transition.
Results of the aerodynamic validation, comparing M;, experimental data CFD pre-
dictions, are shown in Fig. 3.9 . Excellent agreement with experimental data can be
observed.
The heat transfer validation results are shown in Fig. 3.10 and show to be comparable
to the validation results of the 2D configuration previously discussed. As such the

same conclusions drawn in Sec. 3.4.1 hold.

3.5 Further numerical sensitivity studies

In this section the results of the necessary numerical consisitency checks will be dis-

cussed. The results of the grid dependency studies for the 2D and the 3D MT1 will
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Figure 3.9: Aerodynamic validation for the 3D MT1 domain.
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Figure 3.10: Heat transfer validation for the 3D MT1 domain

be presented as well as the turbulence model sensitivities.
Finally the numerical sensitivities of the two-point method for HTC calculation

introduced in Sec. 3.1 will be discussed.

3.5.1 2D MT1 mesh dependency

The mesh density in the blade passage has been considered adequate for the consid-
ered case. The mesh dependency study on the 2D MT1 has been accomplished thus
by altering the number of nodes in the boundary layer O-mesh surrounding the blade
profile. The final mesh used, shown in Fig. 3.5 had 30 nodes across the boundary layer
mesh. Three different grids with 20, 30 and 40 nodes respectively have been com-
pared. In the mesh dependency study, wall HTC (calculated according to Eqn. (3.2))
distributions obtained using the three different grids have been compared. Results of
the mesh dependency study are summarized in Fig. 3.11.

The mesh with 20 nodes in the O-mesh blocks has noticeably different predictions
in some zones on the pressure side. Negligible differences between the 30 and 40
nodes grids has been found, indicating grid independent results for the mesh with 30

boundary layer nodes that has been actually used in further analyses.
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Figure 3.11: Mesh dependency study for the 2D case: HTC distributions for the 0.6 TR case
with different BL nodes count.

3.5.2 3D MT1 mesh dependency

A grid independency study has been performed also on the 3D domain. The node
count has been varied in both span-wise and pitch-wise directions across the whole
passage. During all mesh tests the near wall distance has not been varied as it was
deemed necessary to keep y™ < 5 to ensure a proper near-wall resolution.

The results of the mesh dependency study for heat transfer calculations are shown
in Fig. 3.12. Two mesh densities (4 and 5 million nodes) have been compared. The
results indicate grid independency for the analyzed case: the mesh with 4 million

nodes has been used for the following 3D calculations.

3.5.3 MT1 turbulence model sensitivity

To rule out the influence of the turbulence model on the results shown so far, a
turbulence model sensitivity study has been carried out both on the 2D and the 3D
MT1 simulations.

The results of the study are summarized in Fig. 3.13. The predictive performance
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Figure 3.12: Mesh dependency study. Boundary heat flux (W/m?) for the two mesh densities.
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Figure 3.13: Turbulence model sensitivity study for both 2D and 3D MT1.

of both Spalart-Allmaras (Spalart & Allmaras (1992)) and k—w SST (Menter (1994))
turbulence models has been assessed. The two turbulence models do not show marked
differences. The only notable mismatch between the two can be seen at the leading
edge, where the k& — w SST shows higher values of the heat flux. This is consistent
with the known behavior of two equations models to produce high levels of turbulence
in regions of high flow gradients with respect to one equation models.

The two equations k£ — w SST model has been used for the analyses carried out
on the 3D geometry, while the 2D midspan MT1 results have been mainly obtained

using Spalart-Allmaras?.

3.5.4 HTC AT sensitivity

As introduced in Sec. 3.1, the method used to calculate the wall HT'C, can be seen as
a finite differencing operator approximating the local slope of the heat transfer curve
slope. The final numerical check that has been performed concerns the sensitivity
of the two-point HTC calculation (Eqn. (3.2)) with the temperature difference AT

between the two analyzed cases.

LObtained HTC distributions have been checked to be independent of the turbulence model and
a second set of CFD calculations has been performed also using k —w SST. The results of this study
are discussed in Sec. 4.2
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Figure 3.14: HTC distributions for (T,,, —T,,_) of 3K, 5 K and 10 K.

From a numerical view point, use of a too big AT will lead to large truncation
errors, whilst a too small AT may lead to unacceptable rounding-off errors. In order
to consistently calculate the HTC distribution on the surface and take into account
the possible variability of A with T, the two points method of Eqn. (3.2) has been
used with a AT =T, —T,,_ = 5 K small enough to consider ¢ = f(7},) to be linear
within a reasonable approximation in that temperature interval. Numerical studies
have been carried out to confirm that no effect of AT was observed on the obtained
values of HT'C. The results, shown in Fig. 3.14 confirm that.

In the next chapter tests at several Temperature Ratios (TR) T, = TR - T\
will be presented. For each TR two calculations have been run with constant wall
temperatures T,,, = T,, +2.5 K and T,,_ = T,, — 2.5 K. The obtained values of h
have been considered to be representing correctly the HTC levels at T, considering

the small AT considered.
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3.6 Final remarks

The numerical methods of the solver used for this first part of the thesis have been
briefly introduced.

Thermal validation of the solver has been performed against flat plate boundary
layer correlations as well as experimental data on the MT1 NGV. The results of the
validation tests can be considered satisfactory and are in line with the validation cases
available in open literature on the same case.

The two point method as a finite-difference approximation for HTC calculation
has been introduced and the relevant numerical sensitivities with respect to the used
temperature difference have been discussed.

Once assessed the reliability of the numerical modeling of the solver on the ana-
lyzed case, the MT1 geometry will be used in the next chapters to study the impact

of the wall thermal boundary condition on HT'C and aerodynamics.
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Chapter 4

Wall temperature effect on HTC

and aerodynamics

In this chapter a deeper analysis of the link between aerodynamics and heat transfer
for typical NGV flow is carried out.

As discussed in Ch. 3, both 2D midspan and 3D simulations have been performed on
the MT1 NGV. The first part of the chapter will be focused on midspan data, the
discussion will then be extended to fully 3D flows.

The effect of wall temperature on HT'C will be analyzed and the connection between
aerodynamics and heat transfer will be explored, highlighting the impact that heat
transfer can have on the boundary layer profiles as well as on shocks and secondary
flow structures.

In the last section the use of transition models will be introduced in spite of the
tripped transition approach (see Sec. 3.4.1) and a discussion on the implications of

transition point dependence with the wall temperature is presented.
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4.1 Boundary conditions

To analyze the effect of wall temperature on HTC, the relevant non-dimensional

parameter is the Temperature Ratio (TR) defined as:

T

TR =
TOin

(4.1)

The boundary conditions used in all simulations have been kept the same as the ones
used in the validation study (see Tab. 3.2 for the 2D case studies and Tab. 3.3 for
the 3D cases), exception made for the blade wall temperature, changed from time to
time to match the desired temperature ratio.

HTC distribution on the blade wall is obtained using the two-points method in-
troduced in Sec. 3.1 (see Eqn. (3.2)), so each HTC distribution presented refers to

two CFD computations at two different wall temperatures (T,

and T,,_) apart by a
AT =T,, —T, =5K (see Sec. 3.5.4). A summary of wall temperatures used for
the temperature ratios discussed in the present chapter is presented in Tab. 4.1. All

calculations consider Ty,, = 444 K.

TR|-] T, K] T (K]
0.6 269 264
0.7 313.5 308.5
0.75 335.5 330.5
0.8 357.5 352.5
0.95 424.5 419.5
0.99 442 437

Table 4.1: Summary of the wall temperatures used for the analyzed temperature ratios.
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4.2 2D case studies

4.2.1 HTC dependence with temperature ratio

The influence of TR on external HT'C has been quantified by comparing simulations
at three different temperature ratios: 0.95 (close to adiabatic conditions), 0.75 and
0.6 (highly cooled blade). The results are shown in Fig. 4.1 from which the influence
of wall temperature on HTC stands out very clearly. Differences in HTC values at
trailing edge between lowest and highest TR analyzed are as big as 25% towards the
blade trailing edge.

Interestingly, it can also be observed that in the stagnation point region the effect
of TR is less pronounced than in the zones close to the trailing edge. This indicates
that the change in flow properties in the near-wall region, due to the different thermal
boundary condition, alters the evolution of the boundary layer. This statement is
further supported by the boundary layer traversing data discussed in Sec. 4.2.3. The
key point to be made here, and it is of fundamental importance for the discussion
that will follow, is that it is not only the local wall temperature that influences the
HTC but also the entire upstream history of the boundary layer subject to the cooled
surface. At the leading edge, where the boundary layer has just been formed, the effect
of wall temperature is minimum, but it increases considerably as the boundary layer
develops over the blade surface. The progressive accumulation inside the boundary
layer of fluid with a different temperature with respect to external flow increases the
influence of wall temperature as the boundary layer itself develops.

The sudden separation of the HT'C curves on the suction side, after the transition
point, is likely to be caused by the point-trip transition used. The abrupt turbulent
transition may, in fact, cause overshooting in the prediction of heat transfer levels
after transition. This however should not impact the general considerations drawn

on the effect of TR on HTC. This statement is proved by the results of the conjugate
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Figure 4.1: Dependency of external HTC distribution on TR for 2D midspan calculations.

study of Sec. 4.2.1.1. Heat transfer in the metal here helps reducing the HT'C peak
after transition but the same HTC vs TR dependency can be observed. Also similar
effect of TR is observed on both pressure and suction side, though the former is not
interested by transition.

The results shown in Fig. 4.1 have been obtained using the Spalart-Allmaras
turbulence model and a turbulent Prandtl number of 0.85. Tests have been performed
using also a reduced Pr; of 0.4 (Fig. 4.2) and using the k& — w SST Menter (1994)
turbulence model (Fig. 4.3). Both those studies confirmed the conclusions drawn
beforehand. The results shown in the rest of this section on 2D midspan data are all
obtained using Spalart-Allmaras turbulence model.

As stated in Sec. 3.1, a change of the HTC with the wall temperature indicates
a non-linearity of Newton’s law of cooling. From the results discussed before the an-
alyzed case shows a higher degree of linearity at the leading edge, where TR depen-
dency of HTC is less pronounced. The non-linearity increases when moving towards
the trailing edge, with increased differences in HTC with T,,. Figure 4.4 compares

the heat transfer levels at different wall temperatures on two positions: one near the
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Figure 4.2: Dependency of external HTC distribution on TR using a Pr; of 0.4 for 2D
midspan calculations.
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Figure 4.3: Dependency of external HTC distribution on TR using k-w SST turbulence model
Menter (1994) for 2D midspan calculations.
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Figure 4.4: Calculated ¢ = f(T,,) compared with linear approximation for the two wall points
considered.

leading edge and the other near the pressure side trailing edge. The lines are linear
extrapolations (not a linear fit of the data) of the heat flux using the HTC value
close to the adiabatic condition (TR=0.95). The increased non-linearity for the point
on the pressure surface near the trailing edge is evident with respect to the leading
edge point. The results of Fig. 4.4 show that the use of a HTC obtained at a high
temperature ratio can introduce significant error when scaled to a lower temperature

ratio in regions where non-linear effects are not negligible.

4.2.1.1 Further exhamination with CHT solution

The results previously shown have been obtained considering only external aero-
dynamics. A conjugate study has been performed to confirm the results obtained
previously when the wall is treated as an interface rather than a boundary. In this
study, the interface temperature between the solid and the fluid is not specified any-
more and it is also not constant. The conjugate study is important to confirm and

validate the previously shown non-conjugate results and to highlight the limitations
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of the uncoupled approach to calculate external HTC distributions.

The blade has been equipped with four internal cooling channels. For each of
them a value of HTC and a bulk fluid temperature have been imposed. A more
detailed discussion of the internal cooling boundary conditions is presented later in
this section. The blade solid mesh is shown in Fig. 4.5: solid thickness has been
chosen aiming to obtain a uniform wall temperature. The metal has been assumed
to be ASTM310 with a thermal conductivity variable with temperature. Considering
the average levels of HTC and material properties, the resulting average Biot number
is around 0.1. Calculation of h has been done again using Eqn. (3.2). Perturbation
of the wall temperature in the conjugate case has been accomplished by varying by
5 K the temperature of the coolant in the cooling channels.

In this section a comparison between the results previously shown, obtained using
external CFD, and the h distributions obtained from the conjugate calculations is
provided. In order to make a sensible comparison between the conjugate and the
non-conjugate cases, the CHT simulations have been performed aiming to obtain a
blade wall temperature as uniform as possible and corresponding to the same TR as
the non-conjugate case. Due to the differences in external HTC from pressure side to
suction side, it has been impossible to obtain the same level of T,, on both sides of
the profile without changing the boundary conditions for the cooling holes. For this
reason for a given TR, the h distributions for the conjugate case have been obtained
with two simulations, each using two different sets of cooling boundary conditions.
The internal cooling boundary conditions used for the Pressure Side (PS) and Suction
Side (SS) simulations for the different temperature ratios are grouped in Tab. 4.2.

In all the conjugate cases the mean wall temperatures on both suction side and
pressure side have been matched with the corresponding 7;, on non-conjugate simula-
tions within 2 K. The variability of the wall temperature increased as the temperature

ratio decreased and was also bigger on the suction side than on the pressure side due
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Figure 4.5: Mesh used for the conjugate solution.

TR = 0.95 TR = 0.75 TR = 0.6

Ty Ty Ty Toa T Ty Tos Toa Ty Tre Ty T
413 414 417 418 300 306 296 302 217 210 190 180

PS
h1 ho hs ha hq ho hs ha hq ho hs ha
4000 3500 3500 3500 4000 3500 3500 3500 4000 3500 3500 3500
Tyi The Toz Toa Ty Tre Ty Tow T The Tpz T
59 419 442 450 430 300 306 296 302 216 196 196 195

4000 3500 3500 3500 4000 3500 3500 3500 4000 3500 3500 3500

Table 4.2: Summary of the internal cooling boundary conditions. Coolant bulk temperature T,
values are given in K, HTC h values in W/(m?K). Subscripts refer to the cooling hole number
from LE to TE.
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Figure 4.6: Detail of metal temperature field for the 0.6 TR case.

to the steep flow acceleration and the sudden change of the external HTC around
the turbulent transition. Figure 4.6 highlights the variations of the wall temperature
on the suction side region around boundary layer transition. The importance of such
wall temperature non-uniformity on the suction side region, after transition, becomes
clear when looking at the results of Fig. 4.7. The picture compares the HTC distri-
butions at different temperature ratios for both conjugate and non-conjugate cases.
Globally a really good agreement is found and the conjugate results confirm fully the
effects of wall temperature on HTC obtained with the uncoupled study. However the
region on the suction side after transition presents the highest differences between the
conjugate and non-conjugate calculations. Such differences are to be ascribed to the
temperature non-uniformities on the blade wall in that region, i.e. to the marked dif-
ference in wall boundary conditions between the conjugate and non-conjugate cases.
For those regions with relatively smooth and small temperature variations, the wall
temperature between the conjugate and non-conjugate cases are better matched and
the heat transfer coefficients from the two solutions show a really good agreement.

The solid part on the suction surface after the transition is subject to a rapid change

61



] TR=0.6 conjugate
TR=0.6 non-conjugate
TR=0.75 conjugate
TR=0.75 non-conjugate

Leading
edge

q/QQQ x TR=0.95 conjugate
TR=0.95 non-conjugate |
of
PR
R
E [
E B
O & X
= S F
|
(‘)QQT N

Suction side

Pressure side

Q I L I L I L L I
-50 0 50 100
% of curve length

Figure 4.7: Dependency of external HTC distribution on TR: comparison between conjugate
and non-conjugate cases.

in heat flux, that the designed cooling system cannot absorb. This causes the local
surface temperature and the HTC to change. This discrepancy in local HTC due to
the difference in the corresponding local T}, in fact does reinforce the central point

that HT'C does depend on the wall temperature.

4.2.2 Fluid driving temperature variation with TR

The effect of TR on the adiabatic wall temperature has been also studied for the 2D
midspan case. Once obtained the value of A for each temperature ratio, the value of

the corresponding T,,, has been determined using the following relation:

(4.2)

The results of the study are shown in Fig. 4.8. The quantity on the ordinate axis
TowTawrn=095 expresses the relative difference between the calculated fluid driving

TowTR=0.95

temperature T,,, and the driving temperature for the 0.95 TR case. This quantity
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Figure 4.8: Dependency of T, distribution on TR for the 2D midspan results.

is indicative of the relative differences in T, for different temperature ratios. The
results indicate that TR does influence the fluid driving temperature as well, though
to a lesser extent than it does on HT'C. Also, as for the HTC plots, differences look

minor near the leading edge than at the trailing edge.

4.2.3 Thermal response of boundary layer profile

In order to help to gain some insight into the effects of wall temperature on exter-
nal aerodynamics, a detailed examination of the boundary layer has been carried
out based on the uncoupled results of Sec. 4.2.1. Boundary layer behavior is, in
fact, fundamental when convective heat transfer is of concern. Traversing of the the
boundary layer in different sections around the blade profile has been performed. This
demonstrated that temperature, density and momentum profiles inside the boundary
layer are profoundly affected by wall temperature. The characteristics of flow inside
the boundary layer are strongly dependent on density, velocity and viscosity as they
influence momentum transport and wall gradients. The combined influence of the

temperature distribution in the boundary layer on density, velocity and viscosity, has
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Figure 4.9: Re,; distributions across boundary layer at 5 traversing sections for 0.95 and 0.6
TR cases.

been examined defining a local streamwise Reynolds number Reg(y) as:

Regfy) = “OPW)T (4.3
where y is the local coordinate normal to the blade surface, u is the local velocity
magnitude, p is the fluid density, u its viscosity and x is the stream-wise distance of
the point where the traversing is made from the stagnation point. This definition of
Reg; is a Reynolds number but it is taken here simply as a non-dimensional parameter
to illustrate the impact of wall temperature on aero-thermal development of boundary
layer. Traversing has been made in five locations on the blade, the positions of which
are given in Fig. 4.9. The figure presents the comparison of Re; distributions between
the 0.95 and 0.6 TR cases for all the traversing sections. In the figure the y coordinate

has been non-dimensionalized by the local boundary layer thickness 4.
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The results of Fig. 4.1 support the idea that the change of wall temperature
alters the aerodynamic behavior of the boundary layer. Moreover the change in TR
does not reflect identically along the profile but differences seem to amplify as the
boundary layer develops. In the regions where the boundary layer is just formed (i.e.
around leading edge), discrepancies in the Rey; distributions between adiabatic and
cooled case are spatially limited in the zone of the boundary layer that is closer to
the wall. On the other hand, approaching the trailing edge, the difference in Rey
extends to nearly the whole boundary layer thickness. The progressive extension of
the differences in Reg, to outer zones of the boundary layer signifies also a progressive
modification of the external flow as the boundary layer develops further downstream
on the blade surface. Overall, the Rey development in the boundary layer traverses
highlights the importance of the upstream history effect.

The different development of the aero-thermal field along the blade surface mod-

ifies also the turbulent quantities !

. This is, in broad terms, easily understandable
as the turbulence model itself represents a connection between the flow solution and
turbulent quantities (ultimately turbulent viscosity).

Figure 4.10 shows the traversing for the turbulent viscosity at the leading edge
and at 95% pressure side. The positions of the traversing stations are identical to
the ones reported in Fig. 4.9. It is clear the effect of the different wall temperature
on the evolution of turbulent viscosity. The case with lower wall temperature shows,
at the late pressure side, higher levels of 1;. The two distributions are pretty much
identical instead when the boundary layer has just formed. The different sensitivity
of the laminar and turbulent regions with respect to wall temperature suggests that

the effect of the different evolution of the boundary layer on the turbulent quantities

plays a prominent part in the local dependence of HTC with wall temperature.

IThe particular link between the flow solution and turbulent quantities depends, naturally, on the
choice of turbulence model. A deeper discussion of the mechanisms of this connection for different
turbulence models is outside the scope of this thesis.

65



. Leading Edge - 95% PressuT Side

o
o

L
o

8-

=3

o
T

o

61~

_YBE

o
Y}

T
o

2f ’

"~
......
-

>

P T T SR e 1
0 0.0002 0.0004 0.0006 % 0.0002 0.0004  0.0006 0.0008
Turbulent viscosity [m?/s] Turbulent viscosity [m?/s]

Figure 4.10: Traversing of turbulent viscosity y; distributions across boundary layer at leading
edge and 95% pressure side for 0.95 and 0.6 TR cases.

The effect of a different development of the boundary layer along the profile should

not be overlooked as it translates in a different momentum thickness at the trailing

edge, and that is known to be a major driver for profile losses (see Stewart (1955)).

4.2.4 Influence of T,, on trailing edge flow shocks

Another investigation has been carried out to check if the change in the boundary
layer properties due to the wall temperature could have a noticeable influence on the
trailing edge shock pattern of the blade, particularly considering that the trailing edge
is the region where the effect of 'flow history’ would be felt more. This is relevant to
the applicability of the conventional wisdom assuming that external flow should not
be influenced by the wall surface heat transfer. As suggested by Lovely & Haimes
(1999) the shock detection variable defined in Eqn. (4.4) has been used to determine

the exact position of the shock waves.

—

M, =M -Vp (4.4)

In the formula M is the Mach number vector defined by:

e (4.5)
U]l
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Figure 4.11: Suction side shock position for the quasi-adiabatic (TR=0.99) and cooled
(TR=0.7) case.

where U is the velocity vector. M, indicates the value of the Mach number normal
to a shock wave. Knowing that M, is always equal to unity across a shock wave
it is possible to use it as a shock detection variable. Figure 4.11 shows the flood
lines of M,, = 1 in the trailing edge region for both temperature ratios analyzed.
A downstream shift of the suction side shock for the cooled case is observed. The
shift distance is of the same order of magnitude as the trailing edge thickness. The
pressure side shock does not seem to be affected in this case by the wall temperature.

The observed shifting of the trailing edge shock reinforces concept of the existing
coupling between thermal boundary condition and external aerodynamics. The small
change in the position of the shock, found for a relatively old blade design, should not
be underestimated. It can be expected that, in modern transonic blades, characterized
by stronger shock waves and reflections, the wall temperature might have a stronger
influence on the whole shock pattern and, potentially, on blade profile losses. The

associated changes in boundary blockage around the trailing edge region may well
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also have a non-negligible impact on the passage flow capacity. The simulations were

fully converged and the shock position was not varying with the iterations.

4.3 3D case studies

4.3.1 HTC dependence with temperature ratio

With a similar approach to the one described for the 2D midspan section, analysis
of the dependence of HTC with TR has been performed also on the 3D domain of
Fig. 3.8. Two temperature ratios have been analyzed in the 3D case: TR = 0.99
(quasi-adiabatic) and TR = 0.7 (cooled case).

Figures 4.12,4.13, 4.15 and 4.14 show the comparison of HTC contours for the
nearly adiabatic and the cooled cases on blade pressure side, suction side, hub and
shroud endwalls respectively. The HTC percent difference between the two cases is

calculated as:

HTCrp_g7— HTCrp_ )
TR=0.7 TR=099 § (4.6)
HTCrp—0.99

The midspan section of the 3D NGV showed a dependency of HTC with TR
consistent with the results presented in Sec. 4.2.1, as expected, with lower HTC
differences at the stagnation point than at the trailing edge. The main focus of the
3D simulations, however, has been the investigation of the effect of T}, on the HTC
distributions on the entire blade and endwalls surfaces.

Differently from the pressure side (Fig. 4.12), the suction side (Fig. 4.13) clearly
shows the signature of secondary flows on heat transfer distributions for both tem-
perature ratios. From Fig. 4.13 it can be seen that suction side-endwall regions,
dominated by secondary flows, do show the highest differences in HTC (up to 40%).

Similar HT'C difference levels can be seen in the 50% span region, where the flow field
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Figure 4.12: HTC dependency on TR, on the vane pressure side.

is largely 2D. Here the differences can be explained by the influence of wall temper-
ature on the position of the suction side shock®. Similar observations can be made
by comparing the endwalls HTC contours of Fig. 4.14 and Fig. 4.15. The highest
differences in HTC levels are concentrated in the regions where secondary flows are
dominant. These results reinforce the evidence that a link between aerodynamics and
heat transfer does exist, and HTC changes with wall temperature cannot be ascribed
only to the changes in gas properties. For this reason any attempt to correct this
T, dependence of HTC, without taking into account local flow history, cannot be
considered effective in predicting the correct HTC levels.

Also the strong dependence of HTC on TR in regions characterized by highly
3D flows, makes inapplicable any boundary layer based correction (that could still
be sought when considering a purely two-dimensional flow). These observations are

fundamental for the discussion on the scaling of HT'C with wall temperature that will

2Shifting of the suction side shock has been observed also on the 3D midspan section using the
same methodology used in Sec. 4.2.4. Results of this analysis are not presented here for the sake of
brevity.
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Figure 4.13: HTC dependency on TR, on the vane suction side.

presented in more detail in Ch. 5.

4.3.2 Influence of TR on secondary flows

A further examination of the effect of wall temperature on secondary flows has been
carried out. Figure 4.16 shows flow streamlines at the suction side-endwalls corner.
Streamlines are consistently generated from the same points in the two cases. Some
differences are appreciable between the quasi-adiabatic and cooled case with a more
pronounced streamline convergence towards the midspan for the higher TR case.

A close look at the changes in secondary flows has been possible also by visualizing
the direction of wall shear stresses in the form of wall streamlines. The results are
shown in Fig. 4.17. Differences in the wall shear stress direction due to different
developments of secondary flow structures with wall temperature are noticeable. In
particular, Fig. 4.17 suggests that the radial inward movement on the rear blade

suction surface near the casing shroud for 0.99 temperature ratio is seemingly stronger
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Figure 4.15: HTC dependency on TR, on the hub endwall.
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Figure 4.16: Streamlines at suction side-endwalls corners for quasi-adiabatic (TR=0.99) and
cooled (TR=0.7) case.

Figure 4.17: Wall shear stress direction on suction side for quasi-adiabatic (TR=0.99) and
cooled (TR=0.7) case.
than that for 0.7. This might be attributed to the higher flow density due to the
cooling (hence the higher local fluid inertia, and resistance to the secondary flow
transport) in in the near-wall region of the cooled case.

Also a comparison of the contour plots of wall shear stress between the quasi-
adiabatic and cooled case is reported in Fig. 4.18. It is possible to see how the wall
temperature impacts not only the position of the limiting streamlines but also the
levels of shear stress in the trailing edge region. This again suggests the presence of

a direct coupling between aerodynamics and heat transfer.
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4.3.3 Influence of TR on passage mass flow

The changes of flow density in the blade passage due to the wall temperature have
been examined also. The results are shown in Fig. 4.19. The plots show the density
contours at a cut plane positioned after the trailing edge. The position of the cut
plane is also shown. A first remark that should be done is that the cut plane is not
normal to the rotational periodicity axis so the results of Fig. 4.19 do not show a
periodic match despite the CFD solution being periodic.

Sensible differences can be observed comparing the two density fields. A remark-
able observation is the fact that such differences are not confined to the wall regions
but penetrate to a higher extent in the whole passage due to convection of boundary
layer material ascribed to secondary flows. In general it can be seen how the highest
differences in density can be observed in the regions where most of the aerodynamic
losses are generated (near-wall regions, trailing edge wake, secondary flows). As such
this effect should not be overlooked in the aero design process.

Considering the differences in flow density as well as secondary flows across the
blade passage, the influence of wall temperature on the overall blade passage capacity
has been also assessed. All the CFD runs examined had mass flow converged to less

than 0.1%. The 0.7 TR case showed a 0.5% increase in mass flow with respect to
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Figure 4.19: Density contours at TE cut plane for quasi-adiabatic (TR=0.99) and cooled
(TR=0.7) case.
the quasi adiabatic case. Considering that the general trends of blading performance
increases nowadays are aimed at fractions of percent points, the impact of such a
change in blade capacity should thus not be overlooked, also in light that temperature

ratios lower than 0.7 can be typical of heavily cooled NGVs.

4.4 Influence of wall temperature on transition

The fixed transition treatment as described above, though simple, does not allow to
capture the effect of wall temperature on the transition location. The results obtained
in this section use transition models in which the transition location is determined
as part of the solution, allowing to further explore the effects of TR on external
aerodynamics as well as the implications of the transition point movement on the
HTC definition.

Due to the high mesh density required by transition models, the analysis has been
carried out on the 2D mid-span section of the MT1 NGV. A refined grid with 150k
nodes has been used for the study. Wall y* has been kept lower than one. Calculations

have been performed using two well-established transition models available in Fluent:
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Figure 4.21: /¢,y (Eqn. (3.6)) for TR=0.8 and 0.6 using the transitional SST model.

transitional SST (Menter et al. (2006)) and k — kl —w (Walters & Cokljat (2008)).
Figures 4.20 and 4.21 show wall non-dimensional heat flux (Eqn. (3.6)) obtained
using the k — kl — w and the transitional SST respectively. Despite some offset in
the predicted transition point and length, both transition models are consistent in
predicting an early onset of transition due to the cooling.
The reasons of this anticipated transition should be sought in the local alterations

of the boundary layer flow due to wall cooling. Figure 4.22 shows traversing of the
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Figure 4.22: Boundary layer traversing of laminar kinetic energy before the transition point for

TR=0.8 and 0.6 using the k& — kIl — w transition model.
boundary layer prior to transition point using k£ — kl — w transition model. The
plot represents the distribution of laminar kinetic energy in the boundary layer. This
quantity is used in the k — kl —w transition model to model pre-transitional boundary
layer disturbances (see Walters & Cokljat (2008)). Plots of Fig. 4.22 clearly show that
the alterations of the aero-thermal field in the boundary layer results in higher levels
of laminar kinetic energy for the lower temperature ratio case, promoting an earlier
transition.

This effect of cooling in promoting boundary layer transition as predicted presently
is qualitatively in line with that observed experimentally by Back et al. (1969) and
Kercher et al. (1982) and is also consistent with the destabilizing effect of cooling
on bypass transition described by Reshotko & Tumin (2004). A quantitative evalua-
tion of the accuracy of the used transition models is beyond the scope of this work.
This observed behavior in the present calculation is interesting as a cooled boundary

layer is often perceived as being more stable (thus should accordingly have a delayed
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transition instead). Given the consistency in the response to wall temperature shown
by the two transition models used, the following analysis will be carried out by only
using k — kl — w transition model.

Given the movement of the transition point and the drastic change of the heat
flux from the laminar to turbulent regimes, a key question of interest is: how does
this movement affect the HTC and its working procedure? The issue should be seen
now both in terms of accuracy and robustness. The latter is particularly relevant in
the context of stability of CFD-FEA loosely coupled methods using HTC as a buffer
parameter.

In Fig. 4.23, the HTC distributions for TR=0.6 is shown for k — kl — w transition
model. HTC is here calculated using the conventional 2-point method with AT =
10K (Eqn. (3.2)). The movement of the transition point with the wall temperature
leads to a seemingly abrupt jump in local heat flux seen by a fixed surface point. As
a result, the ¢ — T, curve for the surface point has almost a local discontinuity (i.e.
locally non-differentiable). This causes HT'C to overshoot around the transition point,
as indicated in Fig. 4.23. This characteristic of HT'C around the transition point has
been observed for different temperature ratios and temperature differences tested.
This oscillatory behavior in HTC calculated using the two temperature method can
possibly lead to convergence issues when a loosely coupled CFD-FEA iterative method
is applied. Also it is now questionable the same nature of the heat transfer coefficient
as a descriptor of the local wall heat flux in the transition region.

The huge overshoot of HT'C around the transition point underlines the basic is-
sue/uncertainty regarding its definition and working procedure. It can be argued
that using a conventional scaling of the heat flux by means of a constant reference
temperature would not bring to a spike in the HTC, but at the same time such
non-dimensional heat flux cannot be considered representative of the local HTC as

discussed in Sec. 3.1. It must be noted as well that the use of T, to obtain HTC
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would result as well in an overshoot in A due to the different location of the transition

point at adiabatic conditions.

8000
= TR=0.6
7000r
60001
~&'5000¢
E
S 4000¢
2
E= 3000/
- r\J\/\}
1000 Pressure ] Suction
Side  leadingEdge side ., |

—%O -60 -40 -20 0 20 40 60 80 100
Curve length [mm]

Figure 4.23: HTC plots for TR=0.6 for & — kIl — w transition model, obtained using the
traditional two-point method of Eqn. (3.2).

4.5 Final remarks

The results shown in this chapter and the subsequent discussion lead to the following

main observations:
e the aerodynamic and thermal fields in a typical NGV flow are strongly coupled

e due to the dependence of HTC with T, a classical linear scaling of heat flux

with wall temperature may not be adequate for NGV flows

e given the link between aerodynamics and heat transfer, correction of the HTC

with TR must account for local flow conditions

e the introduction of a non-fixed transition does exacerbate the limitations of a

linear scaling for heat transfer
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e the conventional two-temperature approach can result in very oscillatory values
of HT'C due to transition point dependence on T,,. This would affect not only the
consistence and accuracy of HTC itself, but also the stability and convergence

of CFD-FEA iterations when HTC is used as the buffer parameter.

The question is now to assess the errors that can derivate from assuming HTC as being
aero-determined (as commonly done) in a typical NGV flow as well as to provide a
mean to effectively account for the local dependence of HT'C with wall temperature.

These two issues are discussed in the following chapter.
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Chapter 5

An alternative working method for

HTC

The results of Ch. 4 highlight the interconnection existing between aerodynamics and
heat transfer in compressible NGV flows as well as showing the dependency of HTC
with T,,. As discussed in Ch. 2, the topic of HTC dependence with wall temperature
has been addressed by some authors, though it seems to be disregarded in many ap-
plications.

The purpose of this chapter is to discuss the limitations of available correlations in
accounting for the HTC dependence on wall temperature and local flow history.

A newly proposed three-point method for heat flux scaling, accounting for HT'C depen-
dece on T,,, will be illustrated and its performance, compared with the conventional
linear assumption, discussed.

The advantages of using the three-point method under transitional flows will be also

presented.
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5.1 Comparison with existing correlation

The effect of wall temperature on HTC is normally taken into account when scaling
experimental data obtained at high temperature ratios to engine realistically low
temperature ratio conditions. As reviewd in Ch. 2, several correlations are available
in the open literature. A widely used form for the correction for the Nusselt number
is of the kind:

Nu = Nug(TR)" (5.1)

where Nug is the Nusselt number obtained with TR = 1.

One of the most used correlations, developed from numerical and experimental studies
on a fully developed turbulent boundary layer on a flat plate, is the one proposed by
Fitt et al. (1986). The authors suggest a value for the exponent n = —0.25.

Different correlations propose different values for the exponent n (see Ch. 2),
depending on the particular flow configuration they are tuned for. This indeed high-
lights, once more, how the issue of the dependence of HTC non-linearity can hardly
be generalized and is dependent on the particular case considered.

A correction of the kind of Eqn. (5.1), regardless of the value of the exponent n,
suffers from a fundamental issue: being of global nature cannot account for local flow
history. To higlight the shortcomings of this approach when trying to correct Nu
with TR on a typical NGV flow, the correlation proposed by Fitt et al. (1986) has
been applied to the 2D midspan NGV of Sec. 3.4.1.

A baseline calculation has been made for TR = 1. Based on this the Nu distribu-
tion for TR = 0.6 has been predicted using Eqn. (5.1) with n = —0.25. Comparison
between Nu distribution obtained by the use of the correlation and the one obtained
by CEFD are shown in Fig. 5.1. The simulations have been performed in a fully tur-
bulent mode for both the suction and pressure surfaces as the correlation is valid for

turbulent boundary layers.
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Figure 5.1: CFD results for TR = 0.6 case compared with Nu obtained using correlation bt Fit
et al. Fitt et al. (1986).

The comparison of Fig. 5.1 shows the inadequacy of the correlation to correctly
scale Nu with TR for the analyzed case. At the leading edge the correlation over-
corrects data, while towards the trailing edge a significant under correction is ob-
served. The key reason for the observed discrepancy is that the correlation corrects
HTC in a global manner. From the characteristics identified in the present analyses
as discussed in Ch. 4, it is clear that the upstream history effect is important. The
local nature of the history effect means that a global correction based approach would
be inherently inadequate. It should however be recognized that these existing corre-
lations have been useful in giving qualitatively right trend, to a large extent helping
to get closer to the HTC at a realistic TR conditions. These correlations also serve
as a useful platform and reference point to identify, understand and develop better
prediction methods for the problem.

Given the fact that available correlations fail to correctly account for the local

dependency of HTC on flow history, the question is to try to obtain a better tool,
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based on a local correction of HT'C with wall temperature. This issue will be discussed
in the following section, proposing a novel non-linear three-point method for heat flux

scaling.

5.2 The three-point method for heat flux scaling

Recalling what said in Sec. 3.1, in the case of a non-linear heat flux curve, the h
values obtained using of a two-point method cannot be considered anymore valid
over a range of wall temperatures. The idea behind the newly proposed method
for HTC correction has been to account for the dependence of h on T,,, allowing to
predict heat transfer levels over a range of T, with a minimum extra computational
effort with respect to the previously used two-point method.

In general, both h and 7T, are variable with the wall temperature rather than

constant, implying the Newton’s law of cooling in the form of:
G =MTy,) [Ty — Tow(Tw)] (5.2)

In the proposed method a linear dependency of h with T, has been hypothesized.
Also since, as already discussed in Sec. 4.2.2; the adiabatic wall temperature showed
markedly smaller variations with the wall temperature than the HTC (see Figs. 4.1,
4.8), its dependency on T, has been neglected *. The proposed method considers a

modified form for Newton’s law of cooling:

o0

qg= <h0 + hl%) (T — Tow) = (ho + MMTR) (T — Tow) (5.3)

'In a more general case the proposed method lumps the variability of T, on h. Its accuracy
to predict HTC at different wall temperatures has been also tested recently on a case where high
variability of Ty, is expected Zhang & He (2014). The model showed comparable accuracy (and
a more robust computational stability) with respect to a higher order non-linear method including
wall temperature dependency also for Ty,,.
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This is a non-linear equation where hg, h1 and T,,, are the unknowns. Such unknowns
are function of the spatial position for a given case. Expanding the formula and

defining;:

01 - _hOTaw (54)
Taw
02 - ho - hl TOO (55)
h
Cy = i (5.6)

for given ¢ and T, Eqn. (5.3) leads to a linear equation with the three unknowns Cj,
Cy and Cjs:
G=C1+T,Co+ToCs (5.7)

The values of the three unknowns C4, C5 and C5 can be found by solving a linear
system using available solutions of ¢ at three wall temperatures. This newly proposed
and developed method is thus called as 3-point nonlinear method. Once the system
is solved the heat flux ¢ distribution for any unknown 7,, can be determined based
on Eqn. (5.3).

It is important to highlight that C, C5 and C5 are pointwise constants on the
blade surface: the correction is therefore local. This local correction capability is a
key distinction with respect to available correlations.

It needs also to be emphasized that, in terms of computational cost, only three
CFD solutions are required to construct the proposed model. As seen previously,
normal practice to extract the HTC distribution on a blade surface requires two CFD
calculations at two different wall temperatures. This approach is however rigorously
valid only if a linear behavior of Newton’s equation is observed. In the case of a non-
linear behavior the validity of a two-point based approach shrinks to a surrounding

of the analyzed T,,. The proposed three-point method, that can be seen as a non-
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linear curve fitting of the heat flux curve, is valid instead for a whole range of wall
temperatures.

The method does not require any numerical approximation techniques. It is purely
analytical, simple with very little extra processing cost. The following sections show
applications of the three-point method to the scaling of wall heat flux with TR for
the 2D midspan section as well as the 3D MT1 NGV. It will then be considered
how the method may help in more challenging cases considering the influence of wall

temperature on the laminar-turbulent flow transition.

5.3 Application to 2D blade section

Three data sets corresponding to temperature ratios of 0.95, 0.75 and 0.6 have been
used to calculate the constants of Eqn. (5.7). The three-points method has been
used to predict ¢ for temperature ratios in the range 0.7 to 0.9. The comparison
between model results and the direct CFD simulations can be seen in Fig. 5.2. The
direct CFD simulations of Fig. 5.2 have been obtained with constant wall temperature
corresponding to the desired TR. The proposed model ensures a really good matching
of calculated data with the direct CFD results on the whole range of T,, examined.
To highlight the large errors resulting from the assumption of HTC being inde-
pendent of T}, the conventional two-points method has been also used to predict heat
transfer levels at different temperature ratios. Heat flux distributions corresponding
to TR 0.95 and 0.9 have been used to calculate A and T,,,. The obtained HTC and
adiabatic wall temperature have then been used to calculate, using Eqn. 3.1 with
Tref = Ty, the heat transfer distributions at temperature ratios 0.8, 0.75 and 0.6.
The results are shown in Fig. 5.3. The effect of the increase of h with the TR, shown
in Sec. 4.2, is not predicted by the two-points method, resulting in errors in heat flux

predictions. Such errors become larger moving away from the original wall tempera-
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Figure 5.2: Heat flux comparisons between the direct CFD solutions and those constructed
from the 3-points model.
tures considered. Figure 5.3 is a clear example of how the validity of the two points

method shrinks if the dependence of HT'C on Ty, becomes non-negligible.

5.4 Application to full 3D heat flux

For the 3D case, the three-point method has been applied to predict data at TR=0.6.
The constants of Eqn. 5.7 are calculated using CFD solutions at TR 0.99, 0.8 and 0.7.
In the same fashion the two-points linear method is applied to extrapolate the heat
flux distribution on the blade and endwalls at TR=0.6, using h and T,w calculated
at the quasi-adiabatic case (TR=0.99). Figure 5.4 shows the comparison between the
direct CFD results and the two used prediction methods (the 2-point linear and the
3- point non-linear). The improved predictive performance of the three-point method
with respect to the conventional two-points one is evident, especially in the regions

characterized by highly 3D flows (corresponding, as seen previously, to high HTC
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Figure 5.3: Heat flux comparisons between the direct CFD solutions and those constructed
from the linear 2-points model.

non-linearity). To better compare the predictive performance of the two models, the

percentage errors of the predictions are calculated using Eqn. (5.8).

% Error — ‘QPrediclfed — 4crp | « 100 (5.8)
4crp

Comparison of the errors is shown in Fig. 5.5. Heat transfer errors obtained using
the conventional two-point method can be as high as 25% in some regions. Using
the proposed three-point method allows to reduce the prediction errors significantly.
These comparisons demonstrate consistently that the new three-point method offers,
at the price of a 50% increase in computational time compared to the 2-point method,
the possibility of much more accurately predicting the heat flux over a whole range

of wall temperatures.
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Figure 5.4: Wall heat transfer (1W/m?) for TR = 0.6, direct CFD (center), conventional
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Figure 5.5: Prediction error comparison between the two-point and three-point.
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Figure 5.6: Comparison of the new 3-point method and the conventional 2-point method for a
transitional case using the k — kI — w transition model.

5.5 Application to transitional flows

Given the previously highlighted limitations of the conventional two-point method
when the transition point is not fixed and the implications in accuracy and stabilityy
when iterative CFD-FEA methods are of interest(see Sec. 4.4), the 3-point method
has been applied on such case as well.

The two-point method has been used to linearly extrapolate heat transfer data
obtained on TR=0.8. The three-point method instead has been used based on CFD
data at TR=0.99, 0.8 and 0.6. Predictions by both models are then made at TR=0.7.
The results compared to that of the direct CFD at TR=0.7 are shown in Fig. 5.6.

It is clear that the conventional two-point method results in a very erroneous
prediction of the transition point (predicted to be in the same place as for TR=0.8)
and a large overshooting of the heat flux around the transition. The overshooting is
a result of the local non-differentiability of the heat flux around the transition point,
generating a spike in the local HTC. However, the new three-point method is able

to follow much more closely the direct CFD solution. The advantage of the 3-point
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method in terms of enhanced robustness can clearly be seen here, as no overshooting
in the heat flux curve can be observed as opposed to the two-point method. The
enhanced robustness of the three-point method is chiefly attributed to its multi-point
curve-fitting for a range of T;,. On the other hand, the conventional two-point method
is based on a finite difference approximation of a local differential at a single T, point,
which is expected to experience difficulties around the transition with a local non-

differential behavior.

5.6 Concluding notes on the use of both two and
three-point methods

The proposed three point method represents a fundamental departure from the tradi-
tional two-point method for HTC calculation. The author believes it is fundamental
to stress out, once again, that the key difference between the two methods lays in
the fact that the three-point method is, fundamentally, a curve fitting tool, while the
second one is based on a finite differencing approach, local by nature.

As stressed out in the previous chapters, it is clear that the use of the two point
method can be considered representative of the local HT'C if and only if it is used in
a finite difference fashion. This is a key observation stemming out of the results of
the first part of this thesis and it is a conclusion that the author would like to stress
out once again as it constitutes a fundamental message of the thesis.

It is common practice to use the traditional two point method on a much higher
AT than a finite differencing operation would require. This approach does result in
errors if non-linear effects are to be expected. However, due to the local dependency
of HTC on previous flow history, the magnitude of this error is case dependent, and
can only be estimated a posteriori. To this authors belief, general guidelines for a

reliable use of the two point method in its common used form (where AT is chosen
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arbitrarily and not close to zero) would be hard to establish due to the specificity of
the problem. This is particularly critical considering that the tolerances on admissible
errors on metal temperatures are extremely low if reliability is of concern.

The same considerations apply when trying to establishing the maximum amount
of linear extrapolation acceptable when linear scaling of the heat flux is performed
using HTC calculated with AT — 0.

The three-point method, being a curve fitting tool, is naturally valid on a range
of wall temperatures, allowing to avoid all the above mentioned shortcomings of the
traditional two points method. Conversely to the two-point method, where a small
AT should be used to establish a local HTC, the author recommends the use of
the three-point method by selecting the three temperatures needed to calculate the
unknowns in Eqn. (5.3) in order to span the whole range of wall temperatures of
interest. Care should be taken not to select the three temperatures so close that
non-linear effects won’t be observable as the three point method will then degenerate

in a linear fitting.

5.7 Final remarks

In this chapter a novel method to locally correct HTC with T, has been developed
and its predictive capabilities tested on the analyzed NGV.

The fundamental characteristics of such method are:

e unlike the traditionally used correlations that perform a global scaling of HTC
with TR, the proposed method applies a local correction accounting for local

flow history

e the method has a broader range of application than correlations, strictly valid

only for the particular configuration they have been tuned to
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e unlike the traditional two-point method, allowing to calculate HT'C for a single
T, when non-linearity of the HTC is observed, the three-point method allows

to scale the wall heat flux for a whole range of T,

e the method can improve the stability of iterative CFD-FEA algorithms when

applied to transitional flows with a non-fixed transition point

The proposed three-point method can be an effective mean to account for the lo-
cal dependence of HTC with wall temperature in a more consistent way than what
currently done. The method has been recently adopted by other authors to account
for HTC dependence with T,, (see Zhang & He (2014), Liu et al. (2015), Liu et al.
(2014), Lavagnoli et al. (2014), Caloni & Shahpar (2015)) and has been integrated in
Rolls-Royce thermal analysis methods.

This said, the proposed three-point method should only be seen as an improve-
ment of the current HTC scaling tools, rather than an accurate modeling tool. A
full appreciation of the effects of the link between aerodynamics and heat transfer
can only be obtained through CHT calculations. This is particularly important in
the development of modern turbines, where a 5 K difference in metal temperature
(corresponding to less than 1% error in a typical NGV) can effectively half/double
the life of the component.

Given the importance of a correct prediction of metal temperatures in modern
gas turbines and the inherent limitations of simple corrections when high accuracy is
sought, in the following part of this thesis the development, validation and application

of a CHT solver will be discussed.
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Chapter 6

Baseline RANS solver

The connection existing between aerodynamics and heat transfer, as shown in the
first part of this thesis, highlights the need to resort to design and analysis tools
capable of accounting for this interaction. For this reason the modeling capabilities
of Rolls Royce Hydra CFD solver have been extended with the implementation of a
steady CHT solver.

The original Hydra solver has been modified to allow for the coupled solution of
the fluid and solid domains.

This chapter serves as an introduction to the working principles of Hydra flow
solver, describing Hydra’s numerical features that are directly connected to the de-
velopment of the CHT solver, while the details concerning the implementation of the
CHT solver will be discussed in Ch. 7. Attention will be limited to Hydra steady
solver as unsteadiness has not been considered throughout the work.

A full description of Hydra numerical schemes is outside the scope of this thesis

and can be found in Moinier (1999).
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6.1 (Governing equations

Three dimensional unsteady Navier Stokes equations can be represented in compact
form as:
9Q

e+ V-F =0 (6.1)

where the vector () contains the conservative flow variables while F' describes the
convective and diffusive terms of the equations. No volume sources are considered in

the present dissertation.

P
pu
Q=| pv (6.2)
pw
pe
pu
pu* +p = Tu
F, = e e (6.3)
puw — Ty
(pe + p)u — UTyy — VTyy — WTy — kT,
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pv

puv + p— T:L’y
2
pve+p—T,
F, = " (6.4)
PUW — Tyy

(pe + p)v — uTyy — VTyy — WTsy — KT,

pw
PUW — Ty,
PUW — Ty

F, = ! (6.5)
pw? — 7,

(pe + p)w — uty, — VT, — WT,, — KT,

Equation 6.1, as applied to compressible laminar flows, represents a system of
five equations and six unknowns. Closure of the problem is made possible using the

perfect gas equation of state:

p = pRT (6.6)

In Hydra v = 1.4, p is evaluated through Sutherland’s law and Pr = 0.7.

6.2 Space discretization

To allow for a numerical solution, Eqn. (6.1) must be discretized both in space and
time. The spatial discretization is achieved through the use of FV method.

Finite Volume methods are based on the integral form of NS equations, rather
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than the differential form of Eqn. (6.1).
Considering a generic control volume (CV) V}, integration of Eqn. (6.1) over the
volume and application of the divergence theorem, allows to write the integral form

of Navier Stokes equations as:

0

—/ QdVi+ ¢ F-dn=0 (6.7)

Hydra uses a cell-vertex scheme with median-dual (Barth (1994)) control volumes.
Flow variables are stored in the grid vertices and control volumes are constructed
around each grid vertex, connecting the centroids of the surrounding elements, face-
centroids and edge-midpoints (Fig. 6.1). This approach ensures that the mesh control
volumes have perfectly matching boundaries and do not overlap.

A control volume V; is built around each mesh node j, as shown in Fig. 6.1. To
construct the space-discretized form of Eqn. 6.7, an average value Q; of the flow

properties over the control volume is defined as:

5 1 .
=7 /V Qav; (6.9)

and Eqn. 6.7 can be expressed in its space-discretized form as:

R;

— + = F,;,-AS;,;,=0 6.9
at V] ; J J ( )
Here the surface integral has been turned into a finite summation over the bound-
ary surfaces of the j-th control volume. The second term of the LHS is also referred to
as the residual on the j-th volume R;. The quantity F;;- AS;; represents the flux over
the surface between nodes ¢ and j, and AS;; is the vector normal to the CV surface.

In the following the term edge weight will be also used to refer to AS;;. Included in

the summation are the flux contributions of boundary nodes. The treatment of flow
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Figure 6.1: Control volumes (2; and (2; (dashed) built around i-th and j-th mesh nodes.

boundary conditions (BCs) in the original solver will be briefly discussed in Sec. 6.2.3.
The edge weights are always pointing to the outward normal to the CV. This ensures
that AS;; = —ASj; and conservation of fluxes on the whole domain is enforced by
construction.

It is convenient to decompose the cell residual R; in two distinct contributions: a

convective contribution and a dissipative! one. It is thus possible to write:

Rj = — Z(Fg(ng) + FiJD(Qij’ inj)) - AS;; (6.10)

%

This distinction is not purely formal: convective terms and dissipative terms rep-
resent two different physical phenomena that require different numerical modeling.

As shown in Eqn. 6.10, calculation of the residual in a control volume requires the
evaluation of the flux at its boundaries. The value of flow variables is however not
available at CV interface, but only at mesh vertices. The issue is how to calculate

fluxes at the volume boundaries based on the solution stored in the mesh nodes. The

'The more general term dissipative fluzes has been preferred by the author in spite of the more
common term of viscous fluzes as, considering the CHT solver, diffusion is not only caused by
viscosity.
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approach used is different for convective and dissipative fluxes and will be briefly

explained in the following sections.

6.2.1 Convective fluxes

To calculate the numerical convective flux Fg at a CV interface Hydra uses a second-
order scheme that is a based on Roe’s flux-differencing method (Roe (1981)). Such
method is based on solving an approximate Riemann solver in the control volume to
obtain the flux at the interface.

Given the nodal values ); and (@);, and calling ij and ng the reconstructed

solution at either side of the 7j interface, the original formulation of Roe’s method

allows to calculate Fg as:

9Qi;

FS(Qu) = 5 (@) + FE@) - 5[50t @ - @) e

The details of the derivation of Eqn. 6.11 are outside the scopes of this disserta-
tion. It can intuitively be observed, however, that Roe’s method calculates the flux as
a sum of wave contributions on both sides of the interface. Equation 6.11 represents
a centered difference evaluation of the flux with an additional dissipative term that
depends on the Jacobian of the fluxes. The last term of Eqn. 6.11, together with
adding numerical dissipation to the convective flux, accounts for the flow character-
istic direction allowing for an upstream discretization. Due to its dissipative nature,
1| 0F;;

the term 3la0,

( jj — f]) is included in the dissipative fluxes Fi? . The reason for

this will be clear when dealing with the time integration (Sec. 6.3).

The reconstruction of the flow variables at the CV boundaries is computationally
expensive. In Hydra Eqn. 6.11 is modified so to evaluate the convective fluxes in the
first term at the nodes instead of at the interface. In such way evaluation convective

fluxes does not require variable reconstruction. The computational saving is again
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connected to the used Runge-Kutta scheme for time integration.

Reconstruction of the values of flow variables inside the volume is performed using
the Monotonic Upstream-Centered Scheme (MUSCL) approach of Van Leer (1979).
A second order interpolation is used to obtain the solution at the CV boundaries.

One of known problems for Roe’s scheme in its original formulation is that the
dissipation term vanishes as one, or more, of the eigenvalues of the solution are zeroed
(see Eqn. 6.11). This can however lead to non physical expansion shocks, allowing for
a decrease in flow entropy. To correct for this Hydra ensures that a certain minimum
amount of dissipation is always maintained by applying the Harten entropy correction
Harten (1983) to the flux eigenvalues.

The numerical dissipation term is further modified in Hydra implementation to

allow a high resolution capturing of shocks.

6.2.2 Dissipative fluxes

As diffusion is an isotropic process, the discretization of dissipative terms cannot be
carried out with the same upwind approach used for the convective fluxes.
Calculations of the nodal gradient of variables is carried out making use of Green-

Gauss theorem.

/ vVQd=¢ Q,dS (6.12)
v

av;

A FV discretization of Eqn. 6.12 allows to calculate V@Q); as:
1 .
Vo= Z QijS:j (6.13)

where the values of the flow variables at the interface of the CV are obtained as

average of the quantities either side of the face:

(Qi+Qy) (6.14)

N | —

Qij =
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Evaluation of the dissipative fluxes requires also to know the values of gradients at

the CV faces. Again this is done through an arithmetic average:

vQ, = 1(VQi +VQ)) (6.15)
2

This brings to a central differences stencil for the discretization of diffusive fluxes.
Such scheme is second order accurate on smooth grids.

Application of Eqn. (6.15) is very appealing from the computational point of view
as only values of the variables at grid nodes are used to evaluate gradients on the
volume faces. This approach has however a problem due to the resulting stencil of
the Laplace operator bringing to poor damping performance of high frequency modes
(Haselbacher & Blazek (2000)).

Assuming a 1D grid of evenly-spaced points, using a notation typical of structured
grids where points 7 and 7 + 1 are consecutive points, it is easy to demonstrate how

the use of Eqn. (6.15) brings to a discrete Laplacian in the point ¢ in the form:

V2Qi = [(Qi=2, Qi, Qit2) (6.16)

Due to this odd-even decoupling the numerical scheme will fail to damp high fre-
quency error modes. This can be easily seen by considering a sawtooth solution as
the one represented in Fig. 6.2. In this case a discretization of the Laplacian of the
kind of Eqn. (6.16) will ’see’ a constant solution, resulting in a null Laplacian. This
issue becomes particularly critical in the solid domain calculations where the numer-
ical dissipation terms of the convective fluxes are absent. A typical modification to
Eqn. (6.15) ((Blazek 2005) consists of replacing the component of the gradient in

the direction of the face normal m;j with a finite difference approximation of the
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i2 i1 i i+1 i+2

Figure 6.2: Typical sawtooth mode.

derivative across the edge:

AQ

VQi; = Vsz - VQij Ly

This formulation gives a more stable stencil for V2(Q; , including the nodes i — 1 and
1+ 1. This allows a better damping performance of high frequency modes. The reason
for this better damping when including nodes ¢—1 and 741 in the Laplacian stencil can
be easily seen if considering again the sawtooth mode of Fig. 6.2. Such discretization
is used in Hydra and has been retained also for discretization of dissipative fluxes in

the solid solver.

6.2.3 Boundary conditions

Before marching the solution in time, flux contribution of the boundary conditions
must be added to the residual in the boundary nodes. In the following the boundary
conditions used for the simulations performed during this thesis work will be briefly
discussed. A separate discussion in Sec. 7.3 of the following chapter will be dedicated

to the treatment of solid-fluid thermal boundary interface in the CHT solver.

e Viscous wall On viscous walls the velocity components are explicitly set to
zero. If the wall is isothermal the temperature is imposed on wall nodes. The

corresponding residual of momentum equation is zeroed, as well as the residual
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on the energy equation in case of constant temperature wall. For adiabatic
walls no temperature is specified and no boundary flux is added to the energy

equation.

Subsonic pressure inlet Values of total pressure, total temperature, two flow
angles and turbulent quantities are specified at subsonic pressure inlets. To
calculate the boundary flux corresponding to these freestream conditions the
concept of a virtual node (Fig. 6.3). Virtual nodes are purely abstract, meaning
that they are not phyisically existing in the mesh. The boundary conditions
values are assigned to the virtual node and, based on these values, the flow vari-
ables in the virtual node are computed by extrapolation from the flow properties
at the boundary node. The boundary flux is then computed as in Eqn. (6.11)

between the dummy node and the boundary node.

Pressure outlet Boundary flux is calculated similarly than in the case of the
subsonic pressure inlet. For pressure outlet only the static pressure is specified.
The other flow quantities are again calculated by extrapolation from the fluid

domain.

Periodic Periodic boundaries in Hydra must be conformal: nodes on both sides
of the periodic boundaries are exactly matched. Indicating with p; and py two
corresponding periodic nodes on the two periodic boundaries, the residual is
ensured to be identical for both nodes and equal to the sum of the residuals in
the single nodes. This in practice corresponds to considering the two nodes as
a single node, belonging to a bigger control volume and ensures by definition

the periodicity of the solution.
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Figure 6.3: Virtual node v, boundary node b, internal node i.
6.3 Time discretization

Time integration of Eqn. (6.7) is carried out with an explicit time marching method
using the five step Runge-Kutta smoother of Martinelli (1987).

The solution at the time step Q7 is marched in time according to the follwing:

QY =y
QW =@ —ap ARV, k=1,..5 (6.18)

Q?—H _ Q§'5)

where the residual ng_l) 18:

R _ C’j(Q(.k_l)) B B](k—1)

J J

BV = 3D, (QF ) + (1 - 8B

(k=1)) g

The term Cj(QEk_l)) represents the advective residual on cell j and D;(Q;
counts for the dissipative terms, including numerical dissipation for the upwind dis-
cretization of convective fluxes. The used values for o and §; are shown in Tab. 6.1.

The advantage of this time integration method is due to the fact that dissipa-
tive fluxes are evaluated only in two of the five steps of the method, allowing for a

considerable amount of saving in terms of computational time. The time-step At; is
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k ay B

1 1

2 /6 0

3 3/8 14/25
4 /o 0

5 1 11/95

Table 6.1: Constants used for the 5-step Runge-Kutta time-marching.

calculated in each cell according to the local CFL condition based on local viscous
and dissipative characteristic wave speeds.

The time-stepping method described previously shows poor convergence when
used on viscous computations. The mismatch between convective speeds and sound
propagation speeds in the boundary layer cells increases the stiffness of the governing
equations, affecting the convergence rate.

Acceleration of the convergence rete and increase of the stability is achieved in
Hydra by modifying the local time-stepping using a block Jacobi preconditioner. Time

derivative term in Eqn. (6.1) is pre-multiplied by a preconditioning matrix such that:

P(‘l)% +V-F=0 (6.19)

The use of a preconditioner allows to reduce the unbalance between the eigenvalues
of the system in boundary layer flows, reducing the stiffness of the problem and
increasing convergence rate.

Further details on the preconditioner are omitted here as of limited interest in the
context of the CHT solver implementation. The preconditioner used in Hydra flow

solver is not used in the developed solid solver.
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6.4 Multigrid

Hydra makes also use of a Full Approximation Scheme (FAS) (Brandt (1980)) multi-
grid (MG) smoother to increase convergence rate.

Explicit time-marching methods are efficient in damping high frequency errors but
are not as efficient with low frequency ones (see Blazek (2005)). The use of multigrid
- solving the discretized system over a number of coarser grids - allows to transform
low frequency error modes on a fine grid to high frequency modes on a coarse grid
that can be efficiently damped by the Runge-Kutta time-marching. Residuals on a
fine mesh are transferred to a coarser mesh through a restriction step. The inverse
process (going from a coarse mesh to a fine one) is named prolongation.

The reader is referred to Moinier (1999) or Brandt (1980) for a more detailed
description of the MG implementation of the in Hydra. For the purpose of this
dissertation no other details are deemed to be necessary.

As will be shown in the following chapter, the solid conduction equation is equiva-
lent to the fluid energy equation with zero velocity, thus the multigrid algorithm used

in Hydra has been retained also for the solid solver.

6.5 Overview of Hydra workflow

After introducing all the relevant features of Hydra RANS solver, the internal work-
flow of the solver, showed in Fig. 6.4, will be discussed in this section. One solver
iteration is composed of a full multigrid cycle. At each grid level the Jacobian precon-
ditioner is calculated before the solution is marched in time using the Runge-Kutta
smoother.

The time-marching cycle starts with the calculation of the gradients and of dissi-
pative fluxes. These two steps, as mentioned in Sec. 6.3, are only executed at steps

1, 3 and 5 of the Runge-Kutta cycle. Inviscid fluxes are then added to the residuals,
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Figure 6.4: General workflow of Hydra solver.

as well as boundary condition fluxes. The addition of volume sources, for the cases
of interest in this thesis, only refers to the addition of turbulence volume sources
(i.e. production and dissipation terms). The residuals so obtained are then corrected
for periodicity and the solid walls boundary conditions are imposed as specified in
Sec. 6.2.3. Update of the solution is then performed, based on the nodes residual,
through Eqn. (6.18).

The developed conjugate solver retains the same structure of Fig. 6.4, but many

of its building functions had to be altered to accommodate for the CHT solution.
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Chapter 7

Extension of fluid solver to

Conjugate Heat Transfer solver

The simulation capabilities of Hydra have been extended allowing for a fully coupled
CHT simulation. The solid and fluid domains are merged in a single mesh and the
Fourier heat equation is marched in time in the solid domain using the same solver
that handles fluid equations.

The details of the implementation and the integration of the solid solver in the
original Hydra will be discussed in the present chapter, as well as the additional
features implemented to extend the present modeling capabilities of Hydra fluid solver

alone.

7.1 Governing equation and its discretization

Ignoring any heat transfer by radiation and volume sources of heat, the evolution of

the temperature field in a solid body is described by the heat equation in the form:

or
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where o = ¥/pc, is called thermal diffusivity of the metal, and k, p, C,, are the thermal
conductivity, density and thermal capacity respectively.

Considering the set of equations (6.1) to (6.5) it is easy to show that, when all
velocity terms u v and w vanish, the energy equation degenerates into Eqn. (7.1). This
allows the solution of the Navier Stokes and heat equations using the same solver.

A FV semi-discretized form of Eqn. (7.1) reads:

% + % Z V(aT), -AS; =0 (7.2)
The CHT solver uses the same discretization of dissipative fluxes for both fluid and
solid domains. Evaluation of the fluxes in Eqn. (7.2) is carried out as described in
Sec. 6.2.2. The solid thermal diffusivity « is evaluated locally, allowing to consider
temperature-dependent material properties and the presence of multiple solid blocks

with different material properties (e.g. Thermal Barrier Coating).

7.2 Solid domain time-marching

As described by He & Oldfield (2011) convective phenomena in the fluid domain and
diffusive phenomena in the solid domain have completely different time scales.
Time marching in the fluid domain is restricted by the CFL condition:

AtV

<1
Al’f

Similarly, performing a Fourier stability analysis on Eqn. (7.2) , using forward Euler

time-marching (see Hirsch (1988)), brings to:

At o

A <05
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This allows to calculate a typical ratio between the time-steps in the two domains.
In a typical near-wall region, where the convective flow velocity can be represented
by the speed of sound, and taking a typical grid spacing ratio Avs/az, = 1E3 ! it is

possible to obtain:
Aty
Aty

~ 1F9

As a consequence of the time-scale unbalance between the two domains a common
time-marching strategy between the solid and the fluid domains is unpractical. The
solid time marching uses the same Runge-Kutta method described in Sec. 6.3 but

with a local time stepping calculated as:

2
5,

At,, = Fo
@
Where Fo, the Fourier number, is taken as 0.4 and the cell characteristic length Aasgj
is taken as the smallest dimension of the cell.
Since the heat equation has no convective terms, the solver does not use any

pre-conditioning matrix for the time-marching in the solid.

7.3 Fluid-solid coupling strategy

At the interface between a fluid and a solid domain, when heat transfer is of interest,

two fundamental conditions have to be met:

(7.3)
q‘U)S = q.’qu

'For CHT flows in gas turbines the requirement of y* < 1 is the reason for the big disproportion
between solid and fluid grid wall spacing. This value has been obtained by taking as a reference the
values of grid spacing for the CHT case of Sec. 4.2.1.1.
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where the subscripts s and f indicate quantities at the solid and fluid side of the
interface respectively.

A correct solution of the CHT problem must thus be achieved by enforcing con-
tinuity of the temperature at the interface, as well as conservation of energy. Steady
CHT solvers can achieve this by means of different strategies (see Verstraete et al.
(2007)). Broadly speaking the coupling strategies can be grouped in two categories:
loosely coupled and strongly coupled methods.

Loosely coupled methods use a non-synchronous passing of boundary conditions
between the two domains as a coupling strategy. Commonly used coupling strategies
differ by the boundary conditions being passed between the two domains. The type
of boundary conditions passed and the frequency of communication have an effect
on the stability of the iterative procedure, as noted by Verstraete et al. (2007). A
possible loosely coupled strategy involves the fluid passing the wall heat flux -¢, to
the solid domain and the solid passing back the wall temperature T, to the fluid.

A typical iterative procedure would read like:

1. Solid T}, is applied to fluid wall

2. Fluid domain is marched in time using 7,

3. Wall heat flux ¢, from fluid solution is passed to solid domain
4. Solid domain is solved using wall g,, from fluid solution

5. A new wall temperature T, is obtained from the solid solution and the procedure

is repeated

This kind of approach does not strictly enforce Eqn. 7.3, it has a narrower sta-
bility region than a strongly coupled approach as noted by Giles (1997), and it is
characterized by a continuous lag between the conditions in the two domains due to

a non-synchronous update of the interface condition. A strongly coupled approach,
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on the contrary ensures a synchronous exchange of boundary conditions between the
solid and fluid domains and explicitly enforces continuity of temperature and heat
flux at the interface.

For these reasons a strongly coupled approach has been followed: the solid and
fluid domains are marched in time and at each time-step a synchronous update of the
thermal interface condition is performed.

The update of the thermal condition of interface nodes is carried out exclusively
by enforcing the conservation of heat flux and continuity wall temperature at the
interface. To ensure conservation of energy at the interface, the present CHT imple-
mentation requires the solid and fluid mesh to be conformal at the interface (i.e. each
solid wall node must have a single corresponding node in its same position the fluid
side of the CHT wall).

With this assumption, from Eqn. (7.3), evaluating the wall heat flux with a first order

finite-difference it is possible to obtain:

Ty —T, Ty, —T,
=k, 4
Any Ang (7:4)

ky

where Ty and T are the temperatures in the near-wall nodes on the fluid and solid
domain respectively and An; and An, are the distances of the nodes to the wall
(Fig. 7.1). Equation (7.4) is imposed also in the case of a solid-solid interface. This
allows to obtain a wall temperature 7T, that ensures continuity of temperature and
wall heat flux at the interface. The use of a strongly coupled implementation rep-

resents a fundamental departure from the loosely coupled CHT implementation in

Hydra developed by Lad (see Lad & He (2013)).
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Figure 7.1: Fluid-solid interface nodes.

7.3.1 Coupling strategy for corner nodes

The update approach described so far is however applicable only to wall nodes that
are directly connected to a near-wall node through an edge. Such nodes will be
referred to as planar nodes in the rest of this chapter. Nodes where this condition is
not respected will be referred to as corner nodes.

An example of corner node, labeled C, is shown in Fig. 7.2, surrounded by planar
nodes P; P, and Ps.

While the update in the planar nodes P; can be carried out using Eqn. (7.8) (e.g.
using temperature values in node 1 and 6 for P;), node C' is not directly connected
to its near-wall nodes 7 and 4. The 2D case illustrated in Fig. 7.2 is still simple and
a strategy can be thought to correctly identify that nodes 7 and 4 are the near-wall
nodes corresponding to node C'. However, working with an unstructured mesh it
is impossible to retrieve such information on more complex 3D corners. ? For this
reason corner nodes, when present, need to be treated separately with respect to
planar nodes. As the information on near-wall nodes is not obtainable, an update of
the wall temperature on corner nodes consistent with Eqn. (7.3) is not possible. It has

been necessary then to release the condition that wall heat flux should be continuous

2A list of all configurations mapped as corner nodes will be shown in Sec. A.1.
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Figure 7.2: An example of corner node situation.

in such nodes. The only condition imposed is the continuity of temperature. The

value of T, in corner nodes is updated based on:

7,- Y (7.5

1/,
i€l; /dl

where E; is the set of wall nodes connected to node C' and d; is the distance between
the corner node and node i. For each time step the value of temperature in corner
nodes is updated only after all planar nodes have been updated.

It must be stressed out that in many cases the presence of corner nodes can be
avoided through a careful blocking of the mesh. Particularly, all validation cases

shown in Ch. 8 do not use corner nodes.

7.4 Stability analysis

Stability analysis of the flow solver has been already discussed by Moinier (1999).
For this reason only the stability of the solid solver and of the solid-fluid interface

condition will be discussed.
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7.4.1 Solid solver

Considering a uniform hexahedral mesh, it is easy to show that the discretization of
viscous fluxes of Eqn. (6.17) reduces to a classic central second-order discretization
of the gradient. It can be shown (see Hirsch (1988)) that such numerical scheme is

stable for a Fourier number F':

(7.6)

where B is the extension of the stability limit of the time integration scheme over the
real axis.

For the used five stage RK scheme B ~ 9 (see Pierce & Giles (1997)). Considering
however that no influence of the boundary conditions is considered in this analysis and
that the space discretization is different for non-uniform grids, a conservative value

of 1 for the Fourier number has been used throughout the simulations performed.

7.4.2 Coupling strategy

The stability of the used coupling strategy of Eqn.(7.4) will be discussed in this
section, following the approach proposed by Giles (1997).

The analysis is focused on error modes that are propagating in the direction normal
to the wall interface. This is a reasonable simplification considering the nature of the
wall heat transfer. The analysis is thus carried out considering a 1D domain normal
to the wall. As a consequence of this, no convective terms are considered in the fluid
domain.

Under these assumptions the numerical system will be stable if:

Tn+1 Z ™" Tn+1 <

min min maxr — T max

(7.7)
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where T),;, and T,,,, are the minimum and maximum temperatures in the whole
domain (solid and fluid) and the superscripts n and n + 1 refer to two successive
timesteps.

If the conditions of stability of the solid and fluid time marching are respected, the
relations of Eqn. (7.7) are naturally satisfied in the two domains. It leaves to show
that the interface condition of Eqn. (7.4) is compatible with Eqn. 7.7,

Rearranging Eqn. (7.4) it is possible to write the wall temperature T, as:

ky mm+1 ks n+l
Anfo _'_AnSTS

Tt = (7.8)

ky ks
Ang + Ang

The updated wall temperature results from a weighted average of near-wall fluid and
solid temperatures. Since both TJ?“ and T satisfy Eqn. (7.7), the wall temperature
also will.

It is possible to conclude that the used form of strong coupling is stable, provided
that the time marching in the solid and fluid domains are stable as well. The same
conclusion can be drawn considering the presence of corner nodes as the temperature

update in these nodes is still determined through weighted averaging of nearby nodes.

7.5 Further implemented features

During the developing work on the CHT solver, additional features have been added

to Hydra:
e Tripped transition modeling
e Wall heat flux boundary condition
e Convective heat flux boundary condition

The original version of Hydra could only accept Dirichlet thermal boundary condition
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at solid walls (specified T},). The necessity to be able to model realistic turbine cooling
cases, where heat flux or convective heat flux boundary conditions are more suitable,
brought to the implementation of such capabilities.
The transition model was required because the NGV test case used to validate the
CHT solver showed transitional behavior on the suction side. Ensuring a correct
matching of the interface heat flux was necessary to successfully conclude the CHT
solver validation. To achieve this a tripped transition model was implemented.

The details of the implementation of these additional features will be discussed in

the following sections.

7.5.1 Tripped transition modelling

One of the validation tests of the conjugate solver has been performed on NASA C3X
nozzle guide vane (Hylton et al. (1983)). Flow around such NGV exhibits transitional
behavior on the suction side. Considering the profound influence of transition on the
wall heat flux, the inclusion of transition modeling in Hydra has been necessary to
successfully conclude the solver validation.

It should be clarified that the objective of the modeling strategy has been to be
able to correctly evaluate the heat transfer levels in the transition region for a case
where available experimental data, or empirical correlation, allowed to estimate, prior
to the CFD run, both the transition point and the length of transition region.

The implemented transition modeling strategy is based thus on a tripped transi-
tion approach, where the transition point F;, extension of laminar region L., and
transition length L;..,.s are specified as inputs by the user rather than being deter-
mined as part of the solution. This approach, although not general, revealed to be
quite accurate for the purpose and represents still, as pointed out by Denton (2010)
a typical approach when dealing with transition.

Turbulence closure in Hydra is achieved through standard eddy viscosity approach.
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Figure 7.3: Tripped transition modeling.

The turbulence model solves transport equations for turbulence variables, and from
these the local values of y; are obtained. As illustrated in Fig. 7.3, the used tripped
transition approach is based on isolating two regions of the fluid domain: a laminar
and a transitional one. The process of identification and mapping of mesh nodes
belonging to each of the two zones is performed in the preprocessing stages, based on
the user inputs.

Modeling of transition is achieved through the following:

e In the whole computational domain, including the laminar and transitional
sub-domains, the turbulence equations are solved as in a fully turbulent case,

allowing the calculation of the local values of 1
e If in the laminar region, viscous fluxes are calculated assuming p; = 0

e In the transitional region, viscous fluxes are calculated using a modified eddy

viscosity i, = r(t)us, where 0 < r(t) <1

In practice a gradual ramping of the eddy viscosity in the transitional region is per-
formed. The ramping coefficient r(¢) is function of the local non-dimensional stream-
wise coordinate (see Fig. 7.3) and can be seen as an intermittency-like parameter,
gradually bridging the laminar region to the fully turbulent one. The value of ¢ spans
from 0 to 1 from the beginning to the end of the transitional region. The details of

the form of the ramping function r(¢) are discussed hereafter.
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Uiniet 5.4 [m/s]

p 1.2 (kg/m?

1 1.8 x 1075 [kg/(ms)]
il 133 -]

Table 7.1: Boundary conditions for the T3A flat plate case.
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Figure 7.4: T3A test case: tripped transition modeling with linear ;; ramping.

Calibration of the ramping function r(¢) has been performed by comparison with
the T3A flat plate test case data obtained by Savill (1996) and Savill (1993)). Bound-
ary conditions for the T3A case are listed in Tab. 7.1. At first a linear ramping func-
tion of the kind r(¢) = t has been imposed. Figure 7.4 shows the resulting wall skin
friction coefficient C; against experimental data of Savill (1996). The extension of
the three specified sub-domains, laminar, transitional and turbulent is also showed.

Figure 7.4 shows that a linear ramping of the turbulent viscosity results in a non-
linear increase in Cy. The results were not considered satisfactory and a different

function r(t) has been sought with the aim of obtaining a linear-like increase in Cy

in the transition region, in line with the observed experiments.

To achieve this, from the simulation of Fig. 7.4 the values of C(t) in the transi-
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tional region have been extracted and C';(0) = Cy,,  and Cf(1) = Cy,,, obtained. A
non-dimensional C'¢(t) has then been calculated as:

al _ Cf (t) B Cfla'm

C(t) = 7.9
f( ) Cfturb - Cflam ( )

expressing the local relative increase in friction coefficient. Both r(t) and C(t) for
this linear ramping case are sketched in Figure 7.5(a). The problem has then been to
find a suitable ramping function, resulting in a linear C;(t).

This is a typical inverse problem where, based on a desired output (a linear C'(t)
increase), the corresponding input (r(¢)) has to be determined.

This inverse problem is non-linear, as the relation between r(t) and C4(t) is gov-
erned by Navier-Stokes equations. The study of solution methods for such kind of
problems is a whole research field in itself and the effort in approaching the problem
in a rigorous way was not justified in light of the approximation level of the transition
model itself. Here the following practical approach has been followed.

The behavior of the solution in Fig. 7.4 shows that, with a linear ramping r(¢), the
skin friction grows sharply at the beginning of the transition region and less towards
the end. To compensate for this behavior a non-linear r(t) was sought, having a
slower ramping in the starting region and increasing towards its end.

With the help of Fig. 7.5, it can be seen that an ideal candidate for the unknown
non-linear ramping function in Fig.7.5 has the shape that corresponds to the obtained
6f(t) for the linear ramping, but mirrored with respect to the first quadrant bisector.
The curve C'f(t) obtained using the linear ramping has then been mirrored, and non-
linear curve fitting has been performed to obtain an analytical function approximating

the mirrored curve.
o—41.35t _ ,4.68t

(7.10)

r(t) = 04135 _ ,4.68

Equation (7.10) is the final form of the ramping function used. A second test has
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Figure 7.5: Schematics of the linear and non-linear ramping.
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Figure 7.6: Final form of the ramping function used.
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Figure 7.7: T3A test case: tripped transition modeling with non-linear ;;; ramping.

been then performed on the T3A case. Results are shown in Fig. 7.7. With respect to
Fig. 7.4 a sharper discontinuity can be observed in the skin friction at the end of the
transition region. This is due to the steeper increase in y; in the non-linear ramping
case before the end of the transitional region. Besides this, a better agreement with
experiments was be observed and the trend of increase in Cf during transition is
captured with satisfactorily accuracy.

The used eddy viscosity ramping equation has been also tested on the MT1 NGV.

Results of the simulations are shown in Fig. 7.8.

7.5.2 Heat flux and convective thermal boundary conditions

Specifying the wall heat flux is equivalent to imposing the wall temperature gradient
(Neumann boundary condition). By using a first order approximation of the gradient

operator, the wall heat flux can be expressed as:

Tw - an

- (7.11)

Qw:k
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Figure 7.9: Specification of wall temperature gradient through near-wall nodes.

where the subscript nw refers to the near-wall node. This equation can be re-arranged

as:

Guwdn
k

Ty = Thw + (7.12)

with symbols as from Fig. 7.9. By using Eqn. (7.12), it was possible impose a wall
heat flux by performing an update of the wall temperature, thus requiring minimum
modification of the code.

Implementation of the convective boundary condition (also called third type or
Robin boundary condition) follows the same approach. In a convective thermal

boundary condition the heat transfer coefficient A and a driving temperature 7.y
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are specified. Wall heat flux is then calculated using Newton’s law of cooling as:
Gw = "MTrey — To) (7.13)

Using Eqn. (7.12) the wall temperature can be expressed as:

MTT@]‘ + an
T, = &
v h dn

—+1
k+

(7.14)

At each iteration the temperature in the wall nodes is updated using the temperature
in the near-wall nodes, according to Eqn. (7.12) for heat flux boundaries or Eqn. (7.14)
for convective heat flux boundaries.

The validation tests for the implemented boundary conditions are presented in

Ch. 8.
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Chapter 8

Validation of the implemented

solver

In this chapter the validation tests performed on the implemented solver will be
presented. The structure of the chapter reflects the procedure adopted to validate
the solver.

At first the aerothermal predictive capabilities of the original Hydra fluid solver
have been assessed on a flat plate flow for both laminar and turbulent regimes
(Sec. 8.2). This allowed to obtain a reference benchmark to judge the quality of the
validation results for the the implemented thermal boundary conditions, discussed in
Sec. 8.3.

The accuracy of the implemented solid conduction solver has then been analyzed.
Hydra results have been compared against the analytical solution of solid conduction
in a hollow cylinder as well as a finite element solution using ANSYS Mechanical on
a L-shaped beam. The results of the solid solver validation are discussed in Sec. 8.4.

Finally the CHT solver has been validated considering both a flat plate case and a
nozzle guide vane flow. The results of the flat plate calculations have been compared

with Fluent CHT results while for the NGV case, experimental data on the NASA-
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C3X cooled nozzle guide vane (Hylton et al. (1983)) have been used as a reference.
The results of the CHT validation are presented in Sec. 8.5.

Before discussing the results of the validations tests, the various boundary con-
ditions and computational domains used will be illustrated in the opening section of

the chapter.

8.1 Computational domains and boundary condi-
tions

In the following section the computational domains and boundary conditions used for
all the validation cases considered in the present chapter will be discussed.

At first the domains used for the fluid-only and CHT validations (i.e. flat plate
and C3X NGV) will be illustrated. This will be followed by the description of the
hollow cylinder and the L-shaped beam cases, used for the solid solver validation
tests.

A clarification on the computational domains used for the simulations presented in
this chapter is deemed necessary at this point. While all the performed simulations
refer to 2D cases (and will be treated as such in favor of clarity and brevity), the
developed CHT solver can only use 3D grids, as illustrated in Sec. A.1. For this
reason all the cases analyzed use a 3D mesh, obtained through prismatic extrusion of
a 2D grid, using zero-gradient conditions (symmetry and adiabatic for the fluid and
solid domains respectively) along the boundaries normal to the extrusion direction.
This allowed to model a 2D flow using a 3D domain. All final results have been

checked to exhibit no gradients in the extrusion direction.
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Figure 8.1: Computational domains and boundary types for the uncoupled and CHT Hydra flat
plate calculations.

8.1.1 Fluid and CHT studies
8.1.1.1 Flat plate

Flat plate calculations have been run both on the original Hydra fluid solver and the
implemented CHT solver. Fig. 8.1 shows the computational domains and the type of
boundaries used in both cases.

Table 8.1 shows the values of the boundary conditions for the various cases ana-
lyzed.

Two flow conditions, laminar and turbulent, have been considered with Re; =
5 x 10* for the laminar case and Re; = 5 x 10° for the turbulent case. As shown in
Table 8.1, two different values for the inlet total pressure have been used for laminar
and turbulent simulations respectively, while the outlet static pressure and inlet total
temperature have not been altered.

Table 8.1 reports also the imposed values of wall temperature, heat flux, HTC and
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Aero Boundary Conditions

Laminar  po;;, = 101326.5 [Pal
Turbulent  po;, = 101470.1 [Pal

Toin = 300 [K]  Pout = 101325 [Pa]

Wall Thermal Boundary Conditions

Constant T, Constant ¢, Convective BC
. h =10 [W/(m?K)]
L 10 |[K 2
aminar 310 [K] 75 [W/m? T, = 320 K]
h =40 [W/(m?K)]
Turbulent 310 | K 300 [W/m?
urbulen (K] [(W/m?] Ty — 320 [K]

Table 8.1: Boundary conditions used for Hydra flat plate calculations. The thermal boundary
conditions are applied on the flat plate wall for uncoupled simulations and to the plate’s
bottom wall for CHT cases.
driving temperature, for the three kind of thermal boundary conditions considered

on the flat plate case.

A clarification should be made concerning the thermal boundary conditions re-
ported in Table 8.1. For the uncoupled fluid-only simulations (Fig. 8.1(a)) such
conditions have been applied to the flat plate wall, while for the CHT computations
(Fig. 8.1(b)) the flat plate wall was treated as a CHT interface and the same thermal
boundary conditions were applied to the bottom wall of the flat plate solid domain.

The results of fluid-only flat plate validations tests are discussed in Sec. 8.3 while the

CHT flat plate validation is illustrated in Sec. 8.5.1, 8.5.2 and 8.5.3.

8.1.1.2 (C3X Nozzle Guide Vane

To validate the developed conjugate solver on a typical NGV flow, the NASA-C3X
cooled vane has been used as a benchmark. The vane is cooled using ten straight
cylindrical cooling holes. Experimental data from linear cascade tests available from
Hylton et al. (1983) have been used to validate the solver. The simulations have been
carried out on the midspan section of the cascade geometry.

Conjugate calculations have been performed on the computational domain of
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Figure 8.2: Computational domain and boundary types for the CHT simulations on C3X NGV.

Mout 0.9 []
Reou 1.5 x 106 [—]
Ty, 6.5% [—]
TR 0.7 [-]

Table 8.2: Flow conditions for the C3X experimental case No. 4311 (run 148) as from Hylton
et al. (1983).

Fig. 8.2 considering the flow conditions shown in Table 8.2, corresponding to ex-
perimental case No. 4311 in Hylton et al. (1983). The boundary conditions imposed
at the pressure inlet and outlet are summarized in Table 8.3. The inlet value for the
eddy viscosity ratio has been calculated considering the measured levels of T'u at inlet
(see Table 8.2) and assuming, in absence of measured values, a value of 5.0 x 1073 [m]
for the turbulent length scale. This value for the turbulent length scale has been also
assumed by Facchini et al. (2004) for the same geometry.

The wall surfaces of cooling holes have been treated as convective heat transfer
boundaries, where HTC and the driving temperature 7 have been specified for each

cooling hole. The measured values of the average temperature of the cooling air for
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Poin 2.45 X 105 [Pa

]
Toin 802.0 [K]
fe/ 1.0 x 103 [—]
Pout 1.43 x 10° [Pa]

Table 8.3: Boundary conditions imposed at inlet and outlet for the C3X validation case.

Hole # D [mm] C,[—] Repx10°[—] Nup[-] HTC [W/(m*K)| Ty [K]

1 6.30 1.118 1.55 292.1 1412.0 360.63
2 6.30 1.118 1.62 302.1 1460.5 360.63
3 6.30 1.118 1.60 299.3 1404.0 346.23
4 6.30 1.118 1.59 297.9 1415.9 352.50
5t 6.30 1.118 1.71 315.7 1465.3 341.41
6 6.30 1.118 1.62 302.1 1517.3 380.08
7 6.30 1.118 1.62 303.2 1441.2 352.47
8 3.10 1.056 1.04 201.1 2080.2 387.16
9 3.10 1.056 0.64 135.9 1495.1 421.81
10 1.98 1.025 0.47 102.9 1901.3 466.79

Table 8.4: Boundary conditions imposed at cooling holes for the C3X validation case. The
cooling holes numbers refer to Fig. 8.2.
each cooling hole have been used as T: these values are reported in Table 8.4. The

heat transfer coefficient for each cooling hole has been calculated using:

Nup = 0.022 C, Pr®®Re}® (8.1)

where Nup and Rep are the diameter-based Nusselt and Reynolds numbers respec-
tively, and C, is a constant accounting for entry effects in each of the cooling holes.
Values of Rep and C),. are available from experimental measurements and are reported
in Table 8.4 together with the corresponding values of Nup and HTC. The value of
the Prandtl number has been assumed as 0.7.

The solid domain has been modeled as made of ASTM 310 stainless steel as the

material used for the reference experimental test case. Unfortunately Hylton et al.
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p 7900 [kg/m3]
C 586.2 [J/ (kg K)]
k 18.1 [W/(m K)]

Table 8.5: Thermal properties of ASTM 310 from Facchini et al. (2004).

(1983) did not report any measured values of the thermal properties of the solid for
the particular blade used in the experiments. The used material properties are listed
in Table 8.5.

The results of the C3X NGV validation study are discussed in Sec. 8.5.4.

8.1.2 Solid conduction studies
8.1.2.1 Hollow cylinder

The first validation test performed on the solid conduction solver considered a hollow
cylinder subject to a fixed temperature gradient. The computational domain and
boundary conditions used are shown in Fig. 8.3.

The results of Hydra calculation have been compared with the analytical solution
for the same problem as well as with the results obtained using the FEM solver

ANSYS Mechanical. The results of this validation test are discussed in Sec. 8.4.1.

Tout=350 [K]

Tin=300 [K]

Rout=0-25 [m]

Figure 8.3: Computational domain and boundary conditions for the solid simulations on the
hollow cylinder case.
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8.1.2.2 L-shaped beam

A second validation test for the solid conduction solver has been performed on a
L-shaped beam subject to a temperature gradient. The computational domain and

boundary conditions used are shown in Fig. 8.4. Hydra results on this geometry

L=0.5[m]

le

Tout = 350 [K] kN

lem
Jnegelpy

Tin = 300 [K]

[wlso=H

M1 00€ = "L
DIl ose =L

Adiabatic
wall

—

T=0.1[m]

Figure 8.4: Computational domain and boundary conditions for the solid simulations on the
L-shaped beam case.

have been compared against ANSYS Mechanical FEM solution. The results of this

validation test are discussed in Sec. 8.4.2.

8.2 Preliminary Hydra fluid-only validation

The results of the validation of the existing Hydra flow solver for flat plate boundary
layer flow are reported in this section.
The grid used for the fluid-only calculations is the same grid used in the fluid

domain for the conjugate flat plate simulations (Fig. 8.13). The fluid domain has been
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Figure 8.5: Uncoupled calculations on laminar and turbulent boundary layer for constant T,
boundary condition: Nu comparison between Hydra, Fluent and the reference correlation.
discretized with around 1.6 x 10* nodes. The mesh resolution is of the same order
than the one used for the previously discussed Fluent flat plate calculations (Sec. 3.3)
and has been considered to be adequate for the scope of the simulation. Wall spacing
was chosen to obtain y* < 1 on the whole wall length. Following the same procedure
of Fluent validation tests on flat plate flow, the wall to mainstream temperature
difference has been kept as low as 10 [K] to reduce the effects of compressiblity due

to temperature gradients.

The results of the performed calculations are shown in Fig. 8.5 for both laminar
and turbulent flow conditions. As done for Fluent flat plate validation, laminar results
have been compared with Eqn. (3.3) (see Kays & Crawford (1980)), while Eqn. (3.4)
(Reynolds et al. (1958)) has been used as a reference for the turbulent case. Fluent
results under the same flow conditions have been also included as a benchmark.

Turbulent simulations have been performed only considering Spalart Allmaras
turbulence model as it was considered adequate enough for the cases considered and
it was of no interest at this point to study the effect of turbulence models on the

solution.
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The results of Fig. 8.5 show a very good agreement between Hydra results and
the reference correlations for both laminar and turbulent cases. For the turbulent
case it can be observed that Hydra gives a better accuracy compared with Fluent
with respect to the correlation of Eqn. (3.4). It can be also observed from Fig. 8.5(b)
that Hydra tends to underestimate the heat transfer levels for turbulent flow with
respect to Fluent. The differences in the turbulent predictions are to be attributed
to different implementation of the turbulence model between Hydra and Fluent.

As a final remark the results shown confirm a successful validation of Hydra flow
solver for a flat plate flow under isothermal wall conditions. This validation allowed
to assess the accuracy of the original solver and to evaluate the quality of the solution
obtained using the newly implemented thermal boundary conditions, to be discussed

in the following section.

8.3 Validation of implemented thermal boundary

conditions

8.3.1 Heat flux boundary condition

The same computational domain, grid and flow conditions of the previously shown
flat plate results, have been used to validate the developed wall heat flux bound-
ary condition described in Sec. 7.5.2. Also in this case both laminar and turbulent
flow regimes have been considered. As shown in Table 8.1 a constant heat flux of
75 [IW/m?] has been applied to the flat plate wall for the laminar simulations, while
Gw = 300 [W/m?] for the turbulent case.

The reference wall Nu has been calculated using Eqn. (8.2) for laminar flow and

Eqn. (8.3) for turbulent flow (Kays & Crawford (1980)).
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The results of the validation test are shown in Fig. 8.6. Hydra simulations are in
very good agreement with the reference correlations in both laminar and turbulent
cases, indicating a successful validation of the implemented boundary condition. Fur-
thermore by comparing Fig. 8.5 and Fig. 8.6 it can be seen that Hydra predictions
show similar discrepancy with the reference correlations under both constant temper-
ature and constant heat flux conditions: this allows to conclude that the implemented
wall boundary condition did not have a negative effect on the accuracy of the solver.
It is also worth mentioning that no change in the convergence rate of the solver has

been observed when using the implemented constant heat flux boundary condition.
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Figure 8.7: Uncoupled calculations on laminar and turbulent boundary layer for convective
heat flux boundary condition: Nu comparison between Hydra and Fluent.

8.3.2 Convective heat flux thermal boundary condition

According to the author’s knowledge, no experimental correlation, nor analytical
result is available to establish a reference case for flat plate flow under the convective
heat transfer conditions for given HTC and 7. For this reason Hydra results on
flat plate using the implemented convective heat flux boundary condition have been
compared only with Fluent calculations.

As shown in Table 8.1 a wall heat transfer coefficient of 10 [W/(m? K)| and a
fluid driving temperature Ty = 320 [K] has been applied to the flat plate wall for the
laminar simulations, while A = 40 [W/(m? K)] and Ty = 320 [K] for the turbulent
case.

The results of the CFD calculations are shown in Fig. 8.7. As was the case for the
constant heat flux cases, globally a good agreement between Hydra and Fluent results
can be seen, with the results of the laminar simulations showing an almost perfect
match. Is it worth noting how the difference between Hydra and Fluent Nu for the
convective heat flux boundary condition reaches a maximum around /3 of the plate

to decrease further downstream. This is different to what observed for the constant
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heat flux boundary conditions where the differences were increasing monotonically

with X. This different behavior can be easily understood from the following.

Consider an iso-heat flux simulation where ¢,, > 0 (heating of the flow) is imposed
at the wall. A lower Nu on the fluid side corresponds to a higher thermal resistance
of the flow, that will be picking up less heat for unit length, being ¢, constant.
This results in a cooler flow and this effect is additional, until thermal equilibrium is
reached (fully developed thermal boundary layer).

When imposing a convective boundary condition the wall heat flux becomes func-
tion of the same wall temperature. Figure 8.8 shows the wall temperature distribution
for Hydra and Fluent flat plate calculation using the Robin thermal boundary con-
dition. In both cases the wall temperature at the start is practically the inlet total
temperature. This is due to the extremely high values of flow HTC at the flat plate
leading edge. Hydra solution evolves with a cooler wall due to the higher thermal
resistance of the flow but this corresponds also to higher level of wall heat transfer
compared to a hotter wall case. The increased heat flux level counteracts the higher
flow thermal resistance and is the cause of the observed trends in the differences in
T, and Nu for Hydra and Fluent solutions under convective heat transfer boundary

condition.
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Figure 8.9: Grid used for the cylinder solid conduction problem.
8.4 Solid solver validation

This section will illustrate the results of the two validation test performed on the solid

solver: the hollow cylinder and the L-shaped beam.

8.4.1 Hollow cylinder

For the hollow cylinder test case the computational domain of Fig. 8.3 has been
discretized with 30 radial nodes. The computational mesh used is shown in Fig. 8.9.
Considering steady conduction in the solid, the analytical solution of the heat

transfer equation on the considered domain reads:

T(r)=Aln(r)+ B (8.4)

with A = 97.88 and B = 485.69 considering the boundary conditions for the specific
case considered (shown in Fig. 8.3).

The validation of the solver has been performed comparing Hydra results with
the above mentioned analytical solution as well as with the Finite Element solution
obtained using ANSYS Mechanical. Figure 8.10 shows the result of such comparison.
A perfect agreement can be observed between Hydra and the two benchmark cases

considered.
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8.4.2 L-shaped beam

For the L-shaped beam case, the computational domain of Fig. 8.4 has been dis-
cretized with 2000 nodes. The resulting grid is shown in Fig. 8.11.

For this case Hydra results have been only compared with ANSYS Mechanical
solution. The results of this validation test, showing the solid temperature contours
near the corner region are shown in Fig. 8.12. A perfect agreement between the two
solutions can be observed, concluding successfully the validation of the implemented

Hydra solid solver.

8.5 Conjugate Heat Transfer solver validation

In this section the CHT validation tests performed on the flat plate domain will be
discussed. Particularly in Sec. 8.5.1 the validation tests performed using an isothermal
condition on the flat plate bottom surface will be illustrated, followed by the iso-heat

flux cases (Sec. 8.5.2) and the convective heat flux cases (Sec. 8.5.3). Fluent CHT
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Figure 8.11: Grid used for the corner solid conduction problem.
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Figure 8.12: Comparison of temperature contours in the corner region of the L-shaped beam:
Hydra solid solver and ANSYS Mechanical.
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simulations will be used as a benchmark to compare with Hydra results in all the
considered cases.

All calculations are performed using the boundary conditions of Table 8.1. The
computational domain, shown in Fig. 8.1(b), has been discretized with 15000 nodes
for the fluid domain and 7500 nodes in the solid domain. A global view and a detail

of the mesh in the leading edge area are shown in Fig. 8.13.

)
0.005 0.01 0.015
X[m]

(b) Detail

Figure 8.13: Grid used for the flat plate CHT calculations.
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8.5.1 Flat plate with constant temperature at the bottom

wall
8.5.1.1 Laminar case

The comparison between Hydra CHT and Fluent CHT simulation on laminar flow
on flat plate is shown in Fig. 8.14. The figure shows the temperature contours in the
fluid and solid domains for the whole extension of the boundary layer (Detail-1) as
well as for a close up in the leading edge region (Detail-2), where most of the thermal
gradient in the solid is present. When looking at Fig. 8.14 the reader should note
that the contour plot scales are different for the Detail-1 and Detail-2 regions.

The agreement between Hydra results and Fluent results is very good for the
considered case with both simulations resulting in an almost identical thermal field
both in the fluid and solid domains.

As a further comparison of Hydra and Fluent results, Fig. 8.15 shows the wall
temperature distribution for both solvers. As expected from the previous results a
very good agreement is found.

For this case only a further investigation on Hydra CHT results is performed
to check that the implemented CHT solver does actually enforce continuity of wall
temperature and heat flux at the fluid-solid interface. Figures 8.16 and 8.17 show
respectively the absolute value of the wall heat flux and the wall temperature as seen
from the fluid-side and solid-side of the CHT wall. The absolute value of the heat
flux is taken as a positive heat flux for the solid side is seen as negative by the fluid
side and vice versa. The results confirm that continuity of temperature and heat flux

is retained at the CHT interface.
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Figure 8.14: Flat plate CHT calculation, constant T, case, laminar flow, thermal field in both
the fluid and solid domain: comparison between Hydra CHT and Fluent.
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Figure 8.17: Continuity of wall temperature at fluid and solid side of the CHT interface.

8.5.1.2 Turbulent case

The results of the turbulent flat plate calculations with constant wall temperature on
the bottom of the flat plate wall are shown in Fig. 8.18. Also in this case a close up
to the leading edge of the flat plate (Detail-2) has been performed to highlight the
temperature field in the region.

The comparison of the wall temperature distribution predicted by the two codes
is shown in Fig. 8.19. It can be observed that Hydra results predict a marginally
warmer wall temperature than Fluent. This is consistent with the lower Nu predicted
by Hydra for turbulent simulations (see Fig. 8.5(b)).

As was for the laminar case previously shown, a very good agreement can be
observed between the implemented solver and Fluent: this applies to both the fluid

and solid thermal fields as well as the predicted wall temperature distribution.
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Figure 8.18: Flat plate CHT calculation, constant T, case, turbulent flow, thermal field in
both the fluid and solid domain: comparison between Hydra CHT and Fluent.
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8.5.2 Flat plate with constant heat flux at the bottom wall

8.5.2.1 Laminar case

Figure 8.20 shows the thermal field in the fluid and solid domains for the laminar
flow case. Differently from the constant temperature simulations, the temperature
gradient in the solid domain spreads throughout the length of the flat plate for the
analyzed constant heat flux condition. The resulting wall temperature distribution is
shown in Fig. 8.21.

Also for this case it can be concluded that Hydra results are in very good agreement

with Fluent predictions.

8.5.2.2 Turbulent case

The results of the turbulent case for imposed heat flux on the bottom of the flat plate
are shown in Fig. 8.22, illustrating the thermal fields in the solid and fluid domain
as predicted by Hydra CHT solver and Fluent. The wall temperature distribution is
shown in Fig. 8.23.

A very close match between Hydra and Fluent predictions can be observed also
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Figure 8.20: Flat plate CHT calculation, constant ¢, case, laminar flow, thermal field in both
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for this case.

8.5.3 Flat plate with convective heat flux
8.5.3.1 Laminar case

Figure 8.25 shows the comparison between the thermal field in both fluid and solid
domains as predicted by Hydra and Fluent CHT calculations. The resulting wall
temperature distribution are plotted in Fig. 8.25. The two solvers show very similar
temperature predictions in both cases considered, similarly to the previously analyzed

cases.
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8.5.3.2 Turbulent case

Finally, in Fig. 8.26 are shown the temperature contours in the flat plate and external
boundary layer in the case of turbulent flow when convective boundary condition is
applied to the bottom wall of the plate. In Fig. 8.27 the corresponding wall temper-
ature distribution is plotted.

Similarly to what was seen in the previously shown comparisons, a very good

agreement between Hydra and Fluent is observed.
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thermal field in both the fluid and solid domain: comparison between Hydra CHT and Fluent.
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8.5.4 (C3X nozzle guide vane

The computational domain and boundary conditions used for the C3X validation test
have already been discussed in Sec. 8.1.1.2. This section does illustrate the results of

the validation, together with the preliminary mesh dependency study performed.

8.5.4.1 Mesh dependency

Two grids have been considered for the mesh dependency study: a coarse mesh with
75 x 103 nodes (60 x 103 fluid and 15 x 10® solid nodes) and a fine mesh with a total of
125 x 10® nodes (100 x 10? for the fluid domain and 25 x 10? for the solid). Figure 8.28
shows a view of the coarser mesh used. It should be noted that the topology of the
mesh is such that each cooling hole is surrounded by an O-mesh block, and the same
solid-fluid interface is meshed with an O-grid on the fluid side (corresponding to the
boundary layer O-grid) and one on the solid side. This allows to control the skewness
of the near wall nodes on both sides of the CHT interface and on the cooling holes as
well as to avoid the use of corner nodes (see Sec. 7.3.1) for this validation case.

Figure 8.29(a) shows the non-dimensional static pressure distribution on the profile
using the two grids. Both mesh densities predict the same pressure distribution.

In Fig. 8.29(b) the wall non-dimensional HT'C is shown. Such non-dimensional

HTC is defined as:
HTC G

_ 8.5
HTCref HTO'ref (T(]m - Tw) ( )

where HTC,..; = 1135[W/(m? K)]. This representation of the wall heat flux has been
chosen in line with the way experimental data used for the validation are reported
in Hylton et al. (1983). The quantity on the abscissa should be intended as the
distance from the leading edge (positive on the suction side, negative on the pressure
side), non-dimensionalized by the pressure side and suction side lengths respectively.

Both meshes used result in almost the same wall non-dimensional HTC distribution,
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Figure 8.28: Mesh used for CHT calculation on C3X NGV.

indicating mesh independent results for the grid used.

It should be noted how the boundary layer on the C3X vane exhibits transitional
behavior on the suction side. This is highlighted by Hylton et al. (1983) and clearly
shown in the experimental results that will be presented in the next section. In
order to capture such transitional behavior and predict correctly the heat load in
the transitional region, the implemented transition modeling presented in Sec. 7.5.1
has been used. Figure 8.29(b) shows the extension of the laminar and transitional
regions on the suction side. The transition point, extension of the laminar region and
transition length have been chosen to match the observed boundary layer behavior.

Figure 8.30 shows the temperature distribution in the solid domain for both grids
considered. The temperature contours are in very good agreement, confirming the

grid independency of the considered results.
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Figure 8.29: Mesh dependency study for C3X NGV: pressure distribution and wall
non-dimensional HTC.
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Figure 8.30: Mesh dependency study for C3X NGV: solid temperature distribution.
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Figure 8.31: Results of the aerodynamic validation on the C3X NGV.

8.5.4.2 Validation results

In Fig. 8.31 the computed pressure distribution is compared with experimental data
at midspan of the test cascade. No particular differences can be observed.

Before discussing the results of the thermal validation tests it is worth outlining the
procedure used by Hylton et al. (1983) to obtain the wall heat flux from experimental
data. The test cascade was only instrumented with thermocouples to obtain the
distribution of wall temperature on the blade. A FEM model of the midspan profile
was then generated and the thermal field in the solid was obtained through a numerical
solution on a 200 nodes grid, imposing convective boundary condition on each of the
cooling holes as described in Sec. 8.1.1.2. The wall heat flux was then obtained from
the FEM solution and non-dimensionalized using the experimental wall temperature
distribution. In the following discussion all references to experimental heat flux data
have to be considered as being obtained through the above-described methodology.

In Fig. 8.32 the comparison between experimental non-dimensional HTC and Hy-
dra predictions is shown. The experimental uncertainty on HTC values increases
towards the trailing edge as the relative uncertainty on the geometrical definition
of the blade increases with respect to the decrease of blade thickness (intended as

distance from the cooling hole wall to the airfoil).
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Figure 8.32: Results of the thermal validation on the C3X NGV: wall non-dimensional HTC.
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Figure 8.33: Results of the thermal validation on the C3X NGV: non-dimensional T;,.

Figure 8.33 shows the non-dimensional wall temperature distribution predicted by
Hydra CHT computations and that measured experimentally. The uncertainties on
the wall temperature measurements are estimated by Hylton et al. (1983) to be of

the order of +1 [K].

Both the HTC and wall temperature distributions indicate the presence of tran-
sition on the suction side as explained previously.

The wall temperature distribution as predicted by Hydra is in very good agreement
with experiments exception made for the stagnation point region where differences
of about 15 [K] are seen between Hydra and experiments. Globally a satisfactory

agreement is seen.
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As far as HTC predictions is concerned (Fig. 8.32) Hydra results are in very good
agreement in the leading edge region but tend to overestimate the heat transfer levels
after the LE on both pressure side and suction side. The trends are nonetheless
matched extremely well.

It is in the author beliefs that a main factor for the cited differences between
Hydra results and experiments is the uncertainty on the material conductivity. The
authors of the experimental report only mention an assumed uncertainty of 3% for
the thermal conductivity of the material but give no indication of its average value.
This is particularly vague considering, by assuming a typical variation of the thermal
conductivity with temperature as proposed by Wlassow et al. (2010), variations of
15% of k can be observed in the range of temperature present in the investigated case.

Nonetheless, considering the relative numerical and experimental uncertainties,
the results of Fig. 8.32 and Fig. 8.33 show that a reasonably good agreement is found

between experimental data and Hydra CHT computations.

8.6 Final remarks

The validation tests performed on the implemented CHT solver have been presented.
At first a preliminary validation of the existing Hydra flow solver has been performed
on a simple flat plate case. This allowed to estimate the quality of the solution under
the newly developed boundary conditions, ensuring that same levels of accuracy were
retained when imposing heat flux or a convective boundary conditions at a solid wall.

The developed solid solver has been validated against analytical solution on a
hollow cylinder as well as against FEM solution for a L-shaped beam. The solid
solver showed a perfect match with the reference cases.

Hydra CHT solution for a boundary layer case has been obtained using all the

three available thermal boundary conditions (constant temperature, constant heat
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flux and convective heat flux, as implemented) for the bottom wall of the flat plate.
Both laminar and turbulent flow conditions have been analyzed. Fluent CHT calcu-
lations have been taken as a reference for the considered flat plate CHT calculations.
For all the analyzed cases the predicted wall temperatures were in agreement with
Fluent predictions by less than 1% error.

Finally Hydra CHT solver has been validated against experimental data on the
NASA C3X NGV. Considering the inherent experimental and numerical uncertainties
a very good agreement has been achieved, comparable with other validation results
available in the open literature on the same case (see Wlassow et al. (2010), Facchini

et al. (2004) and York & Leylek (2003)).
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Chapter 9

CHT analysis of a cooled nozzle

guide vane

The present chapter shows the results of a CHT analysis, using the developed code,
of a 2D cooled NGV. The geometry of the NGV is derived from the C3X blade
used to validate the code through the insertion of a trailing edge cooling slot. The
analysis will be focused on discussing the effect of CHT on the cooling design and
flow characteristics.

The first section of the chapter will describe the trailing edge cooling design,
followed by a discussion on the similarity conditions necessary to obtain engine rep-
resentative results. In Sec. 9.3 the computational domain and boundary conditions
used will be described followed by the grid independency study in Sec. 9.4. Finally the

results of the simulations will be discussed in Sec. 9.5, followed by the final remarks.

9.1 Description of the trailing edge cooling

In his review Bunker (2013) highlighted the possible advantages obtainable through
the adoption of micro cooling techniques as opposed to conventional macro cooling in

terms of reduction of cooling mass flow and thermal stresses. The distinction between
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macro and micro cooling is not clear-cut and is mainly related to the possibility to
manufacture the cooling features through investment casting and the possibility that
such passages will get obstructed by external particles. In very general terms the
purpose of micro cooling is to substitute the traditional bulk internal cooling and
discrete film cooling ejection with a distributed cooling system of smaller dimensions,
and to bring the cooling flow closer to the external surface of the airfoil.

Despite the amount of patents available on micro-cooling designs, this kind of tech-
nology is far from an industrial use due to to poor technological readiness, nonetheless,
it is certainly appealing due to its possible advantages over conventional cooling de-
signs as highlighted by Bunker (2013) and constitutes an interesting research path
for future directions in advanced engine cooling technology (Xu et al. (2015)).

One of the most diffused micro cooling concepts is the double-wall or near-wall
cooling (Kvasnak et al. (2003), Kingery et al. (2015), Ekkad et al. (1999), Mao et al.
(2007), Ieronymidis et al. (2010)). In this kind of system cooling passages are moved
in a thin gap between the external wall of the blade and the internal one. The internal
cavities of the blade are then used only as plenums to supply air to the double-wall
cooling system. An example of double-wall cooling design is presented in Fig. 9.1.

Due to the low coolant mass flow per cooling passage, the vicinity of the passage
itself to the heat source and the distributed nature of such cooling design, it is of
interest to understand the different performances of a double-wall cooling system un-
der adiabatic and CHT conditions. For this reason the C3X NGV has been equipped
with a double-wall trailing edge cooling system that has been purposely designed and
is shown, with the relevant dimensions in Fig. 9.2. The figure shows also in red, a
schematic of the coolant flow paths together with a legend for teh used subscripts.

The trailing edge cooling system has two inlets that discharge to three film cooling
holes on the pressure side and five inlets discharging on the trailing edge slot for the

pressure side cooling. The relevant non-dimensional dimensions of the cooling system
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Figure 9.1: Example of double-wall cooling scheme from Kvasnak et al. (2003).

are summarized in Table 9.1.

The non-dimensional spacing between the cooling features has been chosen in line
with the few papers found on double-wall cooling designs (see Land et al. (2010)
and Mao et al. (2007)). The choice of using a value of the wall thickness of 1 mm
comes from the fact that the original design of the C3X NGV has a chord of roughly
14 em (see Hylton et al. (1983)), roughly twice of a realistic aero-engine NGV. It

has thus been considered that the cooling design was scaled by 2:1 with respect to

Diys/T 1 [
Sips/ Dips [
Dyps /T 1 -]
SfPS/Dfps 7 H
a 60 [°]
Diss/T 1 H
Siss/ Diss 3.5 -]
T 1 [mm]

Table 9.1: Summary of dimensions of the trailing edge cooling design. Symbols are explained
in Fig. 9.2.
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Subscripts:
ips = inlet pressure side
iss = inlet suction side

fps = film pressure side

Figure 9.2: Scheme of the trailing edge cooling design with relevant dimensions and main
coolant flow paths (red).
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an hypothetical real engine-sized design with a dimension of 0.5 mm for the wall
thickness. Thus the used 1mm in the scaled model. A wall thickness of 0.5 mm for
the outer wall of the engine-sized NGV has been considered realistic as suggested also

by Bunker et al. (2004) in his analysis of a double-wall cooling design.

9.2 Similarity conditions

The performed simulations have been run at low temperature conditions - as the ones
performed for the validation case shown in Sec. 8.5.4 - to have realistic Reynolds
number, Mach number and temperature ratio considering the scaled geometry.

For this reason the value of the thermal conductivity used in the solid domain had
to be chosen carefully, to make sure that Bi, the Biot number for the simulated cases
would match the one at engine realistic conditions. It is in fact well established the
importance of matching Bi when CHT effects are of interest (see Albert et al. (2004)
and Ramachandran & Shih (2015)).

Particularly, starting from a simple 1D thermal analysis of a typical cooling
configuration, Dyson et al. (2014) show how the overall cooling effectiveness ¢ =
(Too — Tw)/(Too — T.) is dependent on both the Biot number and the ratio h./h,
between external and the plenum-side HT'Cs. The two issues of matching those two
quantities will be presented in the following sections.

Matching of the external Biot number (Bi in what follows) will be illustrated in
Sec. 9.2.1, followed by a discussion on the problems in matching as well the internal
Biot number (Sec. 9.2.2). By internal Biot (Biiyernat in what follows) the author
refers to the Biot number based on the HTC in the double-wall internal cooling
passages, from the coolant inlet to its exit. In Sec. 9.2.3 the issue of matching the
ratio he/h, will be presented. The reader should note that h,, the HTC on the plenum

walls, should not be confused with the internal HT'C that is part of the definition of
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Bzinternal .

9.2.1 External Biot number matching

The Biot number Bi represents the ratio of conductive thermal resistance in the solid

and the thermal resistance of external convection process. It is defined as:

(9.1)

where h, is the external HTC and k; is the thermal conductivity of the solid material,
L is a conveniently chosen length scale, usually taken as the metal thickness as it is
a representative length for the conduction process.

Matching of Bi from test to engine conditions requires that:

2 he he, .
Bitest = Biengine — Lk e = e (92)

Stest Sengine

where the geometrical scaling of the test model has been already considered.

The two convective heat transfer coefficients h and h can be expressed

€test €engine

considering their respective Nusselt numbers. Equation (9.2) becomes then:

Nutest kf Nuengine kf i
test — engine 93
y (9.3

Stest Sengine

Matching the external flow Re, Pr and T'R ensures matching of the flow Nu. This

allows to express the solid conductivity at test conditions as:

kg .
kstest = kftestM (94)

engine

Equation 9.4 shows how, as long as the Nu similarity is respected, the solid con-

ductivity scales with the ratio of the air conductivity at engine and test conditions.
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Considering Tp;,, = 1600 [K] as engine representative, and a temperature of 800 [K]
for test conditions, evaluating air conductivity at these temperatures using data from

Kadoya et al. (1985) a value of:

ks, ~ 14.0 [W/m — K] (9.5)

Stest —

is obtained. This value for the thermal conductivity of the solid domain has been
used throughout the analysis. The values of the solid density and specific heat have
been kept identical to the values used for the validation cases (see Tab. 8.5) as in any

case they do not influence the steady state thermal field.

9.2.2 Internal Biot number matching

It is of interest to discuss also whether the used solid thermal conductivity allows to
match as well the internal Biot number.
For Binternar the same reasoning applied in the previous section can be used,

leading to the following relation:

N interna kc
Bimternal = Utk—l (96)

where the subscript ¢ refers to coolant conditions now, rather than to external flow
and the subscript s refers to the solid.

From Eqn. 9.6 a first problem regarding the difficulty of matching the internal
Bi on a complex cooling design is clear: the internal Nusselt number depends on
the layout of the cooling system. In a case like the present, where the suction and
pressure side cooling systems have different features, a single Nnternes may be hard
to define, as such exact matching of the internal Bi on both cooling systems becomes
impractical.

Assuming that a single functional relation of the kind of Eqn. (9.7) can be sought
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for an average Nujpternas the problem can be simplified. Under this assumption,
matching the internal Nu requires matching the corresponding coolant Reynolds
number. This considers that the Prandtl number Pr is largely invariant between
test and engine conditions (Albert et al. (2004)) and the temperature ratio TR is

identical in the two cases.

Nuinternal - f(Reinternala Printernala TRinternal) (97)

The internal Reynolds number can be defined as:

(pU>C D — BR (pU)e:Jcternal D
He e

(9.8)

Reinternal =

considering that the mass flow in the cooling channel (pU). is related to the vane
mass flow through the blowing ratio BR. Finally, from the external Reynolds number

definition Recyterna = ((pU )ewternal L) / Pexternal, the internal Re can be expressed as:

BR R external Hexterna D
Re'mternal = Ceat L Heat l (99)
freL

Given that the external Re is matched between engine and test conditions, as is the
ratio of relevant dimensions, matching of the internal B depends on matching the

following quantities:

e BR

® [external /,U/c

o k./ks

It appears, and this is confirmed in the results of Sec. 9.5.1, that the blowing ratios are
closely coupled with internal heat transfer and do depend on (and in turn influence)

the internal Bi. However, as shown in Sec. 9.5.1, the dependence of blowing ratios
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appears to be mild for the present case and they can be considered to be matched
within engineering approximation as long as the coolant pressure ratios are identical
between test and engine conditions.

For what concerns the matching of the viscosity (ferternai/tte) and conductivity
(k./ks ) ratios, when high flow to coolant temperature differences are of interest,
both the viscosity and conductivity variations with temperature depart from a linear
behavior. As such both the ratios pesternar/ e and k./ks cannot be identical between
experiments and test conditions if the temperature ratio has to be matched as well.

Given the practical difficulty to match the internal Biot number, as explained,
it is worth trying to quantify, in a very approximate way, the extent and possible
implications of this mismatch for the present case. A precise quantification is in
fact not simple as the effect of a different viscosity ratio on Biyterna depends on
the functional dependence of Reé;niernar on Nu (Eqn. (9.7)). This function has been
assumed at the beginning of this analysis to be unique but in fact, given the present
cooling design, the pressure side and suction side cooling cannot have the same kind
of dependence of Nu on the relevant non-dimensional quantities. In theory there are
two distinct internal Biot numbers that should be matched: one for the pressure side
cooling and one for the suction side. This said, based on the available correlations
and engineering considerations, an approximate estimate of the Bi;,serne mismatch
on the more critical of the two cooling systems can be obtained.

Given the shielding provided by the film, it is expected the pressure side cooling
system to be less influenced by CHT effects than the suction side slot. This is con-
firmed by the results discussed in Sec. 9.5. As such, a mismatch in the internal Bi on
the pressure side is less influential than a mismatch on the suction side cooling. For
this reason the following discussion will be aimed at giving an approximate value for
the Bi mismatch on the suction side slot.

Average Nusselt numbers in internal cooling passages with impingement are nor-
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mally correlated to a power of the jet Reynolds number: Nuiternat = f(ReL iernats )
(e.g. Florschuetz et al. (1981)), where the value of the exponent n depends on the
particular correlation/cooling configuration.

From the previous discussion it is possible to express the ratio between the internal

Biot number at test and experimental conditions as:

(9.10)

(B'élnternal)T ~ [(“ezﬁ:nal)T] !

1 Hext l
(lenternal)E ( ezjcrna )E

Given the length of the trailing edge slot, and the relative low impingement effect
due to high cross flow from the most upstream suction side coolant inlet (1551 in
Fig. 9.3), an average Nu for the suction side cooling can be calculated considering
it as a simple straight cooling channel. Typically used for turbulent flow in straight
channels is the Dittus-Boelter correlation (Dittus & Boelter (1985)), correlating the
Nu with Re8.

Considering the values of the solid thermal conductivity at engine and test condi-
tions as from Sec. 9.2.1, evaluating air properties at the respective relevant tempera-

tures and using n = 0.8, Eqn. (9.10) can be evaluated as:

(Bilnternal) T

~1.3 9.11
(Bilnternal) B ( )

Due to the impossibility of correctly matching both the internal and the exter-
nal Biot numbers, the internal Bi results in being approximately 30% higher in the
test conditions than at engine realistic temperatures. This, in general terms, means
an increased ratio between the conductive and the convective thermal resistance of
the coolant flow, decreasing the internal cooling heat pickup with respect to engine
conditions.

Quantification of the effect of such mismatch (and confirmation of its magnitude)

of the internal Biot number on the predicted overall cooling effectiveness is outside
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the scope of this chapter. Drawing further conclusions on the implications of the
impossibility to match Bij,terna is not possible also as, to the author’s best knowledge,

no relevant papers on the topic are available in the open literature.

9.2.3 External to internal HTCs ratio matching

In the performed computations the plenum is a boundary for the domain and HTCs
on its walls can be specified as boundary conditions. Differently from the double-
wall internal cooling passages, where the wall Nu is linked to the flow solution, the
possibility to impose h as a boundary condition allows to to ”decouple” the Nusselt
number from the Reynolds number. As such one can think of the specified wall HTC
as resulting from a flow in the plenum that has matched Re with engine realistic
conditions.

If the Reynolds numbers are matched, in order to match the ratio h./h, between
the external HTC and the HTC at the plenum walls, it is sufficient to match the
ratio ky, /ky, between the thermal conductivity of external flow and of the coolant
(see Albert & Bogard (2013)).

Considering the case Tp;, = 1600 [K] and T, = 720 [K] as engine realistic and
Toin = 800 [K] and T, = 360 [K] ! a value of:

<kfe>
he k i/ engine
— T engine 4 (9.12)

ks
v ()
is found.
This mismatch is only due to the non-linear dependence of air conductivity with
temperature and, as such, is common to all experimental and numerical analyses

involving low temperature scaling. Using the same approach described in Albert &

Bogard (2013), considering the value of the external Biot number for the present

IThis value is an average value for the coolant temperature on all the internal cooling holes.
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case, it is possible to estimate the maximum difference in cooling effectiveness A¢p =
Gengine — Prest deriving from this mismatch as being A¢ ~ 0.01. Such A¢ translates
in a < 1 K wall temperature difference when scaling the overall effectiveness value to

obtain engine-realistic wall temperature.

9.3 Computational domain and boundary condi-
tions

The computational domain and type of boundary conditions used for the external
flow are identical to the one used in the C3X validation (see Fig. 8.2). All solid walls
have been modeled as viscous walls. All walls standing at a fluid-solid interface have
been considered as conjugate interfaces except for adiabatic simulations.

Differences are related to the cooling system of the blade. In Fig. 9.3 a legend of
the internal cooling walls and inlets is shown. All cooling holes (1-7 in Fig. 9.3) are
modeled as convective walls, as well as the trailing edge plenum (P in Fig. 9.3). The
feeding inlets for the pressure side film cooling (ipsl and ips2 in Fig. 9.3) and for the
trailing edge slot (issl to iss5 in Fig. 9.3) are modeled as total pressure inlets. The

total pressure in each of these holes has been tuned to:

e obtain blowing ratios as even as possible for the three film cooling holes,

e allow an even discharge by all five inlets on the trailing edge slot.

Two flow conditions have been analyzed corresponding to two different outlet

isentropic Mach numbers:

. = 0.9 low Mach number case (denoted as LM in the remaining of the

iSout

chapter),

= 1.1 high Mach number case (denoted as HM in the remaining of the

iSout

chapter).
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Figure 9.3: Legend for the boundaries of the computational domain.

The external flow conditions of the LM case correspond to the same conditions of
the validation case presented in Sec. 8.5.4 while the conditions for the HM case have
been taken from experimental case No. 5411 in Hylton et al. (1983).

For each of these flow conditions the pressure in the cooling inlets has been varied
to obtain two sets of Blowing Ratios (BR) in the film cooling and trailing edge slots.

The two blowing ratio cases will be referred to as:
e LBR for the low BR case
e HBR for the high BR case

In the LBR cases a coolant to mainstream mass flow ratio of about 3% (1% for
the impingement, 2% for the film cooling) was achieved. The HBR cases brought
the coolant mass flow ratio to about 6% (2% for the impingement, 4% for the film
cooling). This was roughly independent of the external flow conditions. The mass

flow ratios achieved by the present design were quite high given the scope of cooling

172



Mout 0.9 [_] L1 [_]
Re;, 0.4 x 10° [—] 0.5 x 10° [—]
Tup, 6.5% [—] 6.5% [—]
TR 0.7 [-] 0.7 [-]

Table 9.2: Flow conditions for the LM and HM cases.

LM HM
Poin 2.45 x 10° [Pa] 3.11 x 10° [Pd]
Toin 802.0 [K] 798.0 [K]
1/ 1 1.0 x 10 -] 1.0 x 103 []
Pout 1.43 x 10° [Pa] 1.55 x 10° [Paq]

Table 9.3: Boundary conditions imposed at inlet and outlet for the LM and HM cases.

only the trailing edge region, but it has not been possible to obtain lower values
without having hot gas ingestion in the film holes.

The conjugate simulations will be labeled as CHT', the adiabatic ones as AD.

Flow conditions for the LM and HM cases are summarized in Table 9.2. The
relative inlet/outlet boundary conditions are shown in Table 9.3. The boundary
conditions imposed at the pressure inlet and outlet for are summarized in Table 9.3.

In Table. 9.4 the total pressures at the trailing edge cooling inlets are expressed as
pressure ratios PR defined as: PR = poin,,y,,,/Poin for the two blowing ratio cases.

For all the analyzed CHT cases the convective boundary conditions imposed on
the cooling holes from 1 to 7 in Fig. 9.3 are identical to the convective boundary
conditions assigned on the same holes for the C3X validation case (see Table. 8.4).
The values of h and Ty imposed on the plenum walls (P in Fig. 9.3) are discussed in
the following.

As the trailing edge cooling geometry has been created substituting the last three
cooling holes of the original C3X case, the value of T for the plenum has been taken

as the mass-weighted average of the coolant temperatures for holes 8 to 10 in the
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PRy 0.7[-] 0.9[]
PR 0.7[-] 0.85[-]
PRisss 0.7[-] 08[]
PR 0.7[-] 08[]
PRisss 0.675 [-] 0.75 [-]
PRips 0.9[—] 1.05[]
PRips 0.85[—] 1.0 []

Table 9.4: Pressure ratios at inlet of trailing edge cooling inlets for the LBR and HBR cases.

original C3X case, corresponding to Ty = 411.7 [K].
The coolant HTC on the plenum has been determined using the correlation pro-
posed by Humble et al. (1951) to calculate Nu in smooth pipes (shown in Eqn. 9.13).
Ty

Nu = 0.034(Re)*S(Pr)®4 (T—w)o'% (9.13)

The Reynolds number Re in Eqn. 9.13 is based on the hydraulic diameter of the
pipe and considers the bulk coolant velocity (based on the bulk temperature 77)
but uses the density and viscosity calculated at the wall temperature. For this case,
considering the shielding provided by the film cooling it has been assumed that in
all cases T,, = Ty. The values of Nu have been obtained assuming a value of the
coolant Mach number in the plenum M = 0.1. Given an average total pressure in the
plenum (taken as an average of the pressure ratios shown in Table. 9.4) the obtained
h values are shown in Table 9.5. It should be noted that, despite the same pressure
ratios for coolant flow are used between the LM and HM cases, these have different
inlet total pressures, and this results in four different values for HTC at the plenum
walls. It is worth highlighting that this should not be considered an inconsistency
when comparing the results as indeed a different wall HTC in the plenum would be
expected if a full conjugate analysis (including also flow simulation of the internal

cooling passage) was to be carried out.
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LBR HBR

LM 388.9 [W/m? 495.7 [W/m?]
HM 471.9 [W/m?] 601.4 [W/m?]

Table 9.5: Values of HTC imposed at the plenum wall for all analyzed CHT cases.
9.4 Mesh dependency study

As discussed in the previous chapter, the developed CHT solver can only handle 3D
domains. For this reason the 2D geometry examined has been extruded in the normal
direction and meshed using symmetry boundary conditions on the surfaces normal to
the extrusion direction. The node counts that will be reported hereafter refer to the
number of nodes of a single 2D section, not to the nodes on the whole 3D mesh.

Two grid densities have been considered: the first one having 400k and the finer
one having 700k nodes. The mesh refinement has been mainly concentrated on the
trailing edge region (and so the discussion about the mesh dependency tests) as the
C3X runs performed on the case used for the solver validation allowed to establish
a baseline mesh density for the present case. A comparison of the two grids used is
shown in Fig. 9.4.

As the magnitude of gradients and the general flow features in the internal cooling
region and in the solid are not expected to undergo drastic changes between all the
analyzed cases, the mesh requirements for all of them would be to all practical extents
identical in those regions. The choice of the test case for the mesh dependency tests
fell on the HM-HBR-CHT case as the high Mach flow condition set the highest
requirement in terms of external flow grid due to the presence of shocks, absent in
the LM case.

In Fig. 9.5 the Mach number contours on the two grids analyzed are shown.
Figure 9.6 shows the temperature contours in the trailing edge region obtained using

the fine and coarse grids. In Fig. 9.7 the wall temperature distribution obtained on the
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Figure 9.4: Details of the coarse and fine grids used for mesh independency tests.

coarse and fine grids are shown. All the results shown confirm the grid independency

of the analyzed case.

9.5 Results

The simulations performed will be analyzed aiming to discuss the differences in the
cooling performance and external aerodynamic flow characteristics between adiabatic
and CHT solution.

In Sec. 9.5.1 the differences in the coolant flow main discharge characteristics will
be analyzed. Section 9.5.2 will present a discussion of the film development on the
pressure side through traversing at different distances from the ejection points as well
as a traversing of the boundary layer on the suction side. Section 9.5.3 will present

results regarding the wall shear on the previously analyzed traversing locations.
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Figure 9.5: Mach number contours for the HM-HBR-CHT case on the coarse and fine grids.
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Figure 9.6: Temperature contours for the H)M-HBR-CHT case on the coarse and fine grids.
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9.5.1 Coolant discharge characteristics

In this section the differences in relevant coolant non-dimensional quantities at the
coolant ejection holes between adiabatic and conjugate will be analyzed. Figure 9.8
shows the nomenclature adopted in the following to identify the discharge holes. The

quantities analyzed are:

Blowing ratio:

Br - PDcp (9.14)
(pU)Out
e Momentum flux ratio:
2
I = % (9.15)
(pU )Out
e Density ratio:
DR = P¢P (9.16)
POut
e Velocity ratio:
U,
VR =L (9.17)
UOut

where C'D refers to the coolant discharge cut plane (F'1, F2, F3 and S in Fig. 9.8)
and Out to the pressure outlet of the computational domain. The choice of using the
outlet rather than the inlet to non-dimensionalize the quantities has been done as
outlet values are more representative of the local conditions at the coolant discharge
planes. The quantities appearing in Eqgs.(9.14) to (9.17) are mass-averaged values
over the respective cut sections.

Table 9.6 presents a summary of all the discussed non-dimensional parameters for
all the adiabatic simulations performed (both for HM-LM and LBR-HBR condi-

tions). The percentage differences that will be discussed in the following are referred
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Figure 9.8: Nomenclature used for the coolant ejection holes.

to these values and calculated as:

AD - CHT
—_— X

Perc. dif f. = 1D

100 (9.18)

Figures 9.9 and 9.10 show a summary of the percentage differencesin DR, VR, BR
and [ between adiabatic and CHT cases for LBR (blue) and HBR (red). Figure 9.9
refers to the high subsonic external flow (LM) case, while Fig. 9.10 refers to the
transonic external flow (H M) conditions.

The percentage differences for all examined quantities show the similar trend of
decreasing between the most upstream film cooling hole F'1 to the last F'3. This
is to be expected as the foremost cooling hole is exposed to the highest heat load
from external flow, while the others are shielded by the first one. This is particularly
true for the H BR conditions, where the higher blowing ratio of the first film cooling
hole (still not lifted from the wall surface as seen in Fig. 9.6) allows for an increased

thermal protection to the downstream part of the blade.
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(a) Film cooling discharge 1: F'1

LM HM
LBR HBR LBR HBR
BRpy 029 069 030 0.71
Iy 0.04 020 0.04 0.19
DRy 2.19 248 248 2.77
VRp 0.13 027 0.12 0.26

(b) Film cooling discharge 2: F2

LM HM
LBR HBR LBR HBR
BRpo 035 091 040 0.93
I 0.07 035 0.08 0.32
DRy 1.97 239 228 2.67
V Rpo 0.17 038 0.16 0.35

(¢) Film cooling discharge 3: F'3

LM HM
LBR HBR LBR HBR
BRps 0.57 081 0.59 0.83
I3 0.17 033 0.16 0.30
DRps 224 224 248 249
V Rps 026 037 023 0.33

(d) Trailing edge slot discharge: S

LM HM
LBR HBR LBR HBR
BRg 0.52 091 0.76 1.04
Is 0.16 046 0.35 0.62
DRg 177 1.83 1.65 1.73
VRg 0.30 050 0.46 0.60

Table 9.6: Values for the coolant parameters at discharge sections for the adiabatic
simulations.
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From the comparison of Fig. 9.9 and Fig. 9.10 it can be seen that similar conclu-
sions can be drawn between the LM and HM cases. Marginally lower percentage
differences can be observed in the HM cases with respect to the LM and this is
consistent with the slightly higher coolant mass flow ejected at film cooling locations
for the HM cases (see BR values in Table 9.6 as a reference).

The density ratio shows a positive percentage difference at F'1 for all cases. This
is consistent with the lower density expected at the cooling hole exit for the conjugate
case with respect to the adiabatic one. A maximum of about 5% DR difference is
observed for the LM — LBR case. Interestingly the LBR cases show a negative DR
difference, meaning that the average density at the cooling hole outlet is higher for
the CHT case than the adiabatic one. The reason for this result at low blowing ratio
is explained considering the following.

Figure 9.11 shows that, contrarily to what happens at H BR conditions, a mild
ingestion of hot gas happens in the second film cooling hole F2, with some of the
hot gas from upstream passing the exit plane of the cooling hole. The reason of the
higher average density at F'2 seen in the adiabatic case is due to the fact that, despite
for the CHT case the coolant ejected is warmer, the hot gas ingested has a lower
temperature than the adiabatic case, with the second effect prevailing on the first one
on the average density at F'2.

The reason for the higher temperature of the ingested hot gas in the adiabatic
case is explained considering the film effectiveness of the first film cooling hole. At
low blowing ratios the first film works at around BR = 0.3 and a momentum flux
ratio I = 0.04 for all cases. An analysis of the film effectiveness of the film (Fig. 9.12)
reveals that the film coverage drops quite rapidly downstream of the wall. As the
adiabatic effectiveness decreases the temperature of the wall gas approaches the one
of the external flow in the adiabatic case. For the C'HT case, however, even if the

coverage of the film is mild, the effect of impingement behind the blade wall lowers the
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(a) LM-LBR case (b) LM-HBR case

Figure 9.11: Streamlines at the second film cooling ejection hole F2 for the LBR and HBR
cases. In red for the LM-LBR case is the limiting streamline between external hot gas and
coolant flow.
temperature of the blade and of the external flow to values lower than the adiabatic
case. For this reason the ingested flow revealed to be cooler in the C HT case than in
the adiabatic. This effect is not seen for the H BR case as the upstream film coverage
is extended due to the increased BR and also there is no ingestion in £'2 as shown in

Fig. 9.11(b).

Smaller differences are observed for the F'3 discharge section in all analyzed cases
due to the protection offered by the upstream film.

The trailing edge cooling slot S section features the highest variations of density
ratio, about 7% for the LM — LBR case. This is expected due to the length of the
internal cooling slot, increasing the heat pickup of the coolant.

As a result of the decreased DR, the coolant exit velocity is increased at both F'1
and S for the CHT cases. Both the LM and HM flow conditions see a difference of
about —6% at F'1.

The highest difference in VR at the trailing edge discharge is observed for the
HM — LBR case, showing a —4% difference between adiabatic and CHT conditions

The differences in density ratios and velocity ratios contribute to the different
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Figure 9.12: Adiabatic film effectiveness for the first film ejection, LM -HBR case.

blowing ratios (BR) and momentum flux ratios (I). Particularly the LM — LBR
case features a 3% lower blowing ratio in the adiabatic case than in the CHT case

and a 8% lower momentum flux ratio.

9.5.2 Boundary layer traversing

Traversing of the film cooling flow and the boundary layer at the suction side has been
done to see the impact of CHT on the velocity and pU distributions on the boundary
layer flow. Importance has been given to pU cuts as displacement thickness has a
relative higher importance on losses than momentum thickness for compressible flows
as highlighted by Denton & Xu (1990).

Traversing of the film cooling flow has been made at four different sections to
evaluate the effect of CHT on the film development. The position and the extension
in the normal direction of the traversing cuts is shown in Fig. 9.13 together with the
suction side traversing section SS. The cuts have been made on planes normal to the

local wall direction.
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Figure 9.13: Positions and extension of film traversing cuts.

The results of the film cooling and suction side traversing are discussed separately

in the next sections.

9.5.2.1 Film cooling traversing

Figures 9.14 and 9.15 show the distributions of U in all the four film traversing
positions for both HM and LM external flow conditions with low film blowing ratio
(LBR) and high blowing ratio (H BR) respectively.

The low blowing ratio cases show, specially at T'1 and T2, almost no trace of
the film jet, as a result of the low momentum flux ratio of the ejected film at these
conditions. The film jets are more visible in Fig. 9.15, that refers to high film blowing
ratios. Generally very little differences can be observed in the velocity distributions
between adiabatic and CHT conditions for all the cases. Interestingly the higher
differences are seen at T'1 in the upper part of the boundary layer. Those differences,
observed at all conditions are to be ascribed to the different pressure side boundary
layer profile developed upstream of the first cooling hole.

Figures 9.14 and 9.15 show the distributions of pU in all the four traversing po-

sitions for both HM and LM external flow conditions with low film blowing ratio
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Figure 9.14: Distributions of U through the four traversing cuts 7'1, 72, T3, T4 for the
LM — LBR and HM — LBR cases.
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(LBR) and high blowing ratio (HBR) respectively. Each plots indicates also the
relative difference in the boundary layer mass flow rate between the adiabatic case
and the conjugate one.

As expected, due to the density changes in the boundary layer, the pU distri-
butions show much more differences than the velocity field alone. The differences
are prominent at the first cut 71, and tend to shrink as the film develops. This is
a consequence of the fact that the shielding provided by the upstream film cooling
rows, in this configuration, is such that downstream of the first ejection, virtually no
differences can be observed between a CHT and an adiabatic case.

The differences in the pU profiles show that, where CHT effects are relevant, the
CHT boundary layer has always a thicker mass flux profile, with differences close to
3% at T'1. This corresponds to a 3% lower displacement thickness that certainly has
a positive impact on the local profile losses, since they depend, on transonic blades,
linearly on the displacement thickness as described by Mee et al. (1992). In this view
the effect of CHT on profile losses increases as the portion of the profile interested by

different density boundary layer increases.

9.5.2.2 Suction side boundary layer traversing

Figure 9.18 shows the velocity and pU profiles in the late suction side boundary layer
cut SS for both LM and HM flow conditions under low and high blowing ratios.
While for the LM case the differences in the velocity field are limited, the high
Mach number case shows fuller velocity profiles for the C'HT' cases with respect to the
adiabatic. It has to be noted that the S\S cut has been done on the very late suction
side, very close to the trailing edge that in the HM case is subject to recompression
shocks. The position of the suction side traversing cut with respect to the trailing
edge shock is illustrated in Fig. 9.19(a), while in Fig. 9.19(b) the superimposed Mach

number flood lines for the adiabatic and CHT simulation in the HM-H BR case are
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Figure 9.16: Distributions of pU through the four traversing cuts 7'1, 72, T3, T4 for the
LM — LBR and HM — LBR cases.
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Figure 9.17: Distributions of pU through the four traversing cuts 7'1, 72, T3, T4 for the
LM — HBR and HM — HBR cases.
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Figure 9.18: Distributions of U through the suction side traversing cut SS for the LM — LBR,
LM — HBR, HM — LBR and HM — HBR cases.

shown.

From the results of Fig. 9.19(b) it is possible to notice that the influence of CHT
on the TE shock seems to have a strong impact on the velocity distribution in the
plane of the suction side traversing. The reduced static pressure of the ejected coolant
at the trailing edge in the CHT case can give a first explanation of this effect. Despite
the higher total pressure due to heat addition and the corresponding lower density,
the increased U in the SS cut plane seems to overcompensate these effects giving a
1% reduction in static pressure of the ejected coolant in the CHT case compared to
the adiabatic. This has been found in both LBR and H BR conditions.

The author believes, however, that a more detailed analysis of the effects of CHT
on the trailing edge shocks for the present case cannot be carried out in the context
of steady RANS. If it is true on one side that the trailing edge shock system is heavily
influenced by the base pressure and coolant discharge (Sieverding (1982), Saracoglu
et al. (2013)), so that a CHT effect may be effectively observed, it is also true that

flow physics at the trailing edge is dominated by unsteady phenomena that steady
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Figure 9.19: Details of the position of SS cut with respect to the TE shock and the
differences between adiabatic and CHT trailing edge Mach number contours. The results
shown refer to HM-HBR case.
calculations cannot account for (Vagnoli et al. (2015)). On this issue, Ning & He
(2001) show that the base pressure as predicted from steady RANS can be markedly
different from the time-averaged base pressure obtained from unsteady calculations.

Figure 9.20 shows the pU distribution in the SS cut plane. Differently than for
what seen on the pressure side cuts, the high blowing ratio case shows the highest
differences, with a mass flow defect up to 3% for the LM case, in the high blowing
ratio conditions. This is obvious as to a higher coolant mass flow in the trailing
edge passage corresponds an increase of wall heat flux and a higher departure from
the adiabatic case. This is opposite to what happens on the film side where to
higher BR correspond a bigger thermal shielding of the wall. A more heavily film
cooled external surface is closer to the adiabatic behavior, while the opposite holds

for internally cooled walls, where the impact of CHT is potentially higher.
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Figure 9.20: Distributions of pU through the suction side traversing cut SS for the
LM — LBR, LM — HBR, HM — LBR and HM — HBR cases.

9.5.3 Wall shear stress

Calculation of the wall shear stress distribution on the entire wall surface has not
been possible due to post-processing limitations. A discrete data sampling in the
boundary layer traversing points has been performed. The results of the analysis are
shown in Fig. 9.21.

Differences in wall shear stress are negligible in all the film cooling traversing.
With the higher differences at T'1, as expected from the previous discussion on the
effect of film coverage.

The late suction side point shows the highest differences, with the C HT cases for
both the LM conditions showing an increase of 20% in wall shear stress with respect
to the adiabatic simulations. These results suggest that effect of wall temperature on
the near wall boundary layer, showing a higher near wall gradient is greater than the
corresponding decrease in viscosity with the lower wall temperature, bringing to a

considerably higher wall shear stress in the C'HT' case. This trend of increasing wall
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Figure 9.21: Local values of wall shear stress at the positions of boundary layer traversing 7'1,
T2, T3, T4 and SS (see Fig. 9.13) for the LM — LBR, LM — HBR, HM — LBR and
HM — HBR cases.

shear stress with the reduction of wall temperature is confirmed also by the results
of Fig. 4.18.

The shear results at HM conditions show much higher differences in the SS shear,

up to 50%. These differences are, as it is possible to infer from Fig. 9.19(b), localized

to the shock region and should not be considered representative of the late suction

side boundary layer.

9.6 Discussion and final remarks

The chapter focused on the evaluation of the effects of conjugate heat transfer on a

double skin cooling design under matching external Biot conditions.

The effect of CHT on the film cooling discharge conditions has been examined

together with external flow development through traversing in four sections on both

pressure and suction surfaces.

The results show that the effects of CHT on the analyzed geometry are limited to
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the first row of film cooling and to the trailing edge ejection slot: the regions more
exposed to the thermal load of external gas.

The film cooled pressure side and the internally cooled suction side show opposite
behavior in relation to the CHT effect on the coolant and external flow. Increased film
cooling reduces the CHT effect as it increases the thermal shielding of the wall, while
increased internal cooling leads the wall condition to depart more from the adiabatic
state.

The boundary layer traversing show that, where the effect of CHT is more no-
table, differences in local flow density can lead to a reduction of local boundary layer
displacement thickness. On the contrary the increase of near wall velocity gradient
results in higher wall shear stresses. The two things are expected to have opposite
effects on the blade profile losses.

Analysis of the boundary layer flow show that the pU profiles are more sensitive
to wall temperature variation than velocity profiles alone. Though small, the effect
of wall temperature on U is such that the near wall velocity gradient is altered,
resulting in non-negligible differences in wall shear in regions where the CHT effect
is more significant.

From the results it seems clear, however, that the analyzed cooling passages are
markedly over-sized with respect to what a micro-cooling system should provide in
terms of the cooling mass flow ratio. In the interest of coolant flow economy, an
ideal micro-cooling system with ”continuous” film cooling ejection would be designed
to limit the interactions between cooling holes and this was not the case for the
chosen design. Due to the cooling layout chosen for the pressure side cooling it has
been impossible to analyze a configuration with lower blowing ratios, resulting in less
interaction between the coolant jets, without resulting in hot gas ingestion.

Despite the results shown suggested a weak influence of CHT on film cooling

performance parameters, the author believes that potentially higher differences may
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be expected in a more realistic configuration with stronger flow thermal interaction
between successive film cooling holes. Also, in a configuration with a ”full-coverage”
film ejection, the eventual added effects of the single, even small, differences in film
blowing ratios may sum up to change the total cooling mass flow ratio by a non-

negligible amount.
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Chapter 10

Conclusions

10.1 Effect of 7, on HTC and aerodynamics

In the first part of this thesis the effect of wall temperature on the convective heat
transfer coefficient and the link between aerodynamics and heat transfer in high
pressure turbines has been investigated through computational analyses using steady
RANS both on 2D and 3D NGV configurations.

The results highlight the coupling existing between between the aerodynamic and
thermal fields. Effects of the wall temperature on shock displacement, secondary
flows, wall shear, transition point and passage mass flow rate have been observed.

Variations of HT'C with wall temperature have been studied using a conventional
two-point method as a finite-difference operator to obtain local values of HTC at
a defined temperature. The external heat transfer coefficient showed non-uniform
spatial dependence, highlighting the connection between local flow history and the
heat transfer coefficient. The effect of T}, has been shown to increase in prominence as
the boundary layer develops on the blade surface. In a 3D flow the regions dominated
by secondary flows showed to have a higher dependence of HT'C on wall temperature.

The introduction of non-fixed transition and its sensitivity on wall temperature for
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state of the art transition models, have been shown to exacerbate the limitations of

a linear scaling for heat transfer.

10.2 Non-linear HTC scaling method

The shown connection between aerodynamics and heat transfer and the fact that HTC
does depend on the thermal boundary condition through the local flow history, does
question the conventional approach that the Nusselt number can be scaled globally
with respect to the wall to freestream temperature ratio (TR), accounting only for
the variations of air properties at different temperatures.

The conventional approach of uniform scaling of Nu with TR has been shown to
be inadequate in accounting for the local dependence of HTC on T,,. As a result
the author proposed a new method of scaling the wall heat flux accounting for a
non-linear variation of wall heat flux with wall temperature. The method can be
seen as a three-point curve fitting of heat flux curve and represents a fundamental
departure from the commonly used two-point method. If the wall temperature has
an effect on HTC, the two-point method can be used only to obtain values of h at
a specific temperature: the three-point method allows instead to scale the heat flux
over a range of wall temperatures.

The proposed three-point method proved to be more accurate in scaling the heat
flux at different wall temperatures with respect to the usual assumption of a linear
behavior of Newton’s law of cooling. It has also been shown that the adoption of
such method could be beneficial for the stability of loosely coupled iterative methods
where transition is present and a traditional two-point method scaling would result
in non-physical values for HT'C. The method has been recently adopted by other
authors to account for HTC dependence with T, (see Zhang & He (2014), Liu et al.
(2015), Liu et al. (2014), Lavagnoli et al. (2014), Caloni & Shahpar (2015)) and
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has been integrated in Rolls-Royce thermal analysis methods, proving to be more
effective than a traditional linear scaling of the heat flux in loosely coupled conjugate
calculations (Caloni & Shahpar (2015)).

Despite the improvement given by a non-linear scaling tool for the wall heat flux,
the acknowledgement that the local flow history does impact the HTC calls directly
for the need of Conjugate Heat Transfer (CHT) if accurate temperature predictions

are sought.

10.3 Implementation and development of a CHT
simulation environment

For this reason fully-coupled steady CHT capabilities have been developed and im-
plemented in Rolls-Royce Hydra CFD solver. Since the CHT implementation is fully-
coupled, the solid and the fluid domains are simultaneously marched in time in the
same solver, handling both domains at the same time. This requires no iterations
between numerical solution of the solid and fluid domains alone with continuous ex-
change of boundary conditions between the two. The fully-coupled implementation
ensures also the unconditional stability of the solver. The interface between the solid
and the fluid is handled internally by the solution process ensuring conservation of
energy and continuity of temperature.

Implementation of the CHT capabilities required the development of a pre-processor
to manipulate the solid and the fluid grids and generate the relevant mesh connectiv-
ity, allowing for a coupled solution. The implemented pre-processing tool merges the
solid and the fluid grids, connects the interface points and retrieves for each node at
the fluid-solid interface its connected near-wall node, needed for the CHT coupling.
Due to the nodal based data structure of Hydra finite volume method, the coupling

strategy and the pre-processor have been designed to handle also wall nodes that
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do not have a direct connection through an edge with near-wall nodes. Such nodes,
referred to as corner nodes, are treated separately from the other fluid-solid inter-
face nodes in the CHT update process. Such differentiation between corner nodes
and other CHT wall nodes has been showed to have no detrimental effect on the
unconditional stability of the solver.

Constant heat flux and convective boundary conditions have been added to the
solver, including a fixed point transition model with ramping of the turbulent viscos-
ity in the transition region. Such implementations were needed to have the possibility
of running simulations under more realistic boundary conditions than originally avail-
able, and to correctly model the wall heat flux in the transition region typified in the

case of the NASA C3X NGV used for validation.

10.4 CHT solver validation

The implemented boundary conditions have been validated against flat plate solu-
tions and CFD solutions obtained with a well established commercial software. The
predictions of wall heat flux using the developed fixed-transition model have been
validated against experimental data for transitional boundary layer on flat plate.

The modifications made to Hydra to handle the thermal solution of the solid
domain have been validated against analytical solution of a thermal field in a hollow
cylinder and against FEM solution of a L-shaped beam under a temperature gradient.
The validation results showed a perfect match between the obtained results and the
reference cases.

Validation of the CHT solver has been performed against Fluent results. Two
cases have been taken as a reference for validation: flat plate flow and a typical NGV
flow. In the flat plate cases both laminar and turbulent flows were examined. The

bottom wall of the flat plate has been subject to: constant temperature, constant heat
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flux and convective boundary conditions. For all the analyzed cases the predicted wall
temperatures were in agreement with Fluent predictions by less than 1% error.

The validation test on a NGV flow has been performed against conjugate exper-
imental data on the NASA C3X NGV. Considering the inherent experimental and
numerical uncertainties a very good agreement has been achieved, comparable with

other validation results available in the open literature on the same case.

10.5 CHT evaluation of a double-wall trailing edge
cooling system

The implemented solver has been used for a CHT evaluation of a double-skin trailing
edge cooling design under matching external Biot number conditions. This was done
to analyze the possible effect of CHT on the coolant and external flow field with
respect to adiabatic conditions. The design has been analyzed under two blowing
ratio conditions and considering high subsonic and transonic external flow cases.

The proposed cooling layout for the trailing edge has 3 film cooling ejection holes
on the pressure side and an internal cooling channel with trailing edge ejection for
the suction side. The results showed that the effects of CHT are prominent where the
shielding of the film is lower. The regions that are more exposed to the thermal loading
of external flow (the first row of cooling holes and the trailing edge slot) showed to
have higher differences in coolant discharge characteristics as a consequence of coolant
heat pick-up.

As a consequence of this, the external flows on the pressure surface and suction
surface sides showed to have opposite behaviors concerning the effect of an increased
blowing ratio in the respective cooling channels. An increase of the film blowing ratio
caused the external flow conditions to approximate more closely the adiabatic state.

The opposite has been observed for the internal suction side cooling, where increased
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blowing ratio increased the CHT effect on external flow.

Traversing of the external flow at different positions has been performed, showing
that where the effect of CHT is prominent, differences in local fluid density can lead to
a reduction of local boundary layer displacement thickness. This is expected to have
a beneficial effect on profile losses. On the other hand the different flow density is
shown to have an impact on external aerodynamics, increasing the near wall velocity
gradient and resulting in higher wall shear stresses, with a negative impact on losses.

It is interesting to note that to a cooler wall corresponds a higher shear stress
despite the reduction of viscosity with temperature. This supports one of the key
points of this thesis: that the wall temperature impacts the aerodynamics and the
effects of the wall thermal boundary condition should not be accounted for by just

considering the variation of fluid properties with temperature.

10.6 Future works

The computations carried out for the first part of this thesis have been performed
using state of the art, widely validated, commercial software. All the relevant nu-
merical sensitivity studies have been performed, aiming to assess the reliability of the
calculations in the context of a typical RANS environment. This said, as pointed
out in Sec. 2.3, the accuracy of numerical simulations of turbomachinery flows, spe-
cially when heat transfer is of interest, is strongly dependent on the reliability of the
considered turbulence/transition model and the hypotheses they are based on.

One of the key issues with traditional RANS modeling (common to the studies
performed in this work) is the assumption of a constant turbulent Prandtl number.
This assumption has been shown to be not always valid (see Sec.2.3) and certainly
contributes to the general uncertainty of heat flux modeling in RANS.

Transition modeling, despite the improvements of latest developed turbulence
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models, is far from being a tool of general validity. This is particularly true if the
effect of wall temperature on bypass transition is investigated: an issue on which very
scarce, if not any, knowledge exists in the first place and for which currently available
transition models have not been validated against.

The author believes the issue of HTC dependency with wall temperature in high
pressure turbines is of great engineering relevance and strongly hopes the present
contribution will contribute to the general awareness of the scientific community
on the issue. Particularly, considering the shortcomings inherent to RANS turbu-
lence/transition modeling relevant to the issue, the author would like to emphasize
the importance of well-conditioned experimental data to back up and validate the
findings of this work. These works should go both in the direction of confirming
the observed non-linearities of wall heat flux with wall temperature and deepening
the understanding of the aero-thermal interaction in the boundary layer due to wall

thermal boundary condition, including the effects of T,, on bypass transition.
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Appendix A

The CHT pre-processor

A.1 The CHT preprocessor

The CHT coupling strategy and the treatment of transition zones requires to extract
from the mesh additional connectivity information not available after execution of the
standard Hydra mesh preprocessing tools. The following sections describe the way
the implemented preprocessor manipulates the grid to map the CHT interface and
the transition region.

The pre-processor is designed to work only with 3D grids with hexahedral elements.

A.1.1 Generation of the CHT coupling connectivity

The workflow of the preprocessor is illustrated in Fig. A.1. Generation of the CHT

connectivity is achieved through the following steps:
1. Merging of solid and fluid grids in a single file

2. Identifying coincident nodes on the fluid and solid sides of the CHT boundaries

and linking them together

3. Marking CHT nodes as planar or corner
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Solid/Fluid Link CHT Mark nodes: Generate End
grids merging nodes Planar/Corner connectivity

Figure A.1: Workflow of the preprocessor for the generation of CHT coupling connectivity.

4. Generating connectivity information for temperature update in planar nodes
5. Generating connectivity information for temperature update in corner nodes

6. Generating connectivity information for heat flux/convective walls

Going through the details of each of the previously mentioned steps is superfluous,
the only step that will be described is the one relative to the mapping of corner and

planar nodes.

A.1.1.1 Identification of planar and corner nodes

Once all the nodes belonging to the CHT interface are marked the pre-processor
identifies, for each of them, whether it is a planar node or a corner node.

The process is completely automated and is based on both grid topology and the
type of boundary conditions applied. The situation is better explained with the help
of Fig. A.2. The figure represents boundary hexas belonging to the solid grid at the
CHT interface. The matching hexas on the fluid side of the CHT wall are not shown
for the sake of clarity. Nodes are tagged based on the number N of hexas that are
sharing the same node. Figure A.2 shows all the possible conditions with their relative
tag as corner or planar nodes.

The number of hexas adjacent to the node is, however, not sufficient to determine
whether a node should be tagged as a corner node or a planar node. Figure A.2 shows
that, in the case of N = 4 the node can belong to a corner or can be internal to a
planar surface.

Nodes with N =1 and N = 2 should normally be tagged as corner nodes, but must
be considered as planar nodes in case local 1D conduction is of interest (e.g. edges

and corners of the wall in the flat plate validation cases shown in Ch. 8).
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N=1 N=2 N=3
Planar/Corner PIana.r/Co.rner Corner

Corner Planar Corner

N=6 N=7
Corner Corner

Figure A.2: Wall planar and corner nodes mapping based on number of hexas sharing the
same node N. Red edges connect the relevant nodes used for wall temperature update in the
CHT solution.
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The pre-processor is designed to use information on both grid topology and the
boundaries types to distinguish between the various cases and categorize the nodes
accordingly. For each node then the relevant near-by nodes are identified (connected
by red edges in Fig. A.2) to update the wall temperature during CHT calculations
according to the update strategy described in Sec. 7.3.

For each planar node the pre-processor marks the near-wall nodes on both fluid and
solid side. For corner nodes all the nearby nodes lying on the wall are extracted. Such

nodes constitute the £; set of nodes in Eqn. (7.5).

A.1.2 Mapping of the transition region

The mapping of the transition region allows to tag the nodes belonging to the laminar
and transitional sub-domains as described in Sec. 7.5.1. The approach used consists
on using edge connectivity data to perform the mapping along grid lines, as one would
normally proceed with a structured mesh.

Particularly in each node a local frame of reference is built, allowing to identify a
local spanwise § and normal 7 direction.

The mapping algorithm used has been chosen as it is insensitive to mesh skewness
and curvature and requires minimum input from the user: a starting point P, the wall
interested by the boundary layer transition (transition wall in the following) and the
length and normal extension of laminar and transitional zone. The mapping process
will be described using Fig. A.3.

The process starts by looking at the closest node to point P situated on a corner
between the transition wall and another boundary (node 1 in Fig.A.3(a)).

Before moving to the next node in the spanwise direction (node 2), information on
local wall normal is used to tag all nodes along the 7 direction. The mapping proceeds
in the wall-normal direction by selecting, for each node, the near-by node that maxi-

mizes the dot product with the 77 unitary vector. The normal direction is updated in
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Figure A.3: Mapping of the transition region.
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each node based on the previous normal node mapped.

The approach used for mapping nodes in the normal direction is, however, quite
sensitive to the skewness of the grid. In skewed grids the use of the maximum dot
product as a mapping criterium can result in the code follow the wrong mapping
direction. Due to his skewness sensitivity this method has only been used to map
nodes along 7 as they are all confined in the boundary layer grid, where skewness is
normally controlled.

After mapping all the nodes along 7 the program moves to the next spanwise
node. The identification of the spanwise direction makes use of a different strategy
than the maximization of dot product.

For the first node the spanwise direction § is determined easily as only node 2 is not
on the edge of the transition wall. In a generic internal node N on the transition wall

(A.3(b)), the streamwise direction is determined as follows:

1. A plane passing by node N and with normal 7 is created. Streamwise vector
Z(N)—Z(N —1)
[Z(N) = Z(N = 1)

§= is projected on the plane such that:

is the projection of 5§ on the plane. A third vector w = @ x 7 allows to define a

local frame of reference for node N (Fig. A.3(b)).

2. The coordinates of all nodes connected to node N are projected on the 7 plane.

The 2D (u,w) space is now considered.

3. A further coordinate transformation from cartesian (u,w), to cylindrical (r, 6)

is performed. The angle # is measured from the direction Z(N)-v(N — 1).

4. Near-by nodes are ranked by growing values of theta. The third node (the first

being always, by definition of #, node N — 1) is selected as the next spanwise
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node N + 1(Fig. A.3(c)).

Using a local cylindrical coordinate system allows to avoid mapping problems due
to skewness. Once the mapping in the spanwise direction reaches the wall on the
other side from the starting point, the mapping advances in the streamwise direction.
The successive wall point N +1 is still taken as the third, in terms of growing values of
0 (Fig. A.3(d)). The used algorithm does not need a special treatment for advancing
in the streamwise direction or in the spanwise. Also the fact that the third node is
always selected for advancing in the streamwise direction has, as a consequence, the
fact that the position of the starting point P fully determines the streamwise direction
of the transition zone mapping (Fig. A.3(e)). This simplifies the inputs needed and

makes the mapping process much robust.
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